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Controlled Starting and Loading of Modern | 
Central Power Stations 


By F. W. KUEHN,' HAZLETON, PA. 


The paper outlines experiences in starting major central-sta- 
tion equipment of all vintages under controlled conditions, with 
emphasis on a new 160-mw, 1250-lb, 950-F, single-shell tandem- 
compound turbine. The influence of steam leads between tur- 
bine and boiler on turbine end steam temperatures; quenching 
of valve bowls; and relation between horizontal turbine-flange 
temperature differentials and permissible loading rates are ex- 
plained in detail. Use of steam from the first turbine stage for 
heating massive horizontal flange sections in the first to seventh- 
stage region of the high-pressure turbine as an operating routine, 
over a two-year period, to reduce loading time for starts from 
cold and after weekend shutdown, and to minimize flange dis- 
tortion, is discussed. Boiler-drum circulation difficulties and 
remedies, and some innovations in furnace tube-metal tempera- 
ture measurements are covered. 


PENNSYLVANIA Power & Light Company, since 1948, has added 
almost 900,000 kw of capability to the system in new modern 
equipment. During this same period, about 160,000 kw of small, 
thin-cylinder, easy-start equipment, with units ranging in size 
from 1000 to 15,000 kw have been taken out of service, most of it 
permanently. 

It was realized, in advance, that the removal from service of the 


older equipment eventually would require the frequent shutting 
down and starting up of some of the new, large, single-unit, high- 
pressure high-temperature turbines and boilers. The last two 


units, which were added to the system at Martins Creek in 1954 
and 1956, were designed accordingly in so far as possible to operate 
as peak-load units. Boiler and turbine of the first unit, for ex- 
ample, were provided with a thorough complement of instrumen- 
tation for measuring boiler-drum and turbine-metal temperatures 
during starts; special provisions were made for boiler-drum end 
circulation; combination radiant-convection superheating was 
chosen for the steam generator because of better steam-tempera- 
ture characteristic for starting conditions; and somewhat larger 
than ordinary boiler and steam-lead drains were provided in the 
interest of easier starting. 

Prior to placing the first of these new peak-load units into serv- 
ice, much valuable information was obtained from Consolidated 
Edison Company of New York through on-the-job study of its 
techniques. The material proved to be very helpful in preparing 
start procedures for our topping units and other new types. 

The intent of this paper is to discuss the operating problems 
which are encountered in the starting of modern central stations 
and their solutions as applied specifically to the types of equip- 
ment involved, while adhering to the basic principles which have 
been formulated and amended by designers and operators over the 
past few years; to point out needed changes in design; to empha- 


1 Plant Betterment Engineer, Pennsylvania Power and Light 
Company, Cedar and Buttonwood Streets, Hazleton, Pa. Mem. 
ASME. 

Contributed by the Power Division and presented at the ASME 
Power Conference, Allentown, Pa., October 21-23, 1957, of Tue 
AMERICAN Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, July 
31, 1957. Paper No. 57—PWR-7. 


size the importance of boiler-turbine steam leads in the starting 
operation; and to provide additional backup information con- 
cerning the thermal behavior of the large metal masses in modern 
turbines. 

The basic principles of controlled starting which were used in 
this study have been ably set down by several writers in recently 
published ASME papers and discussions and are respectfully 
acknowledged. They are outlined briefly herewith to round out 
the report since they provided the framework on which the pro- 
gram was built. 

1 Fire the boiler symmetrically so that distortion is kept to a 
minimum, 

2 Bring up saturated water temperature in boiler at a rate 
which will produce a metal-temperature difference in any part of 
the drum with respect to any other part not exceeding 100 F. 

3 Keep gas temperature around nondrainable superheater 
sections below point where damage to tubes or shortened life will 
result from overheating until sufficient flow of cooling steam is 
established. 

4 Have steam temperature going to turbine at least 50 to 100 
F above the front-end turbine-metal temperature before rolling. 

5 On starts from cold, begin the roll of turbine with steam at 
the lowest temperature and pressure possible. 

6 Do not exceed 150 F temperature differential across 
massive turbine valve chest and bow] sections. On modern high- 
pressure, single-shell turbines this corresponds to a uniform tem- 
perature rise (or drop) of 300 to 500 F per hr depending on the 
thickness of the sections involved. For thicker sections, the lower 
figure will apply. 

7 Load at a rate which will produce a temperature differential 
between inner and outer horizontal turbine-flange surfaces of 
single-shell machines not exceeding 250 F. This figure varies 
between different authorities from 200 to 300 F. Experience 
in this study has shown that 250 F is satisfactory, while 300 
F may produce distortion of flanges in single-shell machines. 

8 Control condenser vacuum during roll period and amount of 
load applied immediately after synchronizing the generator so 
that exhaust-end metal will cool at a rate not in excess of 500 F 
per hr. 


Principles of Controlled Start-Up 


While these principles are essentially the same for all units and 
it is hoped that the material presented here will be of help to 
those who are confronted with similar problems, it should be 
emphasized that the only way to establish correct starting proce- 
dures for any given unit is for the owner company to conduct a 
thorough investigation on that unit (boiler-leads-turbine-gerera- 
tor) using only the best instrumentation available. 


Sunbury No. 3 Unit—100 mw, 1250 psi, 950 F 


Some interesting facts were uncovered in regard to cooling of 
steam leads during unit shutdown in the course of the controlled- 
start study of this unit. 

Initial installation at Sunbury, consisting of four anthracite- 
burning boilers rated at 420,000 lb per hr each and two turbine- 
generators at 75 mw each, went into service in late 1949. No. 3 
boiler, which burns bituminous coal, and its turbine-generator, 
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SUNBURY S.E.STATION 
NO.1,2&3 UNITS 


MODIFIED HEADER SYSTEM 
MAIN STEAM PIPING 


BOKER 
NO.3 


Fig. 1 
valves 


Location of free blows with respect to No. 3 boiler nonreturn 


800,000 lb per hr and 100 mw, respectively, came on-the-line 
sarly in 1951. 

The three units operate at 1250 psi, 950-F throttle and are tied 
together on a modified header system, as shown in Fig. 1. 

There is some extra steam-producing capacity left in the four 
anthracite boilers above the full-load requirements of Units 1 and 
2. During off-peak periods, when the load for the three units is 
equal to or less than the capability of the four anthracite boilers, 
it is advantageous from a cost standpoint to take No. 3 boiler 
out of service while keeping No. 3 turbine-generator on-the-line. 

The problem then was to get No. 3 boiler off and on-the-line 
with minimum shutdown and fire-up costs and, more important, 
with a steam delivery temperature high enough to prevent ex- 
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cessive shrinkage of the turbine spindle as the boiler came on-the- 
line. 

To take the boiler off-the-line, the superheater-outlet drains 
are opened, the last coal burners are removed and purged in the 
normal manner, and air flow through the furnace is maintained 
for a few minutes until the drum pressure reaches a predetermined 
level, in this case, 250 psi under the lowest safety-valve popping 
pressure. The fans are then taken out of service, the outlet drains 
are closed, and the stem of the nonreturn valve is physically run 
down onto the valve piston to lock the valve in the closed posi- 
tion. In the case of a unit boiler-turbine system, the boiler is 
bottled and under pressure to the boiler-lead valves for weekend 
shutdowns, and to the turbine stop valves for overnight shut- 
downs. 

After the last torches are removed from the furnace, steam 
pressure in the bottled boiler increases slowly to a maximum 
just under popping pressure in about six hours as the residual 
heat in furnace and boiler soaks into the water, after which there 
is a slow pressure decay, Fig. 2. 

The pressure is not allowed to drop below 500 psi, however (40 
per cent of normal throttle pressure), both in the interest of fuel 
economy and boiler-drum temperature differentials, if the boiler 
is to go on-the-line within 72 hr after shutdown. If the scheduled 
shutdown is to be much over three days, it becomes economical 
to take the pressure off the boiler and fire-up from cold. The 
practice of holding boiler-drum pressure above 500 psig effec- 
tively removes the limitation placed on permissible rate of in- 
crease of saturated water temperature when firing up by the 
100-F criterion in drum differential, since saturation tempera- 
ture at 500 psi is 470 F and at 1450 psi (drum pressure at rated 
load), it is 593 F, a difference of only 123 F. Because of the 
time interval involved in going from the lower to the higher pres- 
sure, it is practically impossible to exceed 100 F differential 
regardless of the furnace heat input rate. 

By a series of trial fire-ups after weekend bottled shutdowns, 
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Fig. 2 Reducing temperature shock to running turbine as boiler comes on line; intermediate phase. 
Also shows method of conserving pressure during 30-hr bottle period without using fuel. 
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Fig. 3 Reducing temperature shock to running turbine as boiler comes on line; final phase. 
leads heated by venting down-stream of nonreturn valves. 


the steam temperature delivered by the boiler at superheater- 
outlet header as it came on-the-line was increased from 760 F on 
the first trial with a corresponding drop in steam temperature to 
No. 3 turbine throttle of 85 F, to 810 F with a drop in steam 
temperature to No. 3 turbine of only 50 F; the latter start 
being shown in Fig. 2. This was accomplished by reducing the 
drum-pressure level at which heavy firing with coal was begun 
on successive starts to a practical Minimum of about 700 psig— 
the lower the drum pressure at start of accelerated firing, the 
higher the delivered steam temperature was found to be as the 
nonreturn valve opened. As much of the load as possible also was 
transferred from Nos. 1 and 2 units to No. 3 unit shortly prior to 
time that No. 3 boiler came on line, in order to reduce the propor- 
tion of cooler No. 3 boiler steam going to No. 3 turbine and 
thereby lessen the drop in turbine temperature. 

The 50-F drop in steam temperature at the turbine still 
seemed to be too drastic considering the large quantity of steam 
coming from Nos. 1 and 2 boiler groups—620,000 Ib per hr at 950 
F four minutes after No. 3 boiler came on-the-line, contrasted with 
the small quantity coming from No. 3 boiler—120,000 lb per hr 
at 860 F. By simple calculation the temperature of the mixture 
at the turbine should have been about 935 F instead of the actual 
measured value of only 900 F. This seemed to indicate that the 
two parallel sections of steam leads between the nonreturn valves 
of No. 3 boiler and No. 3 unit manifold, Fig. 1, were cooling down 
considerably during the boiler shutdown even though they were 
open and under pressure from unit No. 2 system up to No. 3 
boiler nonreturn valves. 

A thermocouple was peened into one of No. 3 boiler steam leads 
just downstream of the nonreturn valve and a convenient 1-in. 
free-blow valve, prior to the next trial start. Some cooling was 
expected, to be sure, but no one was prepared to see the tempera- 
ture drop down to the saturation point and lower, as it was found 
to be after a 30-hr shutdown of the boiler, in a lead which was 
open to 950 F steam. The two leads from the nonreturn valves 


Steam 


to No. 3 turbine manifold were some 225 ft long, the nemo : 
valves were considerably higher than the manifold and the leads 
were pitched to the manifold which should have made them self- 
draining. Pipe insulation was up to normally accepted standards 
for central-station application. 

On succeeding starts, the leads were heated to equal ‘‘on-line”’ 
boiler steam temperature in the 850 F region by using steam from 
the manifold flowing in the reverse direction and venting through 
the free-blow connections near the closed boiler nonreturn valves 
during the boiler fire-up. This practice produced a drop of only 
20 F in steam temperature at turbine throttle valves as the 
boiler came on line, Fig. 3, which was entirely satisfactory so far 
as turbine-spindle differential movement was concerned. The 
unit has been started up repeatedly using this procedure without 
any signs of distress, 


Martins Creek No. 1 Unit—132.5 mw, 1250 psi, 950 F 


The major portion of the paper is taken up with discussion of 
the controlled starting study on this unit which was begun just a 
few weeks after initial operation. 

This plant is of the semi-outdoor design, Fig. 4. 

Boiler is by Foster Wheeler, 1,200,000 Ibs per hr continuous 
rating with divided wall, horizontally fired furnace, and combina- 
tion radiant-convection superheater. Twelve intervane-type 
burners, arranged in two horizontal tiers of six burners each, 
intersect the front wall, which is occupied entirely by the radiant 
superheater, Fig. 5. Each row of eix burners is served by one mill 
and two exhauster fans. The convection superheater is draina- 
ble. Flow of steam from drum is through the superheat-control 
condenser, to downtake tubes of radiant superheater, to radi- 
ant-superheater intermediate headers, to uptake tubes of radiant 
superheater, to drainable convection superheater, which is made 
up of two sections in series, to superheater-outlet headers, and 
finally to the two boiler-lead valves. Each of two radiant- 
superheater intermediate headers is provided with 1-in. drains 
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Fig. 4 Martins Creek Steam Electric Station, outdoor design showing exposed length of two main 
steam leads from rear of boiler to mill room 
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Fig. 5 Martins Creek No. 1 Boiler. Steam path from drum to outlet header. 


aren 
INTERMEDIATE HEADER 


located toward the middle of the boiler front wall in each header, | mixing-chamber section and a pair of 1-in. drains before the seats 


and the two convection superheater-outlet headers are provided of the turbine stop valves. These drains proved to be inadequate 
with extra large 2'/,-in. drains, Fig. 6. for starts from overnight shutdown and had to be enlarged as the 
Steam leads originally were equipped with a I-in. drain at the program developed. 
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Fig. 6 Changes made to original turbine end lead drains to speed up heating of steam leads on 


overnight starts 


Fig. 7 Martins Creek No. 1 turbine. Sectional view showing massive valve chests, bowl, and pack- 


ing-hub sections. 


The high-pressure section of the turbine is of single-shell con- 
struction, equipped with top and bottom steam chests, four 
control or governing valves in each chest. Steam from the stop 
valves enters both ends of the steam chests, Fig. 7. Each turbine 
stop valve is equipped with a small bypass or pilot. Neither main 
valve nor bypass valve can be controlled or held in a part-open 
position for starting like the throttle valve and bypass combina- 
tion on some designs. This means that the governing valves 
must open successively as the machine is rolled and loaded to 
accomplish the necessary throttling, and the walls between adja- 
cent valve bowls in the massive front end of the turbine may be 
subjected to severe temperature differentials with improper 
operation. 

Upward of 40 thermocouples were imbedded into critical tur- 
bine sections at the factory initially through co-operation of 


General Electric Company, and some 23 thermocouples were in- 
stalled in the boiler drum, with the help of Foster Wheeler Corpo- 
ration, along with many miscellaneous elements in the radiant 
superheater tubes adjacent to burners in the furnace and in 
some tubes near convection superheater headers, extended- 
surface headers, and so on, Figs. 22 and 23. aie 


Development of Starting Procedures 


Starts From Overnight Shutdown. Most of the early runs were 
taken up in trying to devise means of firing with coal prior to 
rolling the turbine in order to obtain a satisfactory margin of 
steam temperature at stop valves over turbine inner valve-chest 
temperatures at roll time without causing overheating of the 
radiant-superheater tubes in front furnace walls adjacent to the 
burners. Thermocouples had been peened into the two tubes 


BOWER BLOW DOWN TANK 1 — 


with the greatest exposure to flame on either side of each burner. 

An arbitrary top metal-temperature limit of 1100 F on these 
tubes was used as a guide in firing. 

The minimum heat input to the furnace per burner recom- 
mended by the manufacturer to avoid coking and burner damage 
was fairly high, for radiant superheater-metal temperature con- 
siderations during start-up, at 45 million Btu per hr. Expressed 
in terms of firing rate, this represented a coal flow corresponding 
to 1.8 in. of water-pressure drop (classifier differential) across the 
mill classifier in the coal-primary air mixture as it passed from one 
end of the mill through classifier to exhauster fan when the latter 

_ was serving its full complement of three burners. 

On the first few starts, in order to maintain firing symmetry on 
both sides of the furnace division wall, only one burner of three 
per exhauster fan was used. This arrangement did not work too 
well because of poor control characteristic of mill primary-air 
damper in the almost closed position when supplying only two of 
possible six burners at very light coal-air flows. 

The next step was to go to 2-burner operation per exhauster 
(rather than 3) both in the interest of symmetrical firing in the 
two furnaces and to reconcile the high minimum permissible firing 

rate (45 million Btu per burner per hr) with the small boiler and 

lead-venting facilities available. Using the manufacturer’s 

recommended minimum of 1.8 in. classifier differential with two 

‘burners per exhauster during the preroll-heating period un- 

happily ran the radiant superheater-tube metal temperature to 
prohibitive levels above 1100 F. 

The only practical alternative at the time seemed to be to 
forego the preroll steam-temperature-raising operation and to 
roll the turbine either coincidentally with, or before introducing 

coal to the fire. 

The next few overnight starts then were necessarily made with 
‘steam temperature entering the turbine at start of roll some 100 

-F cooler than the front-end turbine metal. Roll periods were 
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progressively reduced from one hour to 20 min and loading rates 
were raised from 1 mw per min to 2 mw per min. Conforming to 
accepted practice prevailing at the time, a substantial load was 
applied to the generator immediately after synchronizing. 

Fig. 8 shows data from one of the early controlled starts from 
overnight shutdown and illustrates the disadvantages of starting 
with low steam temperature and high initial load followed by fast 
loading. Initial load application was 18 mw, after which the load 
was raised at about 2.7 mw per min for the next 14 min to 58 mw. 
The thinking in controlling rate of steam-temperature rise at the 
turbine on this start was that application of a large load initially 
and fast loading would cause a larger quantity of steam to pass 
through the radiant-convection superheater, which should result 
in less heat absorption per unit weight of saturated steam passing 
toward the turbine and keep the turbine steam-temperature-rise 
rate at a minimum. 

This thinking was essentially correct for behavior of the steam 
at superheater outlet, but wrong for its action at the turbine end 
since it neglected the inertial or cushioning effect of the compara- 
tively cool piping between boiler and turbine. Steam tempera- 
ture at turbine stop valves increased at a rate of 1080 F per 
hour during the initial 14-min loading period and inner first 
valve-bowl temperature increased at 1290 F per hr during the 
same period, both of which were far in excess of the recom- 
mended 500 F per hr maximum metal-temperature rate of 
change. In addition, there was a sharp reversal of temperature 
differential (and stress) across the first valve-bow! section from 
about 200 F outer surface over inner surface shortly before 
synchronizing to 163 F inner surface over outer surface a 
short time later. It became obvious for a given difference in 
steam temperature between superheater outlet and turbine stop 
valves at the moment the generator was synchronized, and with 
steam leads at temperatures below steam temperature at either 
point—a normal condition after an overnight shutdown—that 
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the spread between superheater-outlet and stop-valve steam tem- 
peratures decreased directly with rate of load pickup or steam 
flow pickup because of the higher rate at which the leads ab- 
sorbed heat at the higher flow rates. 

When enough information had been collected to understand the 
combined effects of the boiler steam-temperature characteristics 
and the cool-steam leads on steam temperature at turbine stop 
valves, it was realized that the most effective method of control- 
ling steam and turbine metal-temperature-rise rates was (a) to 
apply as little load as possible to the generator initially, while 
keeping the firing rate fairly constant; (b) to hold this load for a 
short soak period while the steam leads (initially close to satura- 
tion temperature) were absorbing heat; and (c) to start increas- 
ing the load and firing rate parabolically with time to a maximum 
rate governed by behavior of later valve-bowl temperatures, as 
soon as the rate of temperature increase of the most critical tur- 
bine front-end area started to fall below the desired rate. In this 
case, the critical areas at the end of the soak period were the first 
and second valve bowls. 

Application of the lowest practical load to the generator im- 
mediately after synchronizing and holding for a short soak period 
had the added advantage of reducing the cooling shock to the 
turbine-exhaust-end components. 

Radial cracks, which recently were found in the outer last- 
stage diaphragm rings of one of the Sunbury 75-mw, 1250-psi, 
950-F base-load units, are believed to be the result of excessively 
fast exhaust end cooling brought about by large initial load ap- 
plication during the few starts that were made over the past eight 
years, combined with insufficient rolling vacuum because of 
undersized condenser-hogging equipment. 

The difficulty in excessive radiant tube-metal temperature was 
largely overcome when it was realized that the minimum classifier 
differential of 1.8 in. water recommended by the boiler manu- 
facturer to avoid coking of burners applied only when using 
three coal burners per exhauster. With two burners per ex- 


hauster, it was found by calculation that the classifier differential 
could be lowered to 1.3 in. without reducing coal and primary-air 
flow through burners to a point where coal fall-out would induce 
burner coking. This cleared the way for effective firing with coal 
before rolling the turbine to bring about proper relation between 
steam and front-end turbine-metal temperatures. Although the 
threat of overheated radiant-superheater tubes was never dis- 
pelled completely, both units are being started regularly as re- 
quired after weekend and overnight shutdowns and without 
difficulty. 

The boiler manufacturer has since changed the design of front- 
wall radiant-superheater units by replacing the first superheater 
tube or two adjacent to burners with waterwall tubes. 

Fig. 9 shows a start which embodies the principles just out- 
lined and which, in general, determined the pattern for future 
starts. Burner problems had been quite well solved at this time 
because of permissible reduction of classifier differential to 1.3 in. 
water when using two burners per exhauster as indicated by 
moderate temperatures of radiant-superheater-tube metal during 
the preroll firing period. Drain facilities at the turbine end of the 
leads still consisted of only the original three 1-in. drains and 
obviously were inadequate for optimum heating of the steam 
leads at roll time. 

Steam temperature at boiler lead valves at start of fire-up was 
only slightly above saturation, and started to increase almost im- 
mediately after light-off with before seat stop-valve and mixing- 
chamber drains opened wide. Steam temperature ahead of tur- 
bine stop valves at the same time, on the other hand, was much 
higher because of greater heat retention in the massive stop 
valves nearby. 

As these data show, the concern which is felt in some circles re- 
garding presence of water at closed stop-valve seats when under 
pressure from the boiler during normal overnight shutdown is un- 
founded. Saturation temperatures at stop valves are not reached 
until about 14 hr after the turbine is shut down on this unit. 
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soak period at 4.5 per cent capability on steam and turbine-metal temperature 
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As soon as flow through the cool leads to the turbine-end drains 


_was established, temperature of steam at the turbine stops began 

to drop and leveled off after a few minutes at about 100 F 
above saturation. A long wait followed, during which coal and 
igniting oil were fired to the furnace symmetrically through four 
burners at minimum firing rates to raise steam temperature at the 
boiler, but primarily to heat the leads and get steam temperature 
to proper levels at the turbine. Firing rates were still limited by 

allowable radiant superheater-tube metal temperatures for the 
steam flows possible through two 2!/.-in. superheater-outlet 
drains and three l-in. turbine-end drains. 

On this run, it took about 90 min of preroll firing to barely 
match the steam temperature ahead of stop valves with inner 
- surface temperature of turbine steam chest and first valve bowl. 

Quenching of Valve Bowls. Still referring to Fig. 9, it will be 
noted that as soon as the stop valves were opened some 4 min 
before rolling the turbine (with the governing valves closed) the 
inner surface of the first valve bowl began to cool down very 
rapidly because of the throttling of steam through the first con- 
trol or governing valve which, although closed, was actually pass- 
ing steam. It must be remembered that the control valves are 
not shut-off valves and, therefore, do not effectively seal off bowls 
from chests when in closed position. This tendency is actually 
beneficial in the case of the later valve bowls. Cooling continued 
after the turbine was rolled until sufficient steam was passing 
through the valve bowl to bring the turbine speed to about 600 
rpm. At this point, the rate slowed down perceptibly but the 
cooling continued until a minimum metal temperature of about 
630 F was reached. 

Curiously enough, for isenthalpic or complete throttling ex- 
pansion at that particular moment in the roll cycle from actual 
steam conditions ahead of the first control valve of 1165 psi and 
768 F, to 10 psia (assumed) in the valve-bow! cavity after the 

first control valve, final steam temperature would have had to 
be about 653 F or 23 F above the temperature to which the 


inner valve-bowl surface was actually quenched. 


On weekend starts during the steam-chest heating period just 
prior to roll, dips in temperature of inner first valve bow] as much 
as 145 F below final steam temperatures to be expected from com- 

_ pleted throttling expansion to 10 psia, were experienced, Fig. 17. 
This severe quenching of the first valve bow] during the time 
w hen the first control valve is either cracked or fully closed then 
seems to indicate an incompleted throttling action in which the 
_ valve bowl or plenum after the valve is not surfeited with steam, 
and there is not enough turbulence produced to convert the kinetic 
energy of the high-velocity steam resulting from nearly isentropic 
~ expansion back to heat energy to regain original enthalpy levels. 

The sharp dip in inner first valve-bowl temperature and sub- 
sequent reversal of temperature gradient across the first valve 
bowl to outer surface and to inner surface of adjacent valve bow] 
as load is applied imposes a limitation on loading rates, since this 
metal must be raised from a lower level than that of the other front- 
end sections. 

On the start shown from overnight shutdown, Fig. 9, it was 
necessary to hold the load at 7 mw (4.5 per cent capability) for 15 
min while the inner first valve-bowl temperature was rising at 
close to maximum permissible rate before it was possible to apply 
more load. On subsequent runs when quenching of the first valve 
bowl was largely eliminated, it was possible to reduce the soak 
period to five minutes and reach full load some 72 min after syn- 
chronizing, still staying within maximum permissible metal- 
temperature-rise rate, as will be explained later. 

Two methods of minimizing the dip in valve-bowl tempera- 
tures of a hot machine after a short overnight shutdown suggest 
themselves. The first involves bringing the machine up to full 
speed in a very short time, possibly in five minutes or less, in order 
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to fill up the bow] plenum quickly after the control valve, and move 
a greater portion of the expansion zone over to the main nozzles. 
Temperature and differential-expansion considerations should not 
present barriers to the idea so long as temperatures are matched 
at start of roll; but there would be a disadvantage in the shorter 
time allowed the operator to check the unit while it is coming up 
to speed and also possibly because of exhaust end heating compli- 
cations. For these reasons and because of possible cries of 
heresy, this procedure was not tried. 

The second and standard method, of course, is to have a healthy 
margin of steam temperature at stop valves over front-end tur- 
bine-metal temperature before rolling turbine so that the dip in 
steam temperature as it passes through the control valve will de- 
press the inner valve-bow! surface temperature only a minimum 
amount. On this unit it was found that a margin of 130 F 
steam over metal temperature depressed the inner first valve- 
bow] surface only about 10 F and a margin of 75 F dropped it 45 F 
for a 20-min turbine roll in both cases. 

Fig. 10 illustrates the second case, which was adopted as 
standard procedure for the subject units. The hold period re- 
quired at 7 mw was only five minutes as compared with 15 min 
for the run shown in Fig. 9 where steam and metal temperatures 
were just matched. Moreover, for inner-bowl temperature-rise 
rates of about 325 F per hr in both cases and the same over-all 
loading rate, the temperature differential from inner to outer 
surface of first valve bowl for the case where temperatures at 
roll time were matched was 115 F as against only 100 F where 
the steam over metal margins were maintained. Although the 
difference in temperature differential between the two cases 
cited seems rather small, it is felt that any procedure which will 
reduce thermal stresses in the heavy, irregular-shaped front-end 
turbine sections, however small, and which will allow reasonably 
fast load application, is worth consideration. 

Turbine-End Steam-Lead Drains. Referring to Fig. 9, it re- 
quired some 90 min of preroll firing as explained previously to 
just match steam temperatures ahead of stop valves with that of 
turbine-metal temperature after an overnight shutdown when 
using only the three existing 1-in. drains at the turbine end of the 
leads. This resulted in a waste of both condensate and fuel, since 
the 2'/:-in. superheater-outlet drain had to be kept open blowing 
to atmosphere throughout the period in order to produce enough 
additional flow for proper cooling of the radiant superheater, while 
the small turbine-end drains were used primarily to heat the steam 
leads between boiler and turbine. 

It was obvious from the results obtained thus far that larger 
turbine-end steam-lead drains would have to be provided, not 
only to get the steam temperature at turbine to the right point in 
less time, but also to permit safer starting by allowing more cool- 
ing-steam flow through the radiant superheater. A convenient 4- 
in. stub in the steam-lead mixing chamber located about 40 ft 
upstream from the turbine stop valves was utilized to provide a 
4-in. drain into the lead at this point and the before seat turbine 
stop-valve drains were enlarged from 1 to 1'/2 in. except for the 
short nipples at the stop valves which could not be changed 
readily, Fig. 6, present facilities. 

Table 1 lists metered flows through the 4-in. mixing-chamber 
drain line along with related data for a typical routine start from 
overnight shutdown, which it is thought may be of value to others 
in the industry. The inner drain valve or the one closer to the 
steam lead was fully opened and the outer valve was used to con- 
trol drain flow. Opening of the outer valve is shown in number of 
turns open from the closed position, 11 turns being required to 
open it completely. Impact tube was located in the drain line 
between the inner and outer valves. 

Turbine was rolled at 6:50 a.m. and synchronized on line at 
7:10 a.m. Note how steam temperature at turbine lagged be- 
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Fig. 10 Effect of large turbine end lead drains on turbine-end steam temperature and preroll firing 


time 


Table 1 
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hind that in the drain line at the impact tube until after the gen- 
erator was carrying load, except for short initial period when 
residual heat in the massive turbine stop valves affected turbine- 
end lead temperatures, because of heat absorption in the boiler- 
turbine leads. Note also the tremendous difference in flows re- 
sulting from changes in valve setting near the closed position. 

In the final development stages of the overnight starts, flows 
through the new large drains for heating steam leads and es- 
tablishing proper steam-to-turbine metal-temperature relation 
were regulated reasonably close to the specified 100,000 Ib per hr 
rating of the silencer. A 60-min preroll firing period under op- 
timum firing conditions produced a margin of steam over turbine 
front-end metal temperature of about 75 F at time of roll, 
Fig. 10. Compare longer preroll firing time necessary and slow 
temperature response when using the original drains, Fig. 9. A 
slight dip in inner first valve-bowl temperature was accepted as a 
compromise instead of resorting to heavier blowing and/or 
longer preroll firing both in the interest of good public relations 
and safety to personnel and equipment. 
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While this relatively inexpensive means of attaining proper 
steam-temperature conditions at start of roll as installed left 
much to be desired when compared with the bypass line-heat ex- 
changer combination which returns the blown condensate to the 
cycle via the condenser hotwell, its chief drawback of limited 
capacity can be remedied by doubling the blowdown tank, vent- 
stack, and silencer facilities. There is no real problem in making 
up the blown condensate. Before putting large amounts of drain 
flows through blowdown tank, silencer, and vent, the capacity o 
the silencer and water separator or steam dome at the top of the 
stack should be investigated. 


Overnight Starts—Miscellany 


Several practices, discoveries, or modes of operation which pre- 
sented themselves as the controlled-start program developed, are 
mentioned here as a matter of general interest. 

Warming Turbine-Valve Chests. As the program developed 
and steam temperatures were finally brought to desired levels 
above turbine steam-chest temperatures, the question of actual 
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need for preheating steam chests for starts after overnight shut- 
down, prior to rolling turbine by repeated opening and tripping 
of the turbine stop valves presented itself. Daily pounding of 
these heavy valves it was felt could only lead to expensive main- 
tenance, unnecessary heating of the turbine-exhaust components, 
waste of fuel, and bottling difficulties. 

Accordingly, several starts were made without heating the 
chests, using progressively higher steam temperatures. Fig. 11 
shows plotted data from one of them in which the steam tem- 
perature at stop valves, inner steam-chest surface, and outer 

_steam-chest surface temperatures just before rolling the turbine 
were 768 F, 725 F, and 705 F, respectively. When the stop valves 
were opened to roll the turbine there was an upward jog in 
the inner-chest surface temperature of only 7 F followed by a 
slow steady rise of something under 200 F per hr. From 
these tests, it was evident that no worth-while gains could be 
realized from chest preheating on overnight starts and the prac- 
tice was discontinued for temperature margins under 100 F. 

Influence of Later Valve-Bowl Considerations on Permissible 
Loading Rate. The characteristic quenching action of steam on 
the first and second valve bowls as it expands through the cor- 
responding partly opened control valves during the preheating 
and rolling periods has been discussed, along with related tem- 
perature and thermal-stress reversal and possible methods of 
ameliorating its harmful effects. 

Behavior of the valve-bowl temperatures after the remaining 
control valves also must be taken into account in determining 
permissible loading rates. During the early loading stages, the 
expansion zone moves downstream from the first and second con- 
trol valves to the main nozzles under those valves. The second 
valve on this unit begins to open when the first valve has attained 
10 per cent of full lift. 

Steam temperature at exhaust tips of main nozzles drops con- 
siderably as evidenced by a decrease of almost 100 F in the 
first-stage-shell inner-surface temperature, Fig. 11. If this cool 


TRANSACTIONS OF THE ASME 


steam in the first stage can gain access to the idle valve bowls 
under the closed valves, assuming there is no leakage past the 
valves, the valve bowls will be cooled rather than heated. If, on 
the other hand, there is leakage through the closed valves which 
seems more likely to be the case, in view of the preroll expansion 
which is known to exist through the first control valve, there also 
will be cooling of the idle valve bowls because of nearly isentropic 
expansion of the leaking steam. 

Whichever is the case, the plots of both 6th and 8th valve-bow! 
metal temperatures indicate that a drop in inner valve-bow] sur- 
face temperature actually does take place, and that the minimum 
temperatures in both bowls is reached about 15 min after the 
generator is synchronized. 
and with the generator carrying 46-mw load (132.5 mw name- 
plate) the 6th and 8th valve-bowl temperatures were still 4 and 
19 F, respectively, under the original levels at light-off in the 
700 F region. At this point, steam temperature at stop valves 
was over 900 F, some 200 F higher than the 6th and 8th valve- 
bowl temperatures. 

It becomes evident then that caution must be observed in the 
rate of load pickup, even from load levels as high as 35 per cent of 
name plate. In this case, a loading rate of just under 3 mw 
per min produced a metal temperature-rise rate of 480 F per 
hour in the 6th valve bowl and 285 F per hr in the 8th valve 
bowl. In general then, 3 mw per min should be considered as 
the top loading rate on a machine of this type and size for an 
overnight start. 

For weekend and cold starts the loading rates would have to be | 
correspondingly lower. 

One of the devices which was used to good effect in lessening 
the severity of the temperature shock on the later valve bowls 
while allowing a more rapid load pickup, was purposely to hold 
down the boiler steam pressures so that as many turbine control 
valves as possible were opened before steam temperature at 
stop valves reached rated levels. In practice, all of the control 
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valves are usually completely opened when load is in the 80 to 
110-mw range on the 160-mw (rated capability) subject unit. 
The remainder of the load pickup is then accomplished by in- 
creasing pressure to normal values with all control valves open. 
With this mode of operation it is of course not possible to switch 
to master automatic control for systems working on steam pres- 
sure as master impulse and it becomes necessary for operators to 
control firing rates as well as load manually. 

Valve Sequence. Arrangement of control valves with reSpect 
to opening sequence, in some cases, may make the task of averting 
excessive thermal stresses in the massive transition sections be- 
tween the valve chest and cylinder extremely difficult, if not im- 
possible, during starting operations. In the case of the subject 
unit, for example, referring to the valve-sequence sketch in Fig. 
11, No. 8 valve, which is the last one on the bottom chest to 
open, is placed next to No. 2 valve, the first one to open. Al- 
though no thermocouple was installed in the second valve bowl, 
the temperature existing there at any moment in the loading 
period above 45-mw load may be safely assumed for purpose of 
discussion to have been about equal to those existing in the first 
valve bowl, since the first two valves are fully open at this point. 

Approximately 35 min after going on line with load at 47 mw, 
metal temperature midway through the wall of the 8th valve bow! 
(about 1'/2 in. from the inner surface) was 681 F and temperature 
of the inner surface of the second valve bowl was 862 F, or a 
difference of 181 F. The inner surface of the 8th valve bowl 
moreover may be presumed to have been cooler than the 681 F 
measured midway through the bowl-wall section because it was 
either exposed to first-stage steam which averaged less than the 
629 F measured inner first-stage shell temperature for the pre- 
vious half hour, or it was cooled by the steam expanding isen- 
tropically through the closed 8th control valve, as explained 
previously. It is safe to say then that there must have been a 
maximum temperature differential in excess of 185 F existing 
across the wall between the 2nd and 8th valve bowls under the 
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valves where they are tangent, in the very heavy section over the 
packing hub, and in the nozzle bridges where much of the crack- 
ing recently experienced in the industry is taking place. The 
manufacturer’s recommendation for maximum temperature dif- 
ferential it will be remembered is 150 F which is 35 F lower 
than the figure attained on this unit with very conservative load- 
ing rates. 

This is a matter that cannot be wholly remedied in operation 
no matter how conservative the loading rates are made, although 
bringing the unit on with lower steam pressures is helpful to a 
degree. The real need is for a change in design which will sepa- 
rate hot and cold valve bowls, or better still, one which provides 
a throttling device upstream of the turbine that will cause all 
control valves to open and heat front-end turbine cavities evenly 
during the entire start-up process. 


Starts From Cold and Weekend Shutdowns 


Many problems were encountered in starting from cold in addi- 
tion to the ubiquitous one of firing the boiler satisfactorily with 
coal before rolling the turbine. Among these were boiler-drum 
circulation, warming of turbine-valve chests, and turbine hori- 
zontal-flange limitations on loading. 

Warming Turbine-Valve Chests. On the cold start shown in Fig. 
12 the valve chests were heated in the conventional manner by 
opening and tripping the main stop valves, starting about 45 
min before rolling the turbine after the boiler-drum pressure was 
up to the 300-psi level needed to actuate the condenser-hogging 
equipment. The inner-chest metal temperature rose almost in- 
stantly from 90 to 380 F at a rate of about 6000 F per hr. 

On the next cold start, Fig. 13, in order to eliminate some of the 
temperature shock, the stop valves were opened and tripped at 
regular intervals starting as soon as a slight amount of pressure 
was built up in the steam leads ‘and the steam was slightly super- 
heated. The valves were opened for the usual second or two, 
then tripped and the condensed water was drained through the 
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Fig. 13 Temperature shock to valve chests reduced by early heating, when steam pressure and tem- 


perature are low. 


after-seat stop-valve drains every 15 min as the pressure was build- 
ing up for the entire five hours before rolling the turbine. 

This performed a fairly good job of valve-chest heating but 
still imposed a mild temperature shock at the moment the tur- 
bine was rolled. The practice also was objectionable because of 
certain valve maintenance and overheating of turbine-exhaust 
ends during shutdown periods, which was sure to follow as a re- 
sult of repeated pounding imposed on the valve seats. 

Some talks were had with the turbine manufacturer on the 
possibility of installing a drain connection at the low mid-point of 
each of the chests. The stop valves could then be opened at the 
start of the cold fire-up and the steam flow through the valve 
chests to chest drains through the open stop valves would be 
controlled by the warm-ups or bypasses around the boiler lead 
valves with the latter closed until just prior to rolling the tur- 
bine. This would result in slow, uniform heating of the entire 
heavy chest and bowl portions of the high-pressure casing. The 
manufacturer demurred because of the objectionable field weld- 
ing required on the valve chests to get the connections made. 

They suggested instead an alternate method of heating the 
chests to eliminate banging of the main stop-valve seats, which 
involved (a) partially opening the governing valves as soon as 
vacuum was established, (b) operating the stop-valve controls 
to open only the stop-valve pilots with the stop valve after seat 
drains open, and (c) tripping the stop-valve pilots just before 
pressure in the chests had built up to the point where the main 
valves would open. The procedure would be repeated as often 
as necessary to accomplish the heating desired. The idea did not 
hold much operating appeal because of the possibility of the main 
stops opening suddenly with an existing upstream pressure of 
300 to 600 psi to send an avalanche of energy into the turbine 
while it was on the turning gear. 

It was tried once, however, for a start after a one-day shutdown 
with boiler cold in a much emasculated form; i.e., with the govern- 
ing valves closed. The stop-valve controls on this trial, Table 2, 


Six hours required to load unit without flange heating. Cold start. 


were put into the reset position in order to open the pilots, 29 
min before rolling the turbine at 4:36.a.m. Pressure in the chests 
rose slowly to 250 psi (boiler-drum pressure 550 psi) in about 10 
sec on the first try, with the stop valve after seat drains open and 
then rose so rapidly from that point owing to downstream pres- 
sure assist that the main stops lifted before the valve control 
could be tripped. The stop valves were tripped by hand im- 
mediately. After investigating to see that there were no ob- 
structions, such as closed valves, to impede the free flow of steam 
from the after seat drains to the condenser, the stop-valve con- 
trols were again reset to open the pilots at 4:51 a.m. 

Pressure in the steam chests rose slowly to 250 psi as before 
with the after seat stop-valve drains open. At the instant its 
rate of rise changed, the control was tripped. This closed the 
stop-valve pilots. Absence of panel-light indication and charac- 
teristic heavy bang, which takes place when the main stops trip, 
were sufficient evidence that the main stop valves had not opened 
on this try. The procedure was then successfully repeated several 
times without opening the main stops. As Table 2 shows, how- 
ever, it was not only ineffective in heating the chests, but there is a 
suspicion that it actually tended to cool them because of the 
steam expansion through the pilots since the drop in chest tem- 
perature during the operation was greater than that due to 
natural cooling. 

When it became evident that the chests were not being heated 
by use of the stop-valve pilots alone, the main stops were opened 
and tripped twice shortly before rolling the turbine. 

The record is extended beyond the time of rolling the turbine 
to show by the very gradual rise in inner-chest temperature during 
roll and early loading periods that it was really unnecessary to 
preheat the valve chests in this case where, without preheat- 
ing, the temperature would have been some 130 F above the 
chest-metal temperature at roll time. At the time the run was 
made, however, the action was not too well understood and 
standard starting procedures were used in this respect. 
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Finally, after giving the problem more thought, the idea of 
opening the main stops early in the start procedure and leaving 
them open through the entire start was hit upon—to allow free 
flow of steam from the boiler drum right up to the turbine govern- 
ing valves. Actually on cold starts, the stop valves and boiler 
lead valves were opened before lighting off the boiler—with the 
before and after seat stop-valve drains open a turn or two to drain 
off the condensed water as it formed, Fig. 14. This represents the 
finished cold start as now used in operation, except in cases where 
the generator field must be preheated. On weekend starts, the 
boiler lead valves were left closed until pressure was equalized 
around the lead valves by means of the lead-valve warm-ups and 
some superheat was showing at the stop valves. 

This scheme worked fine for heating turbine valve chests but 
produced some unwelcome heating of the low-pressure turbine 
shell as the turbine approached full speed. Curiously enough, 
the overheating was corrected to the point where exhaust metal 
temperatures just before synchronizing generator on-the-line 
were reduced to around 100 F by the simple device of closing 
the main stop valves about 35 min before rolling for the cold start, 
and 7 min before rolling on the weekend start. This one closing 
operation of the main stops per weekend or cold start was not 
considered excessive in view of the benefits gained in the form of 
reduced cooling-temperature shock to exhaust-end components 
as load was applied, and was, therefore, adopted as standard 
practice. 

There does not seem to be any plausible explanation for the in- 
fluence which the operation of the stop valves prior to roll had 
on turbine-exhaust metal temperature when at governor speed, 
unless it would be in the small amount of heat that is carried to 
the condenser through the stop-valve after-seat drains which on 
this unit are piped to the condenser hot well. The facts are simply 
(a) that the practice of opening the turbine stop valves a long 
while before rolling the turbine raised the exhaust metal tem- 
peratures when at full speed from the customary 175 to 200 F 


Three hours required to load unii with flange heating. Cold start. 


Table 2 Attempt to warm valve chests with stop-valve pilots i 
Temp of steam Temp inner 
; in leads ahead surface upper 
Time, of turbine stop valve chest, 
a.m. valves, deg deg F 
4:36.0 548 462 


Operating log remarks 

Open stop-valve pilots with 
after seat drains open 
wide at 4:36 a.m. Sto 
valves also opened. 
Trip immediately by 
hand. 

Open and trip stop-valve 
pilots with after seat 
drains open wide at 4:51 
a.m. Stop valves did not 
open. 

Ditto at 4:52 a.m. 

Ditto at 4:53 a.m. © 
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and over, (b) that because of this, as a trial measure, the stop 
valves were closed a few minutes before rolling the turbine after 
having beén opened for an extended period to heat the valve 
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‘ 
chests, and (c) that the exhaust metal temperature when this was 
done was down around 100 F a few minutes before synchronizing. 
Vacuum conditions at time of roll, at sealing speed, and at full 
speed were substantially the same in all cases. 

Evolution of valve-chest heating techniques on cold starts 
may be studied by comparing Figs. 12, 13, and 14. The last one 
which represents present practice indicates maximum rates of 
temperature change well within the 500 F per hr limit recom- 
mended by the turbine manufacturer, at 315 F per hr during the 
first hour of load application and 120 F per hr during the preroll 
and roll periods. These changes are in sharp contrast to the 
6000 F per hr experienced with commonly accepted methods of 
cold starting. 

It should be pointed out that the temperature shock to valve 
chests shown in Fig. 12 could have been reduced appreciably if 
the installation had been provided with dry-vacuum pumps in- 
stead of steam-actuated air-scavenging equipment. Vacuum 
could then have been established at will, irrespective of the 
boiler steam pressure, and the turbine possibly could have been 
rolled with 275-F steam instead of the 430-F steam actually 
used, because of air-extractor requirements. Steam ties from a 
second “in-service’’ unit to supply the steam-actuated hogging 
equipment of the oncoming unit also would accomplish the same 
thing. Ties for this purpose were installed at Martins Creek 
shortly after the second unit went into service. 

Heating of Horizontal Turbine Flanges and Bolts. This is a 
highly controversial subject. The case for heating the flanges 
and bolts of large modern turbines with the use of an external 
heat source has been ably presented by others, most recent and 
comprehensive among which was the Consolidated Edison Com- 
pany of New York paper on “Accelerated Loading of Large High 
Pressure-High Temperature Turbine Generators.”’ 

The Martins Creek study substantiates what has been said for 
the case of flange heating. Large temperature differences be- 
tween inner and outer-flange elements produce (a) prohibitive 
crushing stresses at the inner joint faces, which eventually will 
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lead to flange distortion and steam leakage along the flange from 
valve bowls to first stage; (6) excessive tensile stresses in the al- 
ready stretched flange bolts, which also will contribute to the 
leakage; (c) distorting radial and axial forces between the com- 
paratively limber cylinder and stiff restraining belt of flange 
metal—the inner and outer-cylinder surface temperatures ac- 
tually run about 75 and 50 F higher, respectively, than the 
inner-flange temperatures in the first-stage region during a typical 
weekend start without flange heating, Fig. 17; and (d) large dif- 
ferential expansion of spindle with respect to cylinder, which, in 
extreme cases, may result in axial rubbing of blades. The only 
way to avoid these harmful effects on cold and weekend starts 
without resorting to external heating of flanges is to apply the 
load very slowly. 

At about the time the Consolidated Edison paper was being 
presented in 1955, the controlled-start study at ‘Martins Creek 
was running into confining restrictions in loading rates far beyond 
expectations during starts from cool-turbine states because of 
excessive temperature differentials. experienced between the 
inner horizontal-flange surfaces on the one hand, and flange-bolt 
and outer-flange surfaces on the other in the packing-hub and 
first-stage regions. 

On the first cool start that was made after a 2'/:-day shutdown, 
for example, with outer-flange temperature at 290 F a loading 
rate of 0.25 mw per min was used in the belief that the tempera- 
ture differential across horizontal flanges in the hottest zone would 
round off at something under the classic 200 F; and on succeed- 
ing starts the 200-F figure could then be approached from the 
underside by stepping up loading rates. 

Actually, this mild loading procedure produced a flange tem- 
perature differential of inner to outer surface of 323 F in the 
plane of the main nozzle block between the 3rd and 4th flange 
bolts counting from the front end, Fig. 15. The flange cross 
section at this point is about 12'/, in. across the joint face by 124/, 
in. vertically and the cylinder is about 3°/s in. thick. The tur- 
bine manufacturer indicated at the time and in later statements 
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that a temperature differential across flanges in the neighborhood 
of 300 F would not be excessive for a machine of this general de- 
sign. However, in view of the lower figure of 200 F generally 
accepted elsewhere, a compromise 250 F was adopted as 
standard for all succeeding test and operational starts on this 
unit. 

The discussion on flange-heating limitations applies only to 
starts from cool turbine states; i.e., when flanges prior to starting 
turbine are below 500 F. Maximum loading rates on typical 
overnight starts as governed by factors other than flange con- 
siderations produce flange-temperature differentials of about 170 
F which, of course, are not considered to be serious. 

There is a school of thought which maintains that, if the steam 
temperature to the turbine is held constant, the loading rate will 
have very little bearing on the flange-temperature differential, 
which is to say that it also will have little or no effect on the 
inner-flange temperature, since this temperature, for a given 
flange section and rate of temperature change, determines the 
temperature differential across the section. 

First of all, the steam temperature to the turbine on start-up 
cannot be held constant even if the boiler temperature-load 
characteristic were perfectly flat; it would approach the fixed 
boiler steam temperature asymptotically as the flow increased be- 
cause of the effect of cool-steam leads, as discussed previously. 
However, if the turbine-end steam temperature actually could 
be held constant, the increase in first-stage pressure with load 
would cause the steam temperature and the inner-flange tempera- 
ture in that stage to go up with it. 

That this is true is shown graphically in Fig. 14 and Fig. 20 from 
8:30 a.m. to 9:00 a.m., when turbine steam temperature had 
stabilized temporarily near rated value at about 960 F, while the 
load was still going up. The inner-flange temperature in the 
first-stage region increased from 730 to 810 F; the first-stage 
steam temperature (flange-heating supply steam) increased from 
725 to 880 F, and the first-stage pressure rose from 310 psi to 
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545 psi while the generator load went from 47 to 76 mw. The 
same relationships would hold down through the high-pressure 
turbine as well as in the first stage. 

It must be recognized then that the only way to limit flange- 
temperature differentials without resorting to flange heating is by 
control of the generator loading rate alone. 

After making the first trial run described in the foregoing when 
the flange-temperature differential reached 323 F, it was found 
on succeeding starts that flange considerations took over as 
limiting conditions early in the post-soak loading period, and that 
loading rates on cold starts had to be limited to '/, mw per 
min, Fig. 13, for the first 3'/2 hr while those on weekend starts 
had to be held to '/; mw per min, Fig. 17, for the first 3 hr in 
order to keep the flange-temperature differential in the desired 
250-F region. 

Since the unit was to be shut down and started regularly every 
weekend, the prospect ef loading a 160-mw machine to half load 
at only '/; mw per min was especially undesirable, not only 
because of the time factor involved both in bringing the unit up 
and having only part of its capacity available for long periods, but 
also because of the additional condensate and fuel that had to be 
expended during an extended and hazardous venting period. 

Therefore the decision was taken to install flange-heating 
facilities after the unit had been in service about a year. Con- 
siderable study was given to five Consolidated Edison Company 
of New York flange-heating installations which were either com- 
pleted or under construction at the time. Valuable information 
was obtained regarding proportioning of system components, 
layout, and method of drilling flanges. 

Two sources of steam supply to the flange-heating system were 
provided—the first from one of the main steam leads after the 
main stop valve, and the second from the first turbine stage 
through the turbine shell (which was 3?/, in. thick at point of 
drilling) by means of a custom-designed welded connection by the 
turbine manufacturer. The latter connection was made into the 
bottom half of the shell some 18 in. below the horizontal flange- 
joint face. 

It was agreed with the turbine manufacturer that 10 of the 16 
large flange bolts on each side of the high-pressure section of the 
turbine up to the 4-way joint would be steam heated. Subse- 
quent test runs showed this to have been a happy choice. The 
heated zone included 2nd to 5th bolis and 6th to 11th bolts, in- 
clusive, in the sections of flanges opposite the intersecting valve 
bowls, and opposite the Ist, 4th, and 7th stage drain or extraction 
chambers, Fig. 15. The first bolt opposite the packing hub and 
the last five bolts opposite the 10th-stage extraction belt were 
not heated. 

Piping was arranged to allow heating of bolts 2 to 11, inclusive, 
and adjacent flanges in series, or bolt groups 2 to 5, inclusive, and 
adjacent flanges, and 6 to 11, inclusive, in parallel, Fig. 16. This 
was done, along with the provision of two sources of steam supply 
to permit a certain amount of flexibility because of a definite lack 
of design knowledge in regard to pressure drops, heat absorption 
in the flange metal, moisture formation, and so on, especially 
when it came to using the cooler first-stage steam as a heating 
medium. Internal diameter of supply lead from first stage to 
flange-heating manifold measured 1'/, in., that of feed and dis- 
charge piping to and from flanges measured '*/32 in.; '/:-in. holes 
were drilled diagonally through the flange metal between adjacent 
bolt holes to carry the steam from bolt to bolt. 

Some anxiety was felt in regard to possible leakage between the 
flange nut washers and the spot-face surfaces of the flanges under 
the high-pressure conditions anticipated. Fortunately, these 
joints held perfectly in operation with pressures up to 1250 psi. 

Spent steam from the system was discharged to main condenser 

Tare 
via one of the low-pressure heater-dump lines. 
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The use of first-stage steam as a heat source was chosen pri- 
marily because it eliminated the need for close regulation of flow 
through the flanges to prevent overheating of flanges and negative 
differential expansion; i.e., fast stretch-out of casing with respect 
to spindle. While there certainly was no danger of overheating 
the bolts and outer flange surfaces when using first-stage steam 
for heating, since this steam was also contacting the inner flange 
surfaces in the first-stage zone, there was some question as to 
whether the scheme would provide enough heating in the hottest 
flange region to allow appreciably faster loading. 

On the first cold start that was made after installing the flange- 
heating facilities, the front and rear-bolt groups were connected 
in series and supplied from the first-stage source. Maximum 
flange-temperature differentials reached 230 F between 10th and 
llth bolts at 7th-stage extraction belt, while the differentials 
in the first-stage and valve-bowl region went only to 185 F. 
This was partly because of a relief valve on the flange-heating 
piping system which made it necessary to throttle the supply as 
first-stage turbine pressure increased with load to keep the system 
pressure under 300 psi. Pressure at the discharge end of the sys- 
tem reached subatmospheric levels which probably had a tendency 
to cool the bolts and outer flange surfaces at the tail end rather 
than heat them. The relief valve was later removed, but it was 
also apparent that the pressure drop through the system would 
be too great to heat the later bolts with all ten of them connected 
in series, even though the supply steam went unthrottled. 

On the next try, the system was valved to supply the two bolt 
groups in parallel with steam from the first stage. Loading on 
this start was controlled as expected by flange-temperature rela- 
tions in the first-stage zone rather than by those farther down the 
turbine as before. There also was no overheating in the down- 
stream-flange areas in the 7th-stage regions, although the dis- 
charge pressures were well on the positive side throughout the 
heating cycle, Figs. 20 and 21. 

In operation, the system does not actually pass steam until 
about 20 min after the generator is on-the-line, because of the 
necessary job of draining some of the water-leg sections in the 
piping, which cannot be started before the unit is synchronized, 
after the first-stage pressure has passed over from negative to 
positive levels. 

Table 3 lists inner and outer-flange temperatures for the week- 
end start shown in Fig. 18 when the flanges were heated with the 
bolt groups in parallel, from first-stage source. The time intervals 
are irregular because of a faulty stepping switch on the scanning- 
type instrument used. Scanners definitely are not recommended 
for test work of this nature. 

Figs. 19, 20, and 21 show plots of differential and cylinder ex- 
pansion for cold starts with and without flange heating, and a 
weekend start with flange heating. 

No marked differences in relative movement of spindle and 
cylinder are evident as between cases where flanges are unheated 
and heated, primarily because of the compensation produced by 
loading rate. 

Of particular interest is the behavior of steam-supply tempera- 
ture to flanges with load. Except for the sensible heat loss in the 
piping this represents turbine first-stage temperature, a figure 
which is not ordinarily available to operators. 

Since the source of supply from the steam lead after the stop 
valve was never used, it was left out of the design of the second 
Martins Creek unit along with the provision for series heating of 
the flange bolts which proved to be unsatisfactory. 

Summing up on flange heating then, for cold starts, it has 
shortened the time required to load the unit from 6 to 3 hr, and 
for weekend starts from 4!/; to 2'/2 hr, with the same maximum 
temperature differentials holding across flanges of 250 F. It is 
our considered opinion that the flange-heating investment has 
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Table 3 Flange temperatures during start from 2-day shutdown 
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Fig. 18 Time of 2'/; hr required to load unit from weekend shutdown when using flange heating. 
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Fig. 19 Differential and cylinder expansion on cold start without flange heating. 
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Table 4 Portion of a typical schedule Martins Creek Steam Electric Station skeleton procedure and time table for controlled 


start from overnight shutdown—boiler bottled 


ScHEeDULE B 
Firing Rate and Load Regulated Manually Until After Second 
Mill is in Service. 

Light-Off Conditions. Drum pressure 1000-1250 psi; Mills 
charged to 1 in., boiler-drum water level about 11 in. in gage glass; 
8 divisions on Yarway; boiler lead valves open; turbine stop 
valves closed; unit on turning gear; steam-metal temperature at 
turbine stop valves 600-725 F; turbine chest temperature 650- 
750 F; 1, 2, 5, and 6 er dampers open; 1, 2, 5, and 6 coal 
shut-off valves open; 5, 6, 7, 8, 11, and 12 vent plugs in- 
serted; 1, 2, 5, and 6 badd r registers at 45 per cent; 3, 4, 7, 8, 
9, 10, 11, and 12 registers at 10 per cent; exhauster auxiliary air 
dampers zero spaces open; 5 million Btu per hr tips in all torches. 

Have all oil-torch tips cleaned on night shift just prior to light 
off. Open bypass around trap on oil-torch steam-atomizing line 
an hour before light off, and leave open until all torches are 
taken out of service after the fire-up is completed. 

During shutdown period when corrected generator-field-wind- 
ing temperature drops to 62 C, apply enough field current to 
raise winding temperature at a rate not exc eeding 5 to 10 C per 
hr. Remove field, when winding temperature reaches 85 C. At 
time of turbine roll, field-winding temperature should be about 
75 


Operation 


0 — 76 min, open radi- 
ant-superheater inter- 
mediate drains wide. 


0 — 76, start both sets 
of ID and FD fans. . 


0 — 75, light off 1, 2, 5, 
and 6 oil torches 70 
psi oil pressure, burner 
registers 45 per cent 

0 — 74, open 1-in. mix- 
ing-chamber drain 1 
turn to drip flash- 

tank vent line. . 

0 — 73, open 4-in. in- 
ner mixing chamber 
drain wide 
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Fig. 22 Principal turbine thermocouple locations, Martins Creek No. 1 unit 
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paid off well in view of the regular weekend starts to which the 
two units are subjected. 

Effect of Load Soak Period on Metal Temperature-Rise Rates. 
Referring again to Fig. 18 which depicts a start after weekend or 
two-day shutdown, it will be noted that the generator load was 
held constant at 7 mw for the first 10 min after going on line. This 
produced a maximum rise rate in inner first valve-bowl tempera- 
ture of about 560 F per hr—too high. On the preceding week- 
end trial start—not shown—a hold period of 20 min at 7 mw 
produced a metal temperature rise rate of only 360 F per hr— 
a little low. The final schedules were therefore set up for a 
soak at 7 mw of 15 min and have consistently produced tem- 
perature-rise rates of 475 to 500 F per hr on all routine week- 
end starts in the two years which have elapsed since the final 
schedules were prepared. This is mentioned here to show how 
the load hold or soak periods can be used to get just about any 
rise rate desired. 


GIRTH OR END 
PLATE OF DRUM 
INTERNALS 


Starting Schedules. Table 4 shows portions of a typical step-by- 
step procedure for the controlled starting of a unit from overnight 
shutdown. Schedules of this type are furnished to operating per- 
sonnel throughout the plant for each start. The number of dif- 
ferent types prepared is dependent on the operating conditions 
which are encountered for the given unit. 

Martins Creek, as an example, has five different start schedules 
as follows: (a) Boiler and turbine cold, turbine temperature 50 to 
160 F; (6) boiler cold, turbine warm, over 160 F; (c) one to four- 
day shutdown boiler bottled, turbine warm; (d) overnight shut- 
down boiler bottled—early automatic operation of boiler; (e) 
overnight shutdown boiler bottled, late automatic operation of 
boiler. 

A schedule such as the one shown for a modern unit which is to 
be subjected to frequent starting is absolutely essential if turbine 
temperatures and stresses are to be controlled accurately. Fast- 
printing turbine-metal temperature recorders are used for backup 
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and the charts are inspected by an engineer at frequent intervals 
to see that rates of temperature change are maintained within 
the limits specified. 

From the records of many controlled starts which were made on 
major units of central-station equipment of different types, both 
old and new, and from careful inspection of the equipment the 
following conclusions may be drawn: 


1 Rates of change in turbine-metal temperature up to 500 F 
per hr on modern high-pressure turbines of the types tested 
will not cause cracking in the heavy shell and chest sections. 
These rates produce temperature differentials across chest and 
first valve-bow] sections of about 125 F. Differentials across 
later valve-bowl sections because of valve-opening sequence, 
however, may run as high as 185 F for 500-F-per-hr rise rates. 

All of the starts on Martins Creek No. 2 unit (1250 psi, 950 F, 
132.5 mw, initial operation June, 1956) were made with rates of 
change under 500 F per hr and no casing cracks of any kind were 
found during the June-July, 1957 outage. 

The front end of this turbine differs slightly from No. 1 turbine 
in that the downstream faces of the nozzle bridges were drilled 
out and fitted with pins to allow a small amount of radial move- 
ment of the bridge faces; and the inner turbine-shell surface 
under the nozzle block was relieved by a circumferential groove at 
the notch change in section. 

2 Rates over 500 F per hr are suspect. A few of the starts 
on Martins Creek No. 1 unit (same size as No. 2 unit) were made 
with rates of change in bowl metal temperature up to 1200 F 
per hr, and one cold start showed a change rate as great as 6000 
F per hr prior to roll in valve-chest metal when using conven- 
tional chest-heating methods. 

Upon inspection of the turbine after one year of peaking opera- 
tion three small circumferential cracks were noticed in the top 
half inner-shell surface under the nozzle block just radially beyond 
the nozzle-bridge faces. 

During the inspection of Sunbury No. 2 turbine (75 mw, 1250 
psi, 950 F) in May, 1957 after almost 8 years of base-load opera- 
tion, severe cracking was found in nozzle bridges and in inner- 
shell surface under the nozzle block. 

It js believed that much of the shell cracking in modern turbines 
takes place during starts from cold. This is more certain when 
the cold unit is on a header system and subjected to impact of full 
boiler temperatures. 

3 Initial load application and subsequent loading rates are the 
two most important considerations in controlling temperature- 
rise rates in front-end turbine elements because of the influence 
of the boiler-turbine main steam leads on turbine-end tempera- 
tures. The lead temperatures drop rapidly to saturation point 
as soon as the flow of superheated steam through them is in- 
terrupted when a unit is taken off the line. 

It has been found that a short soak period immediately after 
synchronizing at a constant load in the order of 4 to 5 per cent of 
name plate rating is an excellent device for controlling metal- 
temperature-rise rates, the control lying in the length of the soak 
period. On this unit, length of soak periods required for 300 
to 500-F-per-hr metal temperature rise turned out to be 5 min 
for the overnight start, 15 min for the start from one or two-day 
shutdown, and 25 min for the start from cold. 

The concern which was felt in regard to possible erosion of main 
nozzles and first-stage wheel components, seal strips, and so on, 
due to expansion of steam into the wet region when operating at 
extremely low ratings during the starting soak periods was dis- 
pelled on both of the Martins Creek turbines when inspection after 
a year of peak-load operation in each case showed not the least 
sign of erosion in the first-stage region. ‘ 
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A small initial load application is also beneficial in holding 
down the rate of cooling of exhaust end metal. 

Each boiler-steam lead system should be given individual study 
to determine the turbine-end steam-temperature characteristic 
under the various starting conditions encountered. 

4 Confirming the work of other investigators in controlled 
starting, the study shows that steam temperatures at turbine 
should be 50 to 100 F above turbine bowl and chest metal be- 
fore rolling turbine. This is especially desirable for starts from 
overnight shutdown when turbine metal is hot, because it 
minimizes the dip in first valve-bowl temperature and the fast 
reversal in bowl-metal-temperature differential; it reduces possi- 
bility of rubbing because of spindle shrinkage; and it allows 
faster loading for the same temperature-rise rates and differen- 
tials. 

The dip in first valve-bowl temperature can be entirely eradi- 
cated on overnight starts, if the margin of steam over turbine 
metal is increased to about 150 F, or if the roll period is re- 
duced to something like half of the 20 min used in this program. 

5 Heating of horizontal flanges on single-shell turbines is 
justified on units which are to be shut down weekly. Steam from 
the first turbine stage makes an ideal, more or less foolproof 
heating medium, since the flange bolts and outer flanges cannot 
be overheated by using it, while later valve-bowl behavior makes 
it unwise to raise loading rates further through use of hotter 
steam for flange heating. 

6 Temperature differences between inner and outer turbine 
horizontal-flange surfaces in single-shell machines up to 250 F 
appear to be satisfactory, but anything higher should be avoided. 
The horizontal joint of Martins Creek No. 2 unit is in good 
condition after many weekend and overnight starts with flange 
temperature differentials running under 250 F. That of Martins 
Creek No. 1 unit on the other hand is leaking. This is believed 
to be due to the fact that a few of the earlier starts were made 
with flange temperature differentials over 250 F, one of which 
actually reached 323 F. 

7 Hogging facilities for seavenging turbine-condenser system 
should be amply sized and designed to produce at least 24-in. 
mercury vacuum or better with turbine on turning gear to pre- 
vent overheating of exhaust-end components as the turbine 
reaches full speed, and to minimize the cooling shock which 
takes place as load is applied. 

In reheat installations where the volumes to be scavenged are 
very large, the hogging equipment is often found to be under- 
sized. 

The cost of one set of cracked last-stage diaphragms would go 
far toward paying for the difference between air-removal equip- 
ment which produces a weak 17 to 20-in. mercury vacuum over 
a long time and that which produces an adequate 24 to 28-in. 
mercury vacuum quickly when needed. 

Although the hogging jets and steam-jet air extractors on the 
Martins Creek units are good by comparison with similar equip- 
ment in some other Pennsylvania Power & Light Company sta- 
tions, being capable of producing turning-gear vacuum of 23 in. 
mercury and sealing speed vacuum of 26 in. mercury, their 
limited capacities are the only thing standing in the way of 
further reductions in starting time especially on starts from over- 
night and weekend shutdowns. 

Front-end turbine-temperature considerations, as all the start 
data show, would permit much higher accelerations in bringing 
the turbine to speed if exhaust-end temperatures could be kept 
down. 

The problem may resolve itself into specifying jets that will 
give optimum performance at the lower steam pressures which 
are encountered in starting operations. 

Operation at very light leads below 25 per cent of rating 
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for long periods is not recommended because of cooling of metal 
under the closed control valves, which tends to distort the entire 
valve chest and bowl mass. Permissible load pickup rates after 
overnight operation at these ratings is lower than it would be if 
the unit were taken off the line, because natural cooling of later 
valve bowls is less during a 7-hour shutdown than it would be with 
the turbine in service carrying 25 per cent rated load. 

9 Spelled-out minute-by-minute starting schedules which are 
experimentally determined for each type of start condition have 
been used throughout the entire program. They have been found 
to be beneficial in assuring uniformity and adherence to prescribed 
procedures as well as in easing the work load on plant operators. 
For each step in the process the operator is obliged to insert only 
the time when it was done. The notated schedule is then turned 
in as a log of the start operation. 

10 The use of dry-vacuum pumps or any other air-scavenging 
equipment which is capable of raising condenser vacuum on unit 
systems independently of the boiler steam pressure is worth con- 
sideration in reducing the temperature shock to which turbines 
are subjected on starting from cold conditions. The turbine can 
be rolled with steam which is at lower temperatures, and on some 
turbine types the lower rolling pressure will allow more even heat- 
ing of the front-end turbine sections. 

Where there are duplicate units, a tie steam line between 
hogging jets, or a common set of jets centrally located between the 
two condensers will do the same thing. 

11 Changes in design are indicated in some types of turbines 
in regard to provisions for heating valve chests, more even heat- 
ing of valve bowls, and in valve-opening sequence. 

12 The idea of blowing preroll steam through large drains on 
turbine ends of steam leads for getting proper steam-to-turbine- 
metal relationship on starts from overnight shutdown in place of 
the more expensive bypass line-heat exchanger combination is 
good provided blowdown tank, silencer, vent stack, and water- 
separating dome are amply sized and well enough anchored to 
take large quantities of high-temperature steam. For an installa- 
tion such as either of the Martins Creek units the ideal preroll flow 
to atmosphere would be about 200,000 lb per hr which would 
require about '/s hr of preroll firing to accomplish proper margin 
of steam over turbine-metal temperatures for overnight starts, 
instead of the full hour required with existing facilities. 

13. Many of the waterwall-tube failures in modern boilers 
have their origins in improper starting procedures. An example is 
the tendency of operators to increase firing rates at the moment 
the generator is synchronized or when the boiler nonreturn valves 
open. A sudden small increase in firing rate at this stage when 
the total heat input is low becomes a large percentage increase 
which may result in the weakening or rupture of a waterwall tube 
near the top of the furnace because the water circulation induced 
by the small heat input to lower furnace reaches is not good 
enough. 

Also for this reason as well as for better ignition, the practice of 
going to complete automatic boiler operation too early in the 
start cycle is not recommended, because sharp increases in firing 
rate may take place when the switch is made from manual to 
automatic control. 
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C. W. Bell, Sr.2. The author is to be commended for having 
brought out definite positive recommendations for starting cer- 
tain high-pressure, high-temperature turbines. Probably the 
most useful features of this paper are the precautionary or nega- 
tive points made. 

We wish to indorse particularly the recommendation that 
means be provided for establishing close to full operating vacuum 
early in the start-up sequence. The matter of good vacuum dur- 
ing starting has seldom had as much consideration as it deserves. 
The excessive temperatures frequently found at the exhaust ends 
of turbines may be due simply to natural cumulative build-up 
of temperature from inlet to exhaust; however, additional heat- 
ing may occur at random locations if and when air stagriates. 
This may become dangerous. Evidence of this sometimes can 
be found during internal inspections. It is usually found in the 
lower stages in the form of discolored or deformed metal parts but 
the writer has never found it on the last wheel or last blade row. 

On machines with shaft-mounted wheels (with only one or 
two keys) transient vibration during starting was further evidence 
of this condition. 

A natural steam-temperature gradient cannot be established 
until partial air pressure is reduced to a very low value. 

Even without hot spots the low-pressure ends of turbines will 
be above natural operating steam temperatures during starting 
and are often subjected to severe thermal shock when normal 
operating vacuum becomes effective. 

Temperature measurements taken of the inner surface of tur- 
bine-blade rings or turbine shell will always lag in time, the 
temperatures imposed on the smaller blading and sealing mem- 
bers. 

Design of high-pressure units with their regenerative heating 
(and reheat) equipment should include very careful attention to 
any possible source of air leakage under vacuum. Packing of all 
valve stems and pump shafts must be effective both above and 
below atmospheric pressure. Vent connections are hazards to be 


2? Engineering Consultant Central Heating and Power Plants, 
Drums, Pa. Mem. ASME. 


AUGUST, 1958 


studied particularly if they are of the “breather’’ variety where 
no check valve or nonreturn can well be applied. 

Air-exhausting equipment of sufficient capacity 10 produce a 
good start-up vacuum will, of course, increase refrigeration in the 
high-pressure zones. This may tend to increase required loading 
time. 

Fig. 24 in the preprint (omitted in the final paper) showing 
temperature decay on drop of load indicates that metal tempera- 
tures can be forced down rapidly. External temperatures of valve 
bowls Nos. 6, 7, and 8, would show the greatest immediate effect. 


J. C. Falkner.’ 


the excellent work he has done. 


The author should be highly commended for 
The writer is familiar with the 


large amount of time and work required to make the necessary 
tests, analyze them, and then write the findings. 

As stated in the paper, the writer also believes that many cracks 
found in turbine casings can be eliminated by changes in operat- 


ing practices. 

When bypass lines or other means are provided, such as large 
vents from the superheater and reheater lines, and so on, the pro- 
cedure for shutting down the turbine should be done by lowering 
the load on the generator to a point where the superheat tempera- 
ture begins to drop from normal. Trip the turbine at this point. 
The temperature of the turbine parts will gradually lower, but as 
it started from the highest temperature, the starting temperature 
also will be high and the normal operating temperature can be 
reached in the quickest time, w*th resultant saving in turbine 
efficiency. 

Another important point which may not be known generally is 
that in taking a boiler off the line for a weekend shutdown or for 
overhaul, the boiler drum should be kept filled with water, so as 
to keep the temperature of the boiler drum from having more than 
100 F differential top and bottom which is prescribed by the 
boiler manufacturers. Temperature differences as high as 180 to 
200 F were found before the filling procedure was started. 
The temperature differential of the drum heads from top to 
bottom also showed more than the 100 F allowable. Changes 
have been made in the boilers now purchased so that this high 
differential does not occur. The cost of a long water column 
would be excessive but either thermocouples peened in the 
saturated-steam tubes from the drum to the superheater header 
or remote high-range level recorders gave quick indication when 
the boiler is filled with water. It is usually necessary to fill the 
drum several times during the shutdown before normal conditions 
are reached. 

An interesting incident at the Waterside Station occurred while 
the writer was present several years ago. A 50,000-kw topping 
turbine using 1,000,000 of steam per hr at 950 F, 1600 psi was 
tripped accidentally by an electrician changing a pilot-exciter 
carbon brush. The turbine was ready to start in five minutes and 
the boiler in 15 minutes. No steam bypass on this unit had been 
provided at the time of the tripping. With the turbine at 950 F, 
the highest steam temperature obtainable from the boiler on the 
start was 750 F. The station engineer was ordered to take plenty 
of time in admitting the low-temperature steam into the turbine. 
Two hours were taken in gradually cooling the turbine and then 
bringing it up to full speed. 

Faster loading turbines can be done safely by using external 
flange and bolt heating. This also should eliminate the warping 
of the turbine shell and crushing of the flange joints. 

As the gages, thermometers, and so forth, for a high-pressure, 
high-temperature boiler give poor indications at the lower ranges, 
a method at Consolidated Edison was developed so that by 
measuring the temperatures of the boiler-drum water by means 
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of a thermocouple located in the continuous blow-down system, 
the need of low reading was eliminated. This temperature of the 
boiler water plotted as a straight line from the starting tempera- 
ture to normal temperature at full pressure, against the time 
allotted for starting the boiler, gave the operator all of the infor- 
mation required. The superheater, reheater, drum-temperature 
differential (top and bottom), and the expansion downward of 
the boiler, all came within the prescribed safe limits. The super- 
heater and reheater drains or a special bypass line around the tur- 
bines or to atmosphere should be opened during the start. This 
procedure was not tried on boilers having radiant superheaters. 

Again I wish to commend the author for a good job well done. 


R. L. Jackson.‘ The author is to be congratulated for a fine 
paper. He has most thoroughly covered a subject in which so 
many variables are involved. 

The complete treatment of all the phases of starting and load- 
ing a power plant is not possible for the manufacturers of the in- 
dividual pieces of equipment, and it is through the efforts and co- 
operation of such companies as Pennsylvania Power and Light 
and the interest of such people as the author that essential data 
must be obtained. The information from such tests plus the 
condition of equipment as observed after service experience is 
relied on greatly in making new designs. 

There have been, of course, numerous cases of cracked turbine 
shells in the past several years. We are sure most of them could 
have been avoided if operating conditions and practices had been 
studied as carefully and controlled as they were on the starts 
described in this paper. We are particularly gratified to note 
the author’s statement that the only way to establish correct 
starting procedures is for the owner company to conduct a 
thorough. investigation on that unit (boiler leads, turbine gen- 
erator), using only the best instrumentation available. This is 
necessary because of the individual equipment characteristics 
and local conditions which necessarily make general rules in- 
adequate. 

In so far as the turbine is concerned, the ultimate measure in 
starting and loading is stress caused by temperature differences 
set up in various critical parts. As stated in the paper and sup- 
ported by the evidence of cracking experience, the most critical 
parts are in the region of the admission ports in the shells. If 
temperature differences in these regions are held to acceptable 
limits, then the remainder of the unit should be secure. We 
would like to point out that rates of temperature change are only 
important as an indirect expression of temperature differences and 
for small total temperature changes rates can be very high without 
excessive stress. 

We cannot agree that rates of cooling of turbine-exhaust ends 
are limiting. A very large percentage of turbines in service 
customarily experience exhaust-hood temperatures in the order 
of 175 F during starting and, even though many of them have 
been started frequently for several years, no failures traceable to 
temperature quenchings in exhaust hoods have been experienced. 

In discussing temperature reductions in valve bowls the author 
states that control valves are not shut-off valves and, therefore, 
do not seal off bowls from chests effectively when in the closed 
position. This is not intended to be so and even though there 
have been cases where control valves do not seal completely, they 
are in general as tight as any valves made. 

Flange heating is discussed and conclusions are drawn that the 
reduction in flange-temperature gradients by 50 to 75 F is the 
difference between crushing or not on the flange faces. We believe 
that such conclusions are too broad and not necessarily proven. 
First, there was no steam leakage to atmosphere and, as far as we 
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know, no permanent distortion of the flanges could be detected. 
The presence of the pressure and the leakage into the flange- 
heating piping could be accounted for by an extremely small 
opening which might be due to several reasons besides the ob- 
served temperature gradients. Many hundreds of turbines are in 
service without flange heating and do not show evidence of 
crushing. 

It is reassuring to observe that there is a realization of the im- 
portance of matching steam temperatures to metal temperatures 
and that a careful study shows much can be done to obtain this 
matching without very expensive or elaborate systems. In addi- 
tion to the ideas presented in this paper, we believe that many 
situations can be improved by the use of a small bypass valve 
around the boiler stop valves to control the speed of the turbine 
which would allow the stop and control valves to be wide open. 
This would transfer the throttling effects described in the paper 
to a relatively thin-walled valve of more symmetrical shape 
which can better tolerate the temperature shocks. In addition, it 
can be considered more readily expendable than a turbine shell. 
Under such operation the steam densities and velocities are lower 
in the turbine shell making for lower heat-transfer coefficients and 
consequently less drastic shell-temperature changes. Some in- 
stallations are being equipped with such valves and tests to be 
run will show how much can be accomplished in this direction. 

Progress is being made in new turbine designs that will assure 
units better able to handle increased starting and loading rates. 
New turbines being supplied by the writer’s company are all 
steam-sealed units in order that full vacuum may be developed on 
turning gear; all are supplied with automatic water sprays in 
exhaust hoods to keep hood temperatures down during starting. 
Materials have greater rupture ductility, tolerating more cycles 
of temperature strain without cracking, and the higher pressure 
units will all have the steam admission in separate small pres- 
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sure vessels independently mounted and center line-supported, 
free to expand or contract while being held concentric. 

Again may we congratulate the author and suggest that an 
approach to the frequent starting and loading problem as out- 
lined should go far towards making such starts easy and trouble- 
free. 


R. L. Reynolds.* The author and his associates have done an 
excellent job in measuring the conditions existing on the Martins 
Creek turbine during various types of controlled starts and in 
analyzing and controlling these conditions to minimize thermal 
stresses in the turbine elements. 

He has encountered the same problem as other investigators in 
that, on unit systems, the normal steam temperature ahead of 
the stop valves following an overnight shutdown is considerably 
cooler than the metal in the high-temperature parts of the turbine. 
This temperature differential is further increased by the throttling 
of steam through the control valves to a subatmospheric pres- 
sure. 

This condition results in the high-temperature parts of the tur- 
bine being cooled during the initial part of the starting cycle, 
making it necessary to heat these parts from a lower level and to 
extend the time required for heating in order to avoid undesirable 
rates of heating and, therefore, excessive thermal stresses. 

An additional drop in temperature will occur when the steam 
expands through the nozzles. This accentuates the thermal 
shock occurring when the cool steam issuing from the nozzles 
strikes the impulse blades which have been kept hot during the 
overnight shutdown by being housed within the turbine casing. 
Again, these nozzle vanes and impulse blades are subjected to a 
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severe thermal shock when steam is first admitted to the turbine 
following a short shutdown. 

In order to reduce this thermal shock in the high-temperature 
casing and blading it is evident that it is necessary either to 
make the steam hotter or the metal cooler at the beginning of the 
starting cycle after a short shutdown. 

The author describes the means taken to increase the steam 
temperature at the start of the rolling period. These include 
adjustment of burners, use of oil, and increase in size of steam- 
lead drains. 

Cooling of the metal, to some degree, can be accomplished dur- 
ing the shutting-down cycle when it is known that the unit will be 
restarted after a short shutdown. This can be done by dwelling 
at a light load during the load-reducing cycle, holding this load 
for 30 to 45 min and, at the same time, reducing steam tempera- 
ture if possible by adjustment of boiler controls. 

Although this cooling means that the high-temperature parts 
of the turbine must be heated from a lower temperature level, 
this is preferable to subjecting these parts to a severe thermal 
shock which not only overstresses the parts but also causes them 
to be heated from this same low-temperature level. 

Another point brought out in the paper, and one worth repeat- 
ing, is that little heating is accomplished during the speed- 
increasing cycle whereas the critical period in the heating cycle 
eccurs immediately after synchronizing. This dictates the need 
for applying as small a load as practicable immediately after 
synchronizing, holding this load until conditions have become 
somewhat stabilized and then increasing it at a slow rate at first 
and then at a gradually faster rate as the parts become heated. 
Furthermore, steam temperature should be held down as much 
as practicable during this minimum-load period. 

In many cases, temperature gradients across partition walls 
can be reduced materially by bypassing steam from the active to 
the inactive inlet chambers. The small loss in efficiency at light 
loads suffered by the bypassing of this small amount of steam can 
be amply justified by the reduction in thermal stresses and in- 
crease in reliability obtained by this heating of the cold side of 
these partition walls. 

During the cold starts, or starts after long shutdowns, the 
author points out the desirability of heating the flange, and its 
bolts, by circulating steam from the impulse chamber to the ex- 
haust. As he states, this steam can be more closely controlled 
by the use of steam from the impulse chamber rather than from 
the main steam leads. He further states that better results are 
obtained by passing this steam through the flange in parallel 
rather than in series. This is usually true, but there may be 
cases where the heating of the flange should be graduated, making 
the series arrangement preferable, provided the number of steps 
in each circuit is not too large. Each unit should be studied in- 
dividually to determine which arrangement is better. 

Again, we wish to point out that this paper is definitely a 
worth-while addition to the published information on controlled 
starting and the author and his associates are to be commended 
on their excellent treatment of this subject. 
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A. R. Weismantle.* The author and his associates are to be 
commended for providing the power industry with a detailed en- 
gineering report on a subject which is becoming increasingly im- 
portant. It will certainly be of value to the many engineers faced 
with similar problems. 

This discussion will deal only with that phase of the paper which 
concerns the steam-generating unit. For this apparatus the 
principles of “controlled starts’ are identical with those em- 
ployed in the well-known “quick-start”’ technique. Both start-up 
methods have the same desired end result of maximum safety and 
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Fig. 24 Comparison of steam temperature characteristics, Martins 
Creek unit versus conventional convection type 


service life for the equipment involved. The application of these 
principles in the author’s investigations differed mainly in that a 
bypass line-heat exchanger combination, which other investiga- 


_ tors had concluded was desirable, was not employed. Such a 


bypass system permits simple operation of a steam-generating 
unit under equilibrium conditions in order to obtain the desired 
steam temperature, and its application minimizes fuel losses, 
personnel required, and time used for the start. However, it is 
expensive to install and cannot always be economically justified, 
as the author’s company must have found out. 

The author has stated properly that one of the requirements 
for successful controlled starts is the ability of the steam 
generator to provide steam to the turbine at from 50 to 100 F 
above the front-end turbine-metal temperature before rolling. 
It seems pertinent, therefore, to point out the tremendous ad- 
vantage of a steam generator with radiant-superheating surfaces 
for controlled or quick-starting service. This is illustrated by the 
steam-temperature characteristic provided with the combination 
radiant and convection superheater of the Martins Creek unit as 
compared to that from a conventional convection type, Fig. 24 of 
this discussion. In this example, full steam temperature is ob- 
tained at all loads above 70 per cent. Let us say that after an 
overnight shutdown it is desired to provide steam to the turbine 
at 875 F. This temperature may be obtained from the Martins 
Creek type by bringing the unit up to a load of 15 per cent. For 
the same temperature a unit with a straight convection super- 
heater must be brought up to a load of 40 per cent. It is obvious 
that fuel and time are saved under either controlled or quick- 
starting conditions with the Martins Creek-type unit. Also, if 
it were desired to take maximum advantage of the quick-start 
concept, then the bypass line-heat exchanger system needed 
would be much smaller for the Martins Creek type as compared 
to the conventional convection type. 

This paper clearly outlines the various operating problems en- 
countered during the investigations and advises in much detail as 
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minimizing radiant-superheater metal temperatures at Martins 
Creek, it also should be mentioned that the greatest help was ob- 
tained through operation of the coal burners with maximum quan- 
tities of auxiliary air and with the widest possible openings used 
on the secondary-air vanes. Both of these factors increase the 
axial component of the fuel-air mixture and thus tend to narrow 
the flame angle. The author has called attention to his finding 
that the influence of ignition-torch oil pressure on steam-tempera- 
ture and steam-pressure appreciation is all out of proportion to 
the change in oil quantities introduced and that radiant-tube 
metal temperatures are independent of this effect. It is suggested, 
here that the pressure and temperature changes noted are probably 
due to the pulverized-coal flame-propagation effects and that the 
radiant-tube metal temperatures are unaffected because of the 
narrow flame angle mentioned. 

The author also reports failure to achieve control of turbine 
steam-temperature-rise rates by manipulating convection-super- 
heater inlet drains or by using the control condenser. This was 
to be expected. It is felt that the application of a special spray 
nozzle in the steam lead before the turbine would be a more sound 
and effective solution to this problem. 

The relatively simple corrections empleyed for minimizing the 
influence of the steam leads on turbine-end temperatures and de- 
creasing drum-metal temperature differentials are of interest. 
In connection with the latter it is well to recall that the greatest 
drum-metal temperature differentials can occur when a steam- 
generating unit is being taken out of service. It is felt that this 
should be kept in mind in any investigation along similar lines 
which may be carried out by others in the future. 


Author’s Closure 


The author wishes to thank all those distinguished authorities 
who took time out of their busy schedules to study and discuss 
this work. Their contributions are very helpful and sincerely 
appreciated. 

The air leakages which Mr. Bell mentions at pump shafts, 
valve stem packing, and through the multitude of small vents 
must, of course, be kept to an absolute minimum on large instal- 
lations because of their effect on the fuel bill during on-line 
operation. 

The leakage with which we are most concerned in the starting 
operation, however, is that which takes place along the main 
turbine shaft on steam-water sealed units below half speed and 
before the water seals become effective. On the necessarily 
well-kept units of the present day, the comparatively low capacity 
steam jet air pump is entirely adequate to produce excellent 
vacuum above sealing speed if it must deal only with the small 
leakages mentioned by Mr. Bell, but the hogging jets are often 
too small to properly scavenge the huge quantities of air which 
enter along the poorly sealed turbine shaits and produce a reasona- 
bly high vacuum, with resulting overheating below half speed. 
After sealing speed is passed the hot turbine then imposes an 
added burden on the steam jet air pump in removing the lower 
density hot air which can only be properly cared for by extend- 
ing the rolling period. In addition to undesirable heating of the 
whole low-pressure turbine mass, the undersized hogging jet then 
unnecessarily prolongs the starting operation which is particularly 
bad on starts from overnight shutdown when, for other reasons, 
it is beneficial to shorten the roll period as much as possible. 
Fortunately, for operators, the trend on newer installations is 
toward steam-sealed units on which full vacuum is attainable on 
turning gear. 

It is difficult to conceive of air stagnation in any of the active 
regions of the turbine during starting conditions in view of the 
high velocities existing. Peripheral velocities are in the sonic 
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Martins Creek units indicate that axial velocity of the steam alone 
in the second last stage annuli occupied by the blading must be in 
excess of 80 miles per hour toward the end of the rolling operation. 
Since the vacuum carries well up to the front of the turbine and 
the annulus areas of the stages increase progressively toward the 
exhaust end, the axial velocities in upstream stages may actually 
be higher than those in the low-pressure section. 

In this connection, on a recent start from cold of a Westing- 
house 100-mw turbine an unusual interruption of the smooth 
temperature rise of the lower shell at the seventh stage drain 
belt took place just as the water seals became effective at about 
1800 rpm speed. The temperature dropped abruptly from 
320 F to 273 F and recovered to 305 F all in a period of six min- 
utes. There was a simultaneous sharp increase in vacuum from 
17 to 20 in. Hg as the turbine became sealed. This may have 
been caused by the sudden flushing of water lying in the qui- 
escent zone between blade ring and outer shel] across metal in the 
area of the temperature sensing device, although it is hard to ex- 
plain the presence of water at these temperatures and sub- 
atmospheric pressures. 

Mr. Falkner cites a sound reason for maintaining the tur- 
bine metal temperature at a high level prior to removing unit 
from service for an overnight shutdown which we had overlooked, 
viz., that the resulting high front end metal temperature on 
start-up would allow the unit to be brought to normal operating 
temperatures in shorter time with a resulting saving in tur- 
bine efficiency. 

We were obliged to live with the higher shutdown steam 
temperature because of: (1) The flat temperature characteristic 
of the radiant-convection steam generator which delivered steam 
to the turbine at 875 F (only 75 F under full load temperature) 
at minimum practical operating load of 25 mw on the 160 mw 
unit; this would have reduced the temperature in only the first 
two of eight valve bowls; and (2) the integral steam chest and 
stop valve-control valve design which did not permit uniform 
cooling of the entire chest, bowl, and packing hub sections. 

He also mentioned an important point that should be kept in 
mind by all those responsible for operation of modern units 
which concerns the caution that must be exercised in matching 
steam and metal temperatures when returning a unit to service 
after a very short outage. 

Our experience in one case parallels that of Mr. Falkner. In 
the haste to meet operating deadlines on a new unit, a plug had 
been screwed hand-tight into one of the extraction lines and 
forgotten. After a few days of commercial service, the plug 
blew out, which required the immediate shutting down of the 
turbine. The theromometer well which was to have gone into 
the extraction line in the first place instead of the plug, was 
located and everything was readied for a short shutdown. The 
unit was unloaded, the fires were removed from the furnaces, and 
the thermometer well was inserted during a shutdown which 
should have lasted less than five minutes. 

Before the turbine was rolled after the shutdown, it was found 
that steam temperature ahead of stop valves had dropped 100 F. 
To start up immediately would have caused a dangerous shrinkage 
of the hot spindle. It took over three hours of firing before 
the steam temperature reached that of the steam chest metal to 
allow the unit to be returned to service. 

Our mistake in this case was to stop the firing operation, which 
caused the delivery steam temperature to decay at once toward 
saturation level. Proper procedure would have been to continue 
firing and venting at the turbine end of the leads during the short 
turbine shutdown. 

In the matter of drum temperature differentials during shut- 
downs, the Martins Creek units are provided with top drum 
level indicators to allow complete filling when the pressure is 
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to be taken off the boiler. For week-end shutdowns we have 
followed the lead of Consolidated Edison Company of New York 
in not allowing the pressure to drop below 40 per cent of operating 
levels. Our drum thermocouples have shown that the use of 
this device keeps drum temperature differentials within the 
100 F recommendation. of the boiler manufacturers during the 
bottled period. (The foregoing also answers a point raised 
in Mr. Weismantle’s discussion. ) 

In fact, Mr. Falkner and his former associates, Mr. John M. 
Driscoll and Mr. Maurice Salvage at Consolidated Edison, 
have provided us solid direction and precedent in all phases of 
the work. 

Mr. Jackson in his thorough discussion states that our concern 
in regard to rate of exhaust end cooling is not supported by any 
broad record of failures in units which have had repeated starts 
with hood temperatures running to 175 F. Our interest in the 
matter stemmed from cases on our system where much higher 
temperatures were reported before any comprehensive controlled 
start studies had been made. We cited cracked last-stage 
diaphragm rings on one unit which may possibly have been 
connected with the severe treatment, and on others we thought 
that persistent failures of wheel blading in the latter stages could 
be traced in part to the rapid quenching experienced during 
the start-up. 

In beginning the Martins Creek work then, we felt that the 
metal components in the exhaust sections were just as massive 
as those in the high-pressure turbine, albeit not as complex and 
irregular in shape, and therefore should be treated with a modicum 
of respect. Operations, such as the draining of hot steam for 
heating the leads into the condenser, were controlled as much as 
possible, and finally discontinued when their effects on exhaust 
end temperatures were realized. 

As an example of the quenching which took place on the 
Martins Creek unit even under closely controlled conditions, we 
list hood temperatures from the original data sheets taken at 
one minute intervals before and after the generator was syn- 
chronized for the start shown in Fig. 11 in the paper. The 
generator was synchronized at 7:10 a.m. From 7:05 a.m. to 
7:16 a.m., inclusive, hood temperatures on the west side in 
degrees F were: 187, 192, 197, 195, 199, 200 (at 7:10 a.m.), 
160, 110, 95, 89, 83, and 76. The drop of 124 F from 7:10 a.m. 
to 7:16 a.m. was then at a rate of 1240 F per hour, which we 
thought was excessive and which we made every effort to reduce. 

When the hoods were cooled too fast, as in this case, the opera- 
tion was also invariably accompanied by a series of heavy 
dull thuds emanating from the low pressure sections which, to 
say the least, was not very reassuring. There definitely should 
be more investigation along these lines. 

The new turbine designs mentioned by Mr. Jackson will find 
ready application in the coming years as the industry is forced 
into frequent cycling and shutting down of the larger machines. 

The use of a small bypass around the boiler lead valves for 
controlling the speed and early loading operations, and for uniform 
heating of integral chest turbines, especially on starts from 
cold, is an excellent idea. For our outdoor installation, it would 
probably be more desirable to install the bypass at the stop 
valves in order to maintain the benefits of heated leads during 
overnight shutdown. The stop valve tripping features would 
then have to be incorporated into the bypass. 

The return to steam seals which will allow full vacuum on 
turning gear is an unmitigated blessing for the starting operation. 

In connection with Mr. Jackson’s warm agreement with our 
statement that each new installation should undergo thorough 
on-the-job investigation in order to establish correct  start- 
ing procedures, we might say editorially that both operating and 
design people within the utility industry, in our opinion, are 
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often too prone in their fervor to exchange experiences to take 
the other fellow’s word as gospel, to the exclusion of down-to-earth 
analysis of their specific problems. Design sometimes gets to be a 
canvass and sublimation of majority opinion rather than a study 
of individual requirements. A tremendous opportunity exists 
for the operating engineer to roll up his sleeves and delve into 
problems in this field to find the relatively simple solutions which 
are so urgently needed. 

Mr. Reynolds speaks of the advantages of precooling the 
turbine before taking it off the line in making the starting process 
easier after overnight shutdowns. The reasons why this pro- 
cedure did not lend itself readily to the Martins Creek installation 
were brought out in the closure to Mr. Falkner’s discussion. 

The idea of bypassing steam from the active to the inactive 
chambers under the steam chest to reduce temperature gradients 
across partitions is a very good one. It would probably allow 
faster load applications on all types of starts and would be 
especially beneficial in uniform heating of the front elements on 
starts from cold. 

We are currently assembling the necessary material to install 
this type of bypass on a Westinghouse 100-mw, 7-valve integral 
steam chest turbine which will shortly be subjected to repeated 
shutdowns. 

We agree with Mr. Reynolds that in some cases the series 
piping arrangement in a two-step flange heating system would 
be more desirable since it would provide a natural graded tem- 
perature line in the bolt holes to parallel that existing on the inner 
flange surface. In fact, we would have chosen to use the series 
arrangement for that reason, but found it to be inadequate in the 
lower reaches of the system. The routing of the spent steam 
toa region of higher pressure than the condenser, as in this case, 
and provision of larger cross-sections for steam paths should 
have made this possible. 

We agree with Mr. Weismantle in everything but the statement 
that the greatest help was obtained in minimizing the difficulty 
with high radiant superheater metal temperatures through 
operation with the widest possible opening of secondary air 
vane dampers. 


Historically, all of the September, 1954, runs had to be made 
with steam temperature well below turbine metal temperature 
due to inability (because of high radiant tube metal temperatures ) 
to fire at the 1.8-in. minimum classifier differentials specified 
for the needed steam temperature raising operation before rolling 
the turbine. Fig. 8 illustrates one of the last of these runs. 

For the January, 1955, and succeeding runs, a minimum 
classifier differential of 1.3 in. was found to be satisfactory for 
two-burner-per-exhauster operation since it did not reduce the 
coal-air velocities through burner tubes below that when firing 
at 1.8-in. classifier differential for three-burner-per-exhauster 
This made it possible to fire with coal to bring steam 
temperature to proper levels at or above front end turbine 


operation. 


metal temperature before rolling the turbine. 

It is true that further opening of the vanes in April, 1955, 
from 65 to 75 per cent reduced the radiant superheater metal 
temperature on the overnight starts, an average of about 90 F 
and was distinctly beneficial, but the big step was made in 
going to the lower firing rate without running the risk of coked 
burners. 

In so far as auxiliary air supply to burners was concerned, the 
practice was always to keep this as high as possible during starts 
consistent with stable flame propagation. 

We heartily confirm the case Mr. Weismantle makes for the 
radiant and convection superheater for the start-up phases of 
Central Station operation. It gets the steam temperature up 
to where we want it to be with a minimum of pre-roll firing. 
The steam generator behaved very well in other respects, such 
as circulation, turn-down characteristics, the ability to start 
up smoothly with low volatile coals, in addition to good response 
to controls and high over-all efficiency. 

A point well worth mentioning is the keen interest, patience, 
and co-operation displayed by all the service representatives of 
Mr. Weismantle’s company in this work. There was never any 
hint of dictation because of their greater boiler operating ex- 
perience, but a willingness to go along in every reasonable ex- 
periment. Without this spirit, it is doubtful that the investi- 
gations could have been pursued to their logical conclusions. 
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Experience 


With High-Tempe 


ture Steam-Tur ‘bine Rotors and Design 


Improvements in Rotor-Blade Fastening 


Introduction 


By JOSEPH D. CONRAD? 


AT THE conclusion of the presentation of a paper [1]* dealing 
with turbine and generator rotor forgings, at the 1955 Annual 
Meeting of the Society in Chicago, it was stated that, after the 
paper had been printed, there had been two experiences on the 
part of the authors’ company, involving cracking in turbine 
rotor-blade groove walls. Both were in the intermediate-pressure 
rotors of single-shaft, tandem-compound, three-casing, triple- 
exhaust, reheat turbines. The first had taken place in a nickel- 
chromium-molybdenum-vanadium steel rotor at TVA Shawnee 
Station, Unit No. 1; and the second, just a week before the 
Chicago meeting, in Consumers Power Company’s Weadock 
Station Unit No. 7. In the latter case, the forging was of chro- 
mium-molybdenum-vanadium steel. It is the purpose of this 
paper to report the results of the investigations arising from 
these experiences, and the examination of similar rotors in other 
Westinghouse-built turbines. 


The Weadock Rotor 


The mishap on the Weadock No. 7 "turbine took place on No- 
vember 6, 1955. It consisted of a groove-wall failure at the 
second blade row of the i-p spindle. Weadock No. 7 is a 156,250 
kw single-shaft, tandem-compound, three-casing triple-exhaust, 
3600-rpm turbine-generator unit designed for steam conditions 
of 2000 psi, 1050 F, reheating to 1000 F. The reheated steam is 
admitted ahead of the first stage of this spindle. A cross section 
of the entire turbine is shown in Fig. 1, and an enlargement of the 
i-p element is shown in Fig. 2. This i-p element contains all of 
the intermediate-pressure stages following the reheat point and 
one of the three sets of low-pressure exhaust blades. This 
machine had been in service for seven months when the mishap 
occurred. 

Temporary Repair of Weadock Rotor. Eight stages of blading 
immediately following the reheat point were sufficiently damaged 
to require removal. The material between the blade-root grooves 
was machined out to provide specimens for a full metallurgical 
investigation. The machine was returned to service in five 
weeks without these 8 stages and with the reheat temperature 
limited to 850 F. The interceptor valves were adjusted to pre- 
vent them opening wide in order to compensate for unbalance in 


1 The preprints and presentation of this paper also contained a de- 
scription of operating experience on high-pressure rotors which has 
been omitted in the interest of conserving publication space. The ex- 
perience was similar to that with the intermediate-pressure rotors. 

2? Assistant Manager, Large Turbine Engineering, Westinghouse 
Electric Corporation. Mem. ASME. 

3 Manager, Metallurgical Engineering, Westinghouse Electric Cor- 
poration. Mem. ASME. 

4 Numbers in brackets designate References at end of paper. 

Contributed by the Power Division and presented at the Power 
Conference, Allentown, Pa., October 21-23, 1957, of THe AMERICAN 
SocreTy OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, October 
21, 1957. Paper No. 57—PWR-10. 
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thrust brought about by omission of the 8 stages. The machine 
was found to operate satisfactorily up to 170,000 kw. However, 
to provide a large margin of safety, the load was limited to 145,000 
kw (93 per cent of rated capability) until the rotor was replaced 
about one year later. 

Description of the Weadock Rotor Mishap. The machine had 
been operating very smoothly. However, it developed an in- 
creasing amount of vibration over a period of five days imme- 
diately before the mishap occurred. The vibration was somewhat 
spasmodic in magnitude finally reaching a double amplitude of 7 
mils, thus demonstrating that this was a progressive failure rather 
than an explosive one. Successive surges of vibration were 
probably created as progressive cracking allowed the blades to 
lean and permitted shrouds to rub. 

The fracture was of the creep-to-rupture type, and took place 
along the sections AA, BB, and BC in Fig. 3 and extended around 
the circumference about 8 in. The part above AA was completely 
broken out and that above BC almost broken out in a manner to 
let 9 blades come out of the rotor. The blade-entering slots for 
successive rotating rows are diametrically opposite one another. 
This fracture, adjacent to row 2, was at the location of entering 
slots of rows 1 and 3 shown by dotted lines in Fig. 3. Groove-wall 
stresses are higher than average at this circumferential location. 
The stress across section BB is increased by the extra load of the 
closing blade in row 3, transmitted through the serrated breech 
block. The stresses across section AA and BC are increased by 
the cutting of these sections for the entering slots of rows 1 and 3, 
respectively. The detail of this construction is illustrated by 
Fig. 4. Photographs of the failed-rotor groove wall are shown in 
Figs. 5 and 6. 

The stresses at the point of failure were higher than normally 
allowed at this reheat operating temperature due to an unusual 
combination of blade size, row spacing, and radial step-up between 
rows. In combination, this resulted in too thin a wall at both 
AA and BB. This condition was created and not fully checked 
when a previously established design was modified for lower re- 
heat and crossover pressures. The concentration of load due to 
breech-block loading was also above normal, due to use of a 
wider-than-necessary entering slot taken from a larger pitch 
blade using the same fastening. 

Weadock Rotor Material. The rotor was made of chromium- 
molybdenum-vanadium steel of the following composition: 


Per cent 
Carbon 
Manganese 
Phosphorus 
Sulfur 
Silicon. 
Chromium............ 
Molybdenum 
Vanadium 
Nickel 


The forging had been treated during manufacture as follows: 
1 After all forging had been completed, it was equalized at 1450 
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Fig. 3 Enlarged section of Weadock rotor showing location of fracture 


4 
Fig. 1 Cross section of Weadock turbine val 
\ 
Fig. 2 Cross section of i-p element of Weadock turbine i 


F for 10 hr, then cooled at a rate of 30 F per hr to 450 F, held 
12'/,hr. It was then reheated to 1750 F, held for 23 hr, and cooled 
in the furnace to 450 F, and held 12'/, hr. It was then reheated 
to 1300 F, held for 31 hr, cooled slowly in the furnace to below 
400 F, and air cooled to room temperature. The forging was then 
rough turned, faced, and bored. 

2 It was then reheated at a rate of approximately 40 F per hr 
to 1850 F, held for 12'/2 hr, air cooled quickly with fans to 1000 F, 
cooled normally in air to 450 F, and equalized at 450 F for 12'/. 
hr. It was then reheated at a rate of about 30 F per hr to 1225 F, 
held for 23 hr, furnace cooled at about 30 F per hr to 450 F, and 
cooled to room temperature in air. 

3 After being rough machined to drawing size, it was stress re- 
lieved by reheating to 1225 F, held for 36 hr, cooled at about 30 F 
per hr to 400 F, 4nd cooled to room temperature in air. 
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Fig. 6 Close-up of Weadock rotor with partially fractured section 
removed 
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Fig. 4 Entering slots for rotor blades 
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Fig. 5 Weadock rotor showing partially fractured segment in place 
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Table 1 Weadock rotor—notched-bar creep-rupture tests at The acceptance-test physical properties of the forging were as 
1000 F follows: 


Yield strength 
0.2 per cent Elonga- 
Tangential plastic Ultimate tensile tion in Reduction 
test deformation, strength, 7 i area, 
specimens lb per sq in. lb persqin. per cent per cent 
99,000 122,500 15 5 
102,000 124,500 16 
99 , 500 122,500 16 


Speci- ‘ : 
men  Noteh 
no. Stage Direction Stress radius 

l Tang. 96,000 005 

7 Tang. 96, 000 005 
3 Radial 62,000 5 
3 
1 


Rupture 


Tang. 62,000 
Tang. 48,000 


Tang. 48,000 
Tang. 48 ,000 
Radial 40,000 
Tang. 40,000 
Tang. 35,000 


Tang. 35,000 
Tang. 32,000 
Tang. 32,000 
Tang. 32,000 
Tang. 32,000 


CO 


NOTCH 
AT IGSO°F HT) 
| AT I7SO°F (REVISED WT) 
« « -NOTCH SPECIMEN FRACTURE 
ij -SMOOTH SPECIMEN FRACTURE 
- TESTS IN PROGRESS 


10 100 1000 
' Theoretic al stress concentration factor. RUPTURE LIFE - HOURS 


a Fig. 7 1000-F rupture strength of Cr-Mo-V rotor steel with original 
and revised heat-treatments 
» 


Table 2 Weadock rotor smooth-bar creep-rupture tests at 1000 F 

Per cent Per cent 
Specimen Rupture elongation in reduction 
number Stage Direction Stress time, hr 1'/s in. of area 

Tangential 54,000 8 11 

Radial 54,000 29.8 10 

Tangential 54,000 20.0 9 

Tangential 54,000 31.5 11 

Tangential 48, 000 6 


Radial 30,000 
Tang. 30,000 
Tang. 28 , 000 
Tang. 28 , 000 
Tang. 25,000 
Tang. 25,000 


Radial 48 ,000 5 

Tangential 48,000 4 

Tangential 48,000 75 4§ 

Tangential 42,000 2 
Table 3 Cr-Mo-V rotor material with revised heat-treatment combination specimen 
creep-rupture-tests at 1000 F 


Smooth bar 
Speci- Tempering Per cent Per cent Notch-bar 
men tempera- Rupture time, elongation reduction rupture time, 
no. ture, F Stress hr in 1'/2 in. of area hr 
Weadock rotor—retreated 

1225 62,000 32 “ 48 

1225 48,000 433 48 

1300 48 ,000 100 7 

1225 37,500 

Test rotor forging—31 in. diam 

1225 62,000 31.9 

1225 54,000 266 

1225 48, 000 461 

1225 38 , 000 4002 

1300 37 , 500 698 

1300 30, 000 4112 


Production rotor forgings 
1225 62,000 22 
1225 48,000 1489 
1225 45,000 2209 
1200 46 , 000 3610 
1210 46,000 2500 


* Stripped threads in notch bar. ° Notch bar test still running. 


| 
0.9 
1.2 
18.5 
20.0 
44.1 
70 
3 0.0 47.5 
7 7 0.0 63.6 as 
10 1 0.0 410 | wr 
12 3 0.0 452 3.40 
133 0.0 419 = 
14 3 0.0 816 8 
5 3 0.0 517 & 30 
16 3 0.0 1076 7. 
6S 0.0 440 
is 3 0.0 1070 
19 3 0.0 517 10 
2 3 0.0 2201 
= 
Lae 
qt 
ll 8 79 1218 
13 52 2209" 


7, = 


Smooth-bar and notched-bar creep-rupture tests were made on 
the material which had been removed from the rotor before it was 
returned to temporary service. The results of these tests are 
given in Tables 1 and 2 and are plotted in Fig. 7, with broken lines 
showing the locus of points. It is evident that this forging was 
particularly notch sensitive. 

Between the time the forging for this rotor was made and the 
groove-wall failure took place, a change in the heat-treating pro- 
cedure for chromium-molybdenum-vanadium forgings had been 
put into effect. The change in heat treatment consisted es- 
sentially in reducing the previously specified austenitizing tem- 
perature of 1850 F to 1740/1750 F, for purposes of securing im- 
proved ductility both at room and elevated temperatures. 

As part of the investigation, a portion of the material cut from 
the Weadock rotor was retreated in line with the more recent 
practice given above, and creep-rupture tests were made. Re- 
sults of these tests are given in Table 3. 

Also, as part of the investigations, use was made of a 31-in- 
diam X 9-in-thick disk section, sliced from the 31-in-diam body of 
a chromium-molybdenum-vanadium steel forging, rejected during 
an early stage of manufacture for unsoundness at a location quite 
remote from the section secured for test purposes. The forging 
had been produced from a 92-in. ingot, and had the following 
chemical composition: 


Sulfur... 
Silicon. 
Chromium 
Molybdenum 
Vanadium... 
Nickel. . . 


As secured by us, it had received only the preliminary treat- 
ments given before rough machining. 

A section of this rotor was heat-treated to the revised specifica- 
tions and creep-rupture tests were made. The results of these 
tests are given in Table 3. At the bottom of Table 3 are also 
given the results of creep-rupture tests from cored specimens 
taken from several production rotor forgings using the revised 
heat-treatment. 

The data in Table 3 are also plotted in Fig. 7, with solid lines 
showing the locus of points. These results show clearly that the 
revised heat-treatment gives a considerably improved material 
from the standpoint of notch sensitivity. 

In order to obtain a comprehensive picture of the creep-rupture 
strength of this material, representative test data from cored 


Table 4 Inspection and stress reports on Cr-Mo-V rotors 


SPINDLE B Cc D 


Pr a J L 


Start up Date 10/25/54 [11/26/54 | 2 5 
Hrs. Pull Reheat Temp. | | 
Macnine Type 2 cyl 3 cyl 
Austenitizing Temp. FP 8 18 1850 
ring Tusp. FP 1230 1220 
Notes 


12/9/55 
500 


| 

6/8/55 | 6/10/55 | 6, 

3 


3 cyl cyl 3 cyl 
1750 
1220 


Row 1 | Temperature 
Inlet |Nominal Stress 
Multiplier 


rature 
Nominal Stress 
Multiplier 


3| & 


Crack Depth 


. 


Temperature 
Nominal Stress 
Multiplier 
Max Stress 
Crack Length 
Crack Depth 


Temperature 
Nominal Stress 
Multiplier 


Multiplier 
Max Stress 

Crack Length 
Crack Depth 


NOTES: i. 
2. Total length of cracks when more than one 
Maximum depth given where crack varied in 


Cross compound machine, cooling provided in original design. 
crack present. 
deptn. 


. Weadock Spindle, see text for full extent of fractures, 


4 
q 
’ TRANSACTIONS OF THE ASME 
r- Per cent 
a 
« 
j 
e 
1 
0 ) 1 
, 1.61 1.36 11.58 1,38 
16350 25400 | 25400 2370 » | 11700 | 16000 16000 
NE _ NONE NONE 2.6 NONE | NONE NONE NONE 
Row 1 35 35 950 935 =~ Ie 
Outlet 500 11700 | 9870 21400 2100 15600 | 10500 13400 
- 1.53 1.73 1.68 1.68 1.68 1.56 11.43 1,26 
‘ Max Stress 17600 20200 iskoo 35900 | 35900 3530 24300 | 15c00 16900 
Crack Length NONE 360° NONE NONE é.1 NONE NONE | NONE NONE i 
Crack Depth -095 | 
Row 2 | Temperature 935 93 950 935 
Inlet |Nominal Stress | 11700 12100 1710 11300 | 1600 12200 14800 
1,54 1.70 1, 1. 2.85 1.70 1.72 |2.57 1.38 
Max 18000 20600 35000 34000 31 © | 19200 | 25100 | 19200 20400 
( th NONE NONE NONE 2.6 i NONE 3 NONE NONE | NONE NONE ; 
-010 
Row 2 955 930 955 955 955 9 955 945 955 93 7 
Outlet 600 13000 | 10800 20400 | 20400 19900 i6600 | 13000 | i6éoo 12900 13400 
1.55 | 2,36 1.64 | 1.64 1. 1.56 | 1.55 | 1.56 1,26 
800 20000 | 1 37500 37500 36600 25900 | 20000 | 25900 17800 16900 
Ne NONE NONE NONE is NONE NONE NONE NONE | NONE NONE a © € 
Row 3 | Temperature 930 955 930 55 955 955 945 95 955 93 
Inlet |Nominal Stress | 12200 13400 | 11150 20600 20600 19000 16950 23800 15600 | 15300 13400 
Multiplier 1.55 1,70 1.56 1.84 1.84 1.84 1.72 1.70 1,72 1,56 1,26 
Max Stress 19000 17300 37900 | 37900 35000 29100 | 20000 24000 16900 
: Crack Length NONE NONE 18 NONE NONE NONE 
Crack Depth 
4 
Temperature g10 930 910 4 
i Multiplier 1.55 1.63 1.55 1.63 
: Max Stress 23200 21700 | 23200 | 20200 . 
Crack Length NONE NONE NONE 
Crack Depth 4 
Temperature g10 g10 
Seminal 29400 27800 
Multiplier 1.56 
. Max Stress 45900 43 
Crack Lengt NONE NONE . = 
Crack Depth vi 
875 875 
1. 
Max Stress 25200 23800 
Crack Leng NONE NONE 
Crack Der 
Row 5 |T 87 5 
60000 56600 
NONE NONE 
4 = 
= 
apt 
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specimens of many rotors have been plotted with stress to rupture 
versus a time-temperature parameter [2] in Fig. 8. 


Inspection of Chromium-Molybdenum-Vanadium Steel Rotors 

Immediately after the Weadock experience, owners of similar 
machines were requested to reduce the reheat temperature about 
50 F until an inspection could be made. During the past two 
years, ten other rotors made of the chromium-molybdenum- 
vanadium-steel material have been inspected after service periods 
up to 13,000 hr. Pertinent design data, operating conditions, and 
results of inspection are given in Table 4. In this table, rotor EF 
is Weadock and D and F are very nearly duplicates of that ma- 
chine. Since two different heat-treatments were used on this 
material, this is designated in the table. 

It will be noted that two other rotors, B and D, had cracks and 
both used the 1850 F heat-treatment. No rotor using the 1750 F 
heat-treatment had any cracks including rotor F, one of the near 
duplicates, which ran almost as long as Weadock. Also, one of 
the rotors which cracked, rotor B, had considerably less stress 
than Weadock'and ran less than twice as long. Rotors A, C, and 
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G used the 1850 F heat-treated steel; however, the combination 
of stress and temperature in these cases gave a more favorable 
condition than in B or E. 


Operating Experience With Nickel-Chromium-Molybdenum- 
Vanadium Steel Rotors 

Prior to 1953, all high-temperature rotors used by Westinghouse 
were made of a nickel-chromium-molybdenum-vanadium steel. 
This material was made with some variations in chemical com- 
position and heat-treatment. In general, it had been found to be 
very satisfactory with metal temperatures from 850 to 950 F. 

One form of this material had been made in 18-in-diam forg- 
ings and extensively tested at 1000 F with very good results. 
Prior to the adoption of the chromium-molybdenum-vanadium 
steel just described, this form of the nickel-molybdenum-vanadium 
steel was applied to a number of rotors for operation with metal 
temperatures near 1000 F. Among these machines was the i-p 
element of the Shawnee No. | unit of the TVA system. This 
machine is similar in design to Weadock except the i-p groove- 
wall stresses are much lower. 


Table 5 Inspection and stress reports on Ni-Cr-Mo-V rotors 


SPINDLE B c D 


P 


7/5. 4, 
42 15/53 
3 cyl 3 cyl 


Start up Date 
Hrs, Pull Reheat Tem. 
Machine Type 


6/15/53 6/15/33 
9000 
3 cyl 3 cyl 


Nominal Stress 
Multiplier 
Max Stress 
Crack Length 
Crack Depth 


Temperature 
Nominal Strese 


Multiplier 
Max Stress 


|Nominal Stress 
Multiplier 


rature 
Nominal Stress 
Multiplier 


Nominal Stre 
Multiplier 
Max Stress 
Crack Length 
Crack Depth 


rees 


Crack Depth 


rature 
Nominal Stress 


‘ j 
> 
53 1/54 1/54 
cyl 1 3 cyl 3 cyl 2 eyl 
| 990 990 990 990 990 830 
00 18500 18 18990 18500 | 18900 5450 18900 11600 
1.125 360 360° «360° NONE 360° NONE ~ 
1265 020 1.00 1.25 090 +125 225 
mex 9000 23600 20300 18960 18900 | 18900 5450 18900 12400 
ra NONE 1.25 3.25 1 6.5 NONE 360° NONE 
Inle s | 6340 11500 10400 11300 11300 116 3560 11300 ‘00 . 
1.59 1,58 1.57 1.70 1.70 1,58 1.55 | 1.70 1.42 
10050 | 18100 16300 19200 | 19200 | 1630 5500 19200 12800 
Crack Length NONE NONE NONE 360 NONE NONE 360 NONE 7 
Temperature 5 5 955 955 955 95: 95 985 
Strese | e500 $200 10800 73500 | | $3500 13000 Boo 
Multiplier 1.44 1.44 1.45 1.55 1.55 1.45 1.55 1.57 1.55 1.42 
Max Stress 13300 15600 20000 20000 15600 | 20000 20000 12500 
Crack Length NONE NONE NONE 360° NONE 4 NONE 17 NONE 4 = 
Row 3 | Temperature 5 955 95: 955 955 95: 
Multiplier 1.59 1,58 1.60 1.70 1.70 1, 1.70 1.57 |1.70 1.42 
Max Stress | 10300 18500 17900 20000 20000 18000 | 20000 380 20000 12500 A od = 
»: Crack Length 360 360 360 7 . 
Crack Length 8 NONE 
Temperat 910 910 910 ¥ 
Multiplier 1.71 1.71 1.71 
Crack Length NONE 
Row 5 | Temperature 310 
2 ; 
a Row 5 |Temperature 890 
Mult 1. i. 
Crack Lengt 1,00 NONE ~<= w 
12900 12900 
mult 1.72 1.72 
Max 22200 22200 > 
7.75 2 { 
rack Depth +22 +050 tie a 
- 
2. Total length eracks when more than one crack present. 
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_ Shortly before the Weadock mishap, this TVA machine was 

being modified for reasons unrelated to the rotor problem. At 

that time rotor blades in the first row were found to be leaning. 

On removal of the blades, the groove walls on each side of the row 

were found to be cracked. The crack extended the entire circum- 

ference on the inlet side and was about halfway through the wall 

adjacent to the entering slot. The crack on the outlet side was of 

short length and relatively shallow. 

The chemical composition of this rotor forging is as follows: 
Per cent 

Manganese 

Sulfur... 

Silicon. 

Nickel. 

Chromium... . 

Molybdenum. . 

Vanadium..... 


The forging was heat-treated during manufacture as follows: 


Table 5 (cont.) Inspection and 
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1 After all forging had been completed, the forging was 
equalized at 1300 F for 14 hr, and control cooled to 460 F, and 
held at 460 F for 24 hr. It was then reheated to 1640 F and held 
for 36 hr, and air cooled to 1200 F, then control cooled to 460 F, 
and equalized at 460 F for 24 hr. It was then reheated to 1220 F 
and held for 36 hr, and control cooled to 400 F, and then air 
cooled. 

2 The forging was then rough turned, faced, and bored. It 
was then reheated to 1600 F, held for 32 hr and air cooled to 460 F, 
and equalized at 460 F for 30 hr. It was then reheated to 1140 F, 
held for 45 hr, and furnace cooled to 600 F, followed by cooling 


- to room temperature in air. 


3 The forging was then rough machined to forging drawing 
size. It was then stress-relieved by heating to 1150 F, held for 38 
hr, and furnace cooled to 450 F, then air cooled to room tempera- 
ture. Failing to meet the specified physical properties, the forg- 
ing was retreated as follows. The forging was reheated to 1600 F, 
and held for 32 hr, and air cooled to 450 F, and equalized at 450 F 
for 16 hr. It was then reheated to 1160 F, held for 38 hr, and 


stress reports on Ni-Cr-Mo-V rotors 


SPINDLE 


Start up Mate 


4/24/54 
Hrs. Pu 1l Reheat 13000 
Machine Type 


3 cyl 


7/22, 19/54 2/9/5' 6/10 
4 % 5 10/55 
3 cyl 3 eyl 3 cyl 


1,2 


Temperature 
Nominal Stress 
Multiplier 


Temperature 
Nominal Stress 
Multiplier 


Multiplier 
Max Stress 
Crack Length 
Crack Deptn 


rature 
Nominal Stress 
Multiplier 
Max Stress 
Crack Length 
Crack Depth 


Temperature 
Nominal Stress 
Multiplier 


Temperature 
Nominal Stress 
Multiplier 
Max Stress 
Crack Length 
Crack Depth 


Temperature 
|Nominal Stress 
Multiplier 


depth given where crack varied in depth. 
2: Total length of cracks when more than one crack present, 
3. Cooling provided in original design. 


| | ate- ¢ 
6/4/54 
Row 990 990 990 990 990 990 860 
Inle 10900 10900 10900 10900 10900 | 10900 15900 
1.73 1.73 1,72 1,73 1,73 1,73 | 1,73 1.61 
18900 18900 18960 18900 | 18900 18900 18900 25600 
Crack Length 6 240° 360 360 2.5 NONE NONE NONE 
: : = 
Max Stress 18900 18900 18900 18900 18900 18900 33100 
Crack Length NONE 6.5 360° 1.75 NOWE NONE NONE 
Inlet |Nominal Stress | 11300 1130 11300 11300 11300 11300 | 11300 19600 “= _ 
Multiplier 1.74 1.74 1.74 1.74 1.74 1.74 1.74 1.76 = 
Max Stress 19200 19200 | 19200 | 13200 | | | 
Crack Length NONE. 1.25 953, NONE A 
r crack Depth -060 -060 4 
995 955 955 955 955 955 955 
Outle 13000 13000 13000 13000 13000 13000 | 13000 18700 Ys 
1.55 1.55 1.55 1.55 1.55 1.55 | 1.55 1.76 
20000 20000 20000 20060 20000 20000 | 20000 32900 - on 
i NONE NONE NONE 1.375 NONE NONE 
Row 95 95 95 95 95 95 
Inlet Tiboo | | {i800 | i600 | 18700 
1.70 1.70 1.70 1.70 1.70 1.70 | 1.70 1.76 
- 20000 20000 20000 20000 20000 20000 20000 32900 
NONE NONE 22.375 NONE 
Row 930 930 930 q 
‘ Outle 14900 | 14900 14900 = 
4 =t 2.35) | 1.35 1.35, 1.76 
Inlet 14700 . 
Crack Length 4. 
Row 4 | Temperature 910 ; 
Outlet |Nominal Stress 18600 th 
tress 3 
Row 5 | Temperature gio i 
Iniet |Nominal Stress 13200 
Multiplier 1.73 4 
= Max Stress 22900 
e Crack Depth 
a 
Re § 
= 
J Crack Depth 
4 
4 
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Fig. 8 Smooth-bar rupture strength of Cr-Mo-V rotor steel 


furnace cooled to 450 F, then air cooled to room temperature. 


The room-temperature physical properties of the forging were 
then as follows: 


Yield strength 
0.2 per cent 
plastic 
deformation, 
Ib per sq in. 
106, 500 
108 , 000 
107 , 000 


Elonga- 
Ultimate tensile tion in Reduction 
strength, 2 ms of area, 
lb per sq in. per cent per cent 
125,500 
126, 500 
126,000 


Tangential 
test 

specimens 
X-1 
X-2 
X-3 

Seventeen other rotors made of this material have been in- 
spected during the past two years. These rotors had been in 
operation for periods up to 58,000 hr. For most machines, the 
operating time was considerably longer than for the previously 
discussed group of machines. The results of these inspections 
are given in Table 5. Rotor D, in this table, is TVA Shawnee 
Unit No. 1 described above. Eleven of the additional rotors had 
cracks and six had none. The depth of the cracks varied from 
0.020 in. in rotor C to 1'/, in. in rotor E. Two machines, E and 
J, had cracks as far down the rotor as the 900-F zone. 

A study of the stresses, operating temperatures, and time be- 
fore cracking occurred, shows that this material must have a wide 
scatter in creep-rupture properties. Core specimens were taken 
from all rotors inspected and creep-rupture tests are being made. 
Results from these tests also indicate a wide variation in the 
creep-rupture properties of these rotors. 

Results of these tests are shown in Fig. 9. Rupture time is 
plotted versus a time-temperature parameter. Also on this plot 
are shown test data obtained from specimens taken from 18-in- 
diam forgings previously mentioned. These later results were the 
best available data at the time the subject rotors were designed. 
Two things are significant from these data. First, there is a wide 
scatter in the high-temperature properties of this material. 
Second, the data available at the time these rotors were designed 
indicated creep-rupture strength considerably higher than that 
found in subsequent tests of specimens taken from actual rotors. 

From one rotor which had operated about 2'/. yr, specimens 
were taken from the hot end and the cold end, both from points 
of low stresses. Those from the hot end showed about '/; lower 
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Fig. 9 Smooth-bar rupture strength of Ni-Cr-Mo-V rotor steel 


rupture strength than those from the cold end. There appears to 
be a deterioration of this material with time and temperature at 
least in the 950 F to 1000 F zone. : -_ 


Stress Analysis 


It is not within the scope of this paper to go into the many 
aspects of the stress problem where biaxial strain affected by time 
is involved; however, the paper would be incomplete without 
some form of stress analysis. 

The general approach used to compare the stress levels in the 
various rotors covered in this paper is given in the Appendix. 
While this is an oversimplification of the problem, it is believed to 
result in a valid comparison of stress levels in various rotors. 

The stresses in Tables 4 and 5 are first given for the groove wall 
away from any locking piece; a factor is given for stress and load 
concentrations at the locking device; finally, a resultant stress at 
the locking device is shown. The most intangible part of this 
calculation is the selection of an effective stress-concentration 
factor. This factor is a function not only of the groove geometry, 
but also of the notch sensitivity of the rotor material under the 
particular stress system, stress level, and temperature. 

In Figs. 10 and 11, the stresses at the locking device calculated 
by this method are plotted versus a parameter representing 
operating temperature and length of service before cracks were 
found. In most cases, the points fall well within the scatter band 
of creep-rupture tests made with cored samples from this group of 
rotors. Significantly, the points falling outside the scatter band 
all represent the notch-sensitive variety of Cr-Mo-V rotors. For 
such rotors, it is essential to relate the stress analysis to notch-bar 
tests run under representative stresses and temperatures. 

The development of a high-strength rotor material which is 
fully notch insensitive under all conditions of stress and tem- 
perature is still a goal in the fields of metallurgy and steel-making. 
Until this goal is achieved, the correction evaluation of the 
effect of unavoidable stress concentrations on the rupture life 
remains an important part of the stress analysis. ‘ 


Solution of the I-P Rotor Problem—Steam Cooling 


Three-cylinder triple exhaust machines of both the TVA basic 
frame and the Weadock modification have an important dif- 
ference as compared to our two-cylinder reheat machines. nal 
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Fig. 10 Relation between stresses in cracked Cr-Mo-V rotors and 
test-scatter band 


ferring to Fig. 1, it will be seen that a portion of the rotor is ex- 
posed to the full 1000-F reheat steam between the first stage and 
dummy. In the two-cylinder machine (see Fig. 12), the 1000-F 
reheat steam passes through the first stage and decreases in tem- 
perature before contacting the rotor. Also, the rotor right up to 
the first stage is cooled by the gland steam leakage from the h-p 
exhaust (cold reheat steam.) This reduces the temperature at the 
point of highest stress on the inlet side of the first row. Stratifica- 
tion of this leakage steam along the tips of stationary blades can 
effect some cooling for several stages. Also, heat flow in the 
spindle toward the cooler sections in both directions creates a 
gradient which gives a lower temperature at the higher stressed 
points between rows one and two. 

Fig. 13 shows the results of a heat-flow calculation giving metal 
temperatures in a typical two-cylinder i-p rotor using 1000-F re- 
heat steam. Fig. 14 shows the results of similar calculations in 
the i-p rotor of three-cylinder machines of the Weadock and TVA 
design. It will be noted that the temperature at the critical point 
is about 50 F lower in the two cylinder machine. It is noteworthy 
that no cracking has thus far taken place in any two-cylinder rotor 
of this design. 

A fairly simple modification has been made on three-cylinder 
machines to accomplish this cooling. Fig. 15 shows this modifica- 
tion. These machines already had cold reheat steam from the 
h-p exhaust introduced at A to supply the dummy leakage, 
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Fig. 11 Relation between stresses in cracked Ni-Cr-Mo-V rotors 
and test-scatter band 


thereby reducing the temperature of the dummy seals, gland 
seals, and cylinder end wall. The modification consists of: 


1 Addition of baffle B. 
Increase of seal clearance at C. 
Elimination of seals at D. : 
Enlarging the orifice in cooling-steam supply line. 
Drilling of holes through base of blades at E. 
6 Installation of thermocouples at F, G, H, and I to deter- 
mine the amount of cooling. 


Temperature readings on a machine so modified shows the 
following: 
Thermocouple F: _ 
Thermocouple G: 


Thermocouple H: 
Thermocouple I: 


7. . 
Using these readings, metal temperatures were computed in 
the rotor. These are shown in Fig. 16. By comparing with Fig. 
14, it will be noted that the temperature at critical points is re- 
duced about 50 F. 


Stress Reduction 
In addition to cooling, several modifications were made to re- 
duce the stress. These include: 


1 The replacement of several critical rows with lighter blades 
made of higher-strength material. : 

2 Alteration of blade roots to reduce weight. 

3 Omission of closing blade in critical rows. 

4 Alteration of locking pieces to reduce weight. 

5 Increase of groove fillets and improvement of groove-wall 


finish to reduce stress concentration. 
A 
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‘Fig. 13° Temperature distribution in h-p—i-p rotor of 2-cyl turbine 
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Fig. 14 Temperature distribution in i-p rotor of 3-cyl turbine 
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Fig. 15 Modification for cooling of i-p rotor on 3-cyl turbine 


e 


| 
1220 > 
— 
| 
960° 
B90" 910° 920° 930° 940° 
i 


AUGUST, 1958 


—— 850 


COOLING STE 


4 SPINDLE 


Fig. 16 Temperature distribution in i-p rotor of modified 3-cyl turbine 


6 Addition of a fillet in the bottom of the serration in entering 
slots to reduce stress concentration. Oo 


Operating Experience With Modified I-P Rotors 


Machine C (Table 4) was modified in January, 1956. This was 
the first machine modified and the control of cooling steam and 
measurement of temperature at points F, G, H, and I (see Fig. 15) 
had not been perfected. Some cooling during the subsequent 
period of operation was evident from the temperature readings at 
F. However, the more indicative reading at G was lost after a 
brief period of operation because of a defective thermocouple 
Prior to the loss of the thermocouple reading, there 
was an indication that the cooling was only about 25 F. The 
stress had been markedly reduced at the two points of cracking 
by omission of blades in each row at the entering-slot locations. 
This machine was inspected again in August, 1957, after 18 months 
of additional operation at full-reheat temperature and with the 
stress reduction and somewhat indeterminate cooling described 
above. At the identical locations of cracks found previously, 
there were again faint traces of cracks each about */, in. long. 
They were removed by local grinding about 0.025 in. deep. After 
apparently removing one of these cracks by grinding, a trace was 
still found after etching. These cracks are very hard to find be- 
cause of the presence of a hard oxide inside of them. It is difficult 
to get any of the penetrant oils to penetrate this oxide. It is, 
therefore, not certain that the cracks were completely removed at 
the time of modification in January, 1956. Therefore, no specific 
conclusion is possible on this machine. 

Another machine (P in Table 5) was modified in May, 1956. 
The cooling and temperature-measuring features on this machine 
were made with the benefit of the experience gained on the earlier 
turbines and the results were more effective. Most of the stress- 
reducing features were included. Full-reheat temperature opera- 
tion was restored at that time. Another inspection was made in 
August, 1957, after 15 months of additional operation. There 


connection. 


was no further cracking of this rotor. Apparently, the combina- 
tion of stress reducing at the locking slot and the cooling was 
effective in solving the problem on this rotor. 


Material Used on New Machines 


On new machines, we are restricting the use of the nickel- 
chromium-molybdenum-vanadium steel to rotors where the metal 
temperature is 900 F or less and have reduced the allowable stress 
in the temperature bracket from 800 F to 900 F. For rotors with 
metal temperatures over 900 F, we are using the chromium- 
molybdenum-vanadium steel with the revised heat treatment. 
Research work is now in progress to determine the optimum heat 
treatment. There is already some evidence that the notch 
sensitivity can be further reduced with an additional modification 
of heat treatment, but with some reduction in room-temperature 
yield strength. This, of course, would affect the design of the 
lower temperature zones of such rotors. All new designs are 
now being worked out on the basis of a minimum-room-tempera- 
ture yield strength of 80,000 psi instead of the 95,000 psi now 
specified. We are therefore prepared, on most machines, to 
change to a lower room-temperature yield strength should this 
make it possible to produce a forging with better high-temperature 
properties. 


Design Improvement 


We have also changed the design in the high-temperature 
zones in a manner to further lower the stresses in groove walls. 
These design changes include the following: 


1 Use of more efficient blade fastening. 
(a) Double-T circumferential groove. = 
(b) Fir-tree side-entry groove. 
2 Improved entering slot and locking device on circumferen- 
tial grooves, of either the double-T or single-T type. 


Fig. 17 shows three types of fastening. The first is the con- 
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Fig. 17 High-temperature blade fastenings 


Fig. 19 
device 


Contrast of groove-wall slotting using old and new locking 
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entional single “T”’ circumferential fastening. The second is the 
double “‘T”’ circumferential fastening which will give a moderate 
reduction in spindle stress for the same spacing of blade rows. 
The third is the fir-tree side-entry fastening. This gives the low- 
est rotor stress for a given spacing of blade rows. Its use is limited 
to critical points in machines because of the greater machining 
accuracy required and the longer time necessary for production. 
Also, the stress in the blade root is somewhat higher than in the 
other types of fastenings. 

Fig. 18 shows the new locking device. This device is shown in 
three stages of assembly. The two pairs of half-round pieces 
ire made in jig fixtures to assure accuracy of matching of serra- 
tions between the parts. The closing blade of a row is inserted 
radially with the shorter serrated pieces in the rotor notch and 
the longer serrated pieces in the blade-root notch. The projec- 
tion at the top of each piece in the blade root allows the assembly 

» be brought into exact position for rotating the parts and closing 
he lock. Fig. 19 shows the contrast of groove-wall slotting for 
he old and the new locking device. It is believed that the maxi- 
ium stress at the locking device is reduced by '/; by use of this 
evice. 


Conclusion 


The nickel-chromium-molybdenum-vanadium steel has a wide 
scatter in creep-rupture strength above 900 F and in some cases 
may undergo metallurgical changes above 950 F. Modifications 
employing a combination of cooling and reduction of stress ap- 
pear to have been effective in protecting rotors where operating 
metal temperatures were over 900 F. This material is no longer 
used for designs in which metal temperatures in excess of 900 F 
are expected. 

The chromium-molybdenum-vanadium steel using the earlier 
heat treatment with an austenitizing temperature of 1850 F is 
particularly notch sensitive. Cooling and reduction of stress 
concentration are important factors in raising the margin of 
safety of rotors using this material and heat treatment. 

The chromium-molybdenum-vanadium steel using the later 
heat treatment with an austenitizing temperature of 1750 F is a 
much improved material with respect to notch sensitivity at 
elevated temperature. 

Greatly accelerated development studies have led to an im- 
provement in blade fastenings, locking devices, and the applica- 
tion of cooling to critical zones resulting in lower stresses and 
better use of available materials. 
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APPENDIX 


The groove-wall stresses are calculated by consideration of the 
various possible modes of failure. Along the planes of highest 
stress, the loading is generally such that tension, bending, and 
shear are acting simultaneously, such as, on planes AA and BB in 
Fig. 20. 

The stress analysis is made by considering a stress-strain rela- 
tion of the form « = Bo", where «€ is the strain at a given time, B 
is a constant dependent on the material properties and tempera- 
ture, o is the tensile stress, and n is an exponent which again 
depends on material and temperature. The differences in stress 
distribution for the elastic, plastic, and creep cases are illustrated 
in Fig. 21. 

For temperatures below the creep range and for stresses below 
the elastic limit, n is equal to 1, and the analysis reduces to the 
familiar elastic-stress calculation. 

For an idealized stress-strain diagram above the elastic range 
where the stress remains constant as the strain increases (no 
strain hardening), n becomes infinite, and the analysis reduces to a 
plastic-stress analysis (or limit design). 

At high temperatures, under creep conditions, the relation be- 
tween strain-rate and stress is approximated by a power function 
where the exponent n normally varies between 2 and 10. A low 
value of n indicates a tendency to brittleness, a high value of n 
a tendency to ductility. The maximum stress in a beam subjected 
to tension and bending can be calculated from the following 
relation 


o, = C,(o4 + 0%) 


where go, is the maximum stress on the beam, gc, is the tension 
stress, o, is the bending stress, and C, is the coefficient de- 
pendent on n and the ratio of a, to o,, as shown on Fig. 22. 

No exact theory on the effect of superposition of shear to ten- 
sion and bending stresses on creep-rupture life has yet been de- 
veloped. Several approximations have been made for the plastic 
case [4, 5, and 6]. In this paper, to include the effect of shear, 
an equivalent combined stress is calculated from the empirical 
relation 


where 7 is the average shear stress in the plane in question. 

This relation has been verified by a number of tests, and is ex- 
pected to give a good approximation to the rupture life when 
compared to creep-rupture results on standard test specimens. 

The locking-device construction is such that the centrifugal 
load of the closing blade is transferred to the rotor by edge 


Fig. 20 Location of calculated stress planes in rotor grooves 


“A-ELASTIC STRESS = o,+ 0, 
B-PLASTIC STRESS 
C-CREEP STRESS, Op = 9) 


Fig. 21 Comparison of elastic, plastic, and creep stresses 


Fig. 22 Ratio of creep stress to elastic stress for various values of n 


loading along serrations cut parallel to the axis cf the rotor as 
shown on Fig. 4. This load was found by photoelastic tests to 
decay in about three blade pitches. The load concentration at 
the edge of the lockslot can then be calculated. 

The effect of stress concentration at the groove fillet is de- 
pendent on the notch sensitivity of the material. For every 
ductile material, this stress concentration would not affect the 
rupture life. For brittle materials, this stress concentration can 
reduce the rupture life appreciably. 

A continuing study is being carried out to determine the effect 
of stress concentrations on creep-rupture life under complex load- 
_ ing for materials with various values of notch sensitivity. 

pas 
Discussion 


T. G. Foulkes.’ This paper presents a lili wl story of 
difficulties observed in service and steps taken to correct them. 
We have here a demonstration of the most reliable research pos- 
sible—full scale research.+ It is unlikely that research on small 
laboratory processed specimens would have resulted in the metal- 
lurgical decisions arrived at in this instance. Here is evidence of 
how close design engineering comes to the ultimate of the range of 
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properties of the material and how design improvement results 
in performance improvement. 

The decision to reduce the final austenitizing temperature from 
1850 F to 1750 F is gratifying to the forging industry. It means 
less distortion hazard, less scaling tendency, greater refinement 
of microstructure. The decision to lower the yield strength re- 
quirement is also gratifying to the forging industry. This per- 
mits higher tempering temperatures with the accompanying trend 
toward less residual stress and greater uniformity of mechanical 
properties. 


A. W. Rankin. The power-generation industry should, and I 
am sure does, appreciate the frankness and directness with which 
the authors have discussed their operating experiences with high- 
temperature steam turbine rotors. The construction of precision 
equipment of this size presents many unique challenges, some of 
which cannot be fully appreciated until they are bared by the 
ultimate test of relatively long-time operation. More specifically, 
in high-speed, high-temperature rotors, we must withstand high 
operating stresses for life periods unmatched in any similar high- 
temperature equipment, within a reliability which will permit al- 
most no margin of error because of the serious consequences of a 
major rotor failure, and we must do this with the materials which 
the industry can produce in the required sizes and within the 
limitations of available technical knowledge. Over all this 
hangs the specter of ‘‘adequate’’ ductility, whatever adequate is, 
and the knowledge that laboratory tests of sufficient life periods 
are of little avail since at their conclusion one has either committed 
many tons of material to production and operation, or has super- 
seded such material with stronger and more complex alloys. 
With these thoughts in mind, the forthright treatment of any 
operating experiences should be appreciated fully since it aids 
both manufacturers and operators to meet the challenges which 
will come with this industry’s expected future growth and Brob- 
dingnagian units. 

As pointed out in our own report on the turbine wheel fracture 
at Tanners Creek,’ we were also concerned about the rupture 
ductility of the chromium-molybdenum-vanadium alloy when 
austenitized from 1850 F, and early in 1953 we introduced the 
1750 F austenitizing treatment. Following the Tanners Creek 
fracture, we also introduced the practice of making high-tempera- 
ture rupture tests for estimates of ductility through parameter 
evaluations on every production turbine rotor, and specific duc- 
tility levels must be obtained before such rotors are released for 
complete processing. By this means we have ensured that the 
superior rupture ductility obtainable with the 1750-F treatment 
will be maintained in continued routine production. 

The scatter which seems inherent in long-time high-tempera- 
ture strength will be bothersome to designers until high-tem- 
perature rupture is itself better understood. We have combated 
this for many years by taking rupture specimens from every high- 
temperature rotor in manufacture before release for final 
machining. In addition, we have attempted to obtain relatively 
complete data on new or modified alloys before committing them 
to production use, although sometimes it is difficult to determine 
what ‘‘complete”’ is, and in rotor design our most important speci- 
mens are taken from full-size rotors since only in such sizes can 
one be certain that the correct cooling rates have been obtained. 


* Manager, Turbine Structural Engineering, Large Steam Tur- 
bine-Generator Department, General Electric Co., Schenectady, N. Y. 
Mem. ASME. 

7“Report of the Investigation of the Turbine Wheel Fracture at 
Tanners Creek,’”’ by A. W. Rankin and B. R. Seguin, Trans. ASME, 
vol. 78, 1956, pp. 1527-1546. 
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As a matter of interest, before we introduced the chromium- 
molybdenum-vanadium alloy, we had three full-diameter forgings 
available for test specimens, these three forgings being: (1) 
Molybdenum-vanadium; (2) nickel-molybdenum-vanadium; and 
(3) chromium-molybdenum-vanadium. In addition, in our ecur- 
rent Rotor Development Program, we are also utilizing full-size 


rotor forgings, of new compositions and/or heat treatments, to 


obtain our evaluation test specimens. 

The maintenance of an adequate safety factor for high- 
temperature design stresses is of considerable difficulty, particu- 
larly in this field of expected long life in which the designer may 
not know for several years that his safety factors are not adequate 
to withstand design, manufacturing, and operating misadven- 
tures. One requires for this not only a competent stress-analysis 
group with full studies on each machine, but also a safety-factor 
policy that recognizes human limitations in visualizing all the 
points of major stresses. In our own case, our Tanners Creek in- 
cident caused us to recognize the stress intensifications which 
could result at bucket gates in wheels, and early in 1953 we in- 
troduced specific allowable stresses for these important points, 
and also introduced new and lower-stress designs for the closing 
pieces at these points. 

In conclusion, the writer expresses his appreciation to the au- 
thors for their complete discussion of these operating experiences, 
and his sympathy on the concatenation of events which resulted 
in these failures. Through these discussions of our mutual 
problems, we will all be better able to provide the power-genera- 
tion equipment needed by the country in this disturbed period. 


Authors’ Closure 


The authors appreciate the gracious comments of Messrs. 
Foulkes and Rankin, especially since each is intimately associated 
with the problems of supply and application of rotors for the 
exacting service involved in modern steam turbines. 

Developments must go hand in hand with our ability to obtain 
satisfactory alloy forgings. Only by advances in the field of 
metallurgy can we hope to secure those economic gains promised 
by increasing turbine unit size and increasing operating steam 
temperature. As manufacturers, we must, of course, assess 
our requirements realistically and from that point forward 
must look to the steel supplier to co-operate closely in develop- 
ing compositions and treatments which are adequate for the 
purpose intended. 

The i-p—_-p rotor, largely dealt with in this paper, presents an 
unusual problem, in a large mass of steel, in that we desire a 
forging with excellent high-temperature properties at one end 
along with very high strength at low operating temperature at 
the other end. As is so often the case in engineering design, this 
situation leads us into a compromise with the optimum solution 
available for either end condition if it were considered alone. 

That we encountered difficulty here is a matter of considerable 
disappointment. We extended the Ni-Cr-Mo-V alloy application 
to operating temperatures for which subsequent experience 
shows it unsuitable. 

Fortunately, the resulting groove wall cracks progressed 
slowly, were detected, and corrective action was taken. In 
contrast, the only alternative material available at the time was 
the Cr-Mo-V alloy with the early 1850-F heat-treatment, which 
has proved susceptible to rapidly propagating fractures with 
the possibility of more serious damage. In retrospect, it appears 
better to have overstepped the limitations of the nickel alloy 
in a number of rotors than to have more widely applied the 
notch-sensitive variety of the Cr-Mo-V steel. 
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‘he Propagation of Cracks and the Energy 


By H. F. BUECKNER,' SCHENECTADY, N. Y. 


: The Griffith-model of brittle fracture of elastic solids and the 
model by Irwin and Orowan for the brittle fracture of elastic- 
plastic solids predict the propagation of cracks on the basis of 
energy supplied by the work of externally impressed forces and 
by the change of strain energy. Previous discussions have 
neglected the three-dimensional viewpoint and the body forces. 
Since the Irwin method of fracture-strength analysis has become 
of increased interest, especially with respect to rotor fracture, a 
general analysis of energy supply is presented. The analysis 
uses Clapeyron’s theorem and Betti’s reciprocal theorem. One 
of the results is that the energy supplied for crack extension 
equals the strain energy of the difference of the two stress fields 
before and after crack extension. 


Introduction 


7 


Tue following considerations deal with the change of strain 
energy and with the work of impressed forces during crack ex- 
is assumed that the strains are small and that 
The follow- 


tension. It 
stresses and strains are correlated by Hooke’s law. 
ing models of crack propagation are assumed: 

The Griffith-Model. It has been demonstrated by Griffith 
(1)? that the onset of crack propagation in brittle material like 
glass can be explained by considering an elastic body with two 
forms of potential energy. These are the strain energy and the 
surface energy, the latter one stored with constant density H 
along the surface of the body. As an example we consider, 
Fig. 1, a plate of uniform thickness h and of rectangular shape 
with two opposite sides subject to a constant tension o. Let 
there be a crack of length 2c (blacked area) parallel to the loaded 
sides. Let us assume that the crack extends to length 2c’ while 
the two loaded sides are kept by fixed grips. The external 
forces will do no work. The extension creates new surfaces with 
4(c’ — c)h as gain in area. This requires the surface energy to 
increase by 4(c’ — c)hH. The strain energy U decreases to an 
amount U’, and 


is a necessary condition in order to make the crack extension pos- 
The difference between the two sides of Inequality [1] 
In the 


sible. 
will appear as kinetic energy at a real crack propagation. 
limit c’ > c a certain strain-energy release rate 


Mae 
=a. 
is obtained. Condition [1] implies 

! Engineering Mathematician, Large Steam Turbine and Generator 
Department, General Electric Company. 

? Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

Contributed by the Power Division and presented at the Annual 
Meeting, New York, N. Y., December 1-6, 1957, of Tue AMERICAN 
Society or MECHANICAL ENGINEERS, 

Notre: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Sep- 
tember 5, 1957. Paper No. 57—-A-189 
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Assuming a virtual crack extension for any pair of parameters 
o, c Griffith found 


U* = mco"/E E = Young’s modulus... [4] 


which holds for a state of plane stress and for c small against the 
dimensions of the plate. For constant c and sufficiently small 
values of o the release rate U* is below 2H. There will be no 
crack propagation. For a critical value of o, namely 


o* = {5} 


the equality sign in [3] is reached. At this value crack propaga- 
tion can start and, indeed, this was observed by Griffith. 

The Model of Irwin and Orowan for the Brittle Fracture of Mild 
Steel. The experiment of Fig. 1 can be repeated with mild steel 
rather than glass as material of the plate. There is experimental 
evidence to support the existence of a critical stress o* and even 
the type of the law [5], (9). However, H has to be substituted 
by another quantity, say '/2G,, which is much larger than H, in 
some cases by a factor of 1000. Clearly the surface energy plays 
no role whatsoever. Due to Orowan (2, 3) the phenomenon can 
be explained by plastic deformation of a certain surface layer 
along the crack. In the realm of elasticity the stresses become 
infinitely large at the root of the crack. In reality a zone 1 of 
contained plastic deformation will appear at the root (see shaded 
area of Fig. 2). As the crack propagates zone 1 will be unloaded 
but some permanent plastic deformation will be left. Another 
zone 2 of plastic deformation will be set up, thereafter partially 
relieved, and so forth. Thus a surface layer of permanent plastic 
deformation is generated along the crack. This process is dis- 


= 


= 
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sipative as mechanical energy is transformed into heat. If the 
layer is thin and of constant thickness then one may calculate the 
dissipated energy in proportion to the gain in crack surface. 
This makes it plausible why Formula [5] would stay valid with 
a dissipation density G, substituted for 2H. In this way the 
following model for the brittle fracture of mild steel is obtained: 

The rupturing body is considered to be elastic; energy dissipa- 
tion goes with the creation of new crack surfaces, and it is pro- 
portional to the area gained times a certain density factor 1/2G,. 

An extensive application of this model as well as theoretical 
results about the release rate of strain energy are due to Irwin 
(4 to 8). The model is simple, and it cannot be expected that it 
will explain all phenomena which occur in fractures. Even so 
it will be useful in order to separate one cause of crack propaga- 
tion from others. Regardless of what the area of applicability 
of the model will turn out to be, it is useful to analyze the changes 
of elastic strain energy for virtual crack extension. This is the 
objective of the following investigation. Dynamical effects will 
not be considered. The results are applicable to the onset of 
crack propagation. 


Release of Energy in General 


With respect to Fig. 3 we consider an elastic body V with a 
crack inside. The two crack surfaces are C;, C2 The other part 
of the surface of the body is denoted by O = O, + O:. Here 0, 
may be subject to tractions 7’ (7 is a vector) while the displace- 
ments are prescribed along 02. We also admit a distribution of 
body forces given by a vector field X. With respect to a car- 
tesian co-ordinate system (z:, 22, 73) we introduce the displace- 
ment vector u = (wu, Uz, us) and the following components of the 
strain tensor 

(2 
2 


Or, 


The components of the stress tensor may be denoted by o,,. It 
is assumed that C,, C; are separated by the displacements and that 
they are free from tractions. 

Let us consider a virtual crack extension which adds a new sur- 
face C,’ to C; and a new surface C,’ to C, (dotted lines in Fig. 3). 
With body forces and surface conditions unchanged, a new dis- 
placement vector u’ together with new strains e,,’ and stresses 
co,’ will characterize the state that goes with the extended 
crack. Again it is assumed that the crack surfaces are separated 
and free from tractions. 

In what follows the state of stresses o;, and strains e;, will be 
called the first state; its strain energy will be denoted by LU’. The 
state of the stresses o,,’ and strains e,,’ will be referred to as the 
second state with U’ standing for its strain energy. 

We are now going to set up the virtual work of all impressed 


- 
TRANSACTIONS OF THE ASME 


forces due to crack extension. The virtual work of the externally 


impressed forces is 


W,= ff T(u’ — u)do + ff X(u’ — u)dV 
Or 


do = surface element, dV = volume element..... [ 


The virtual work of the internal forces is 


The total virtual work is W = W, + W,, and the condition of 
crack propagation becomes 


W = W,+ = area of Cy’... [9] 


If Equation [9] holds for at least one virtual crack extension 
then the crack C;, C2; cannot be stable and crack extension is 
bound to follow. 

The following considerations are not restricted to infinitely 
small crack extensions which are attributed to the principle of 
virtual work. The strain energies U’, U’ are explicitly 


U = ; SY AV; 


It is also useful to introduce the mixed energy 


1 
= tk 


The two integrals in Equation [11] are equal to one another as a 
consequence of Hooke’s law. From Equations [10] and [11] it 
f 
ollows 
ee 


U 


In addition to the first and second states of stress and strain 
two more states will be introduced. These are the sum-state 
with the stresses a,’ + o,, and strains e;,’ + e, and the differ- 
ence-state with the stresses ¢;,' — o,, and strains ey,’ — ey. 
The displacement vectors are v, = u + u’ and vg = u’ — 4, 
respectively. 

From now on the first state will be reinterpreted as a state of 
the body V with the extended crack. The stresses of the first 
state result in certain tractions 7* along C,’,C2’ (see Fig. 3). 
Vice versa, the first state is determined by the condition on 0), 
by the distribution of the tractions 7, 7* and by the body forces 
¥ applied to the body V with the extended crack. It is to be 
noted that the vector 7'* preserves its length but jumps into the 
opposite direction as we go from a point of C,’ to the opposite 
point of C2’. The displacement vector u remains unchanged. 

With the first state reinterpreted, the sum-state and the dif- 
ference-state find a corresponding interpretation. The sum- 
state is the response to the body forces 2X, to the surface trac- 
tions 27’ on O;, zero-tractions on Ci, C2, and tractions 7* along 
(\’, Cs’; along O, the displacements are prescribed. The dif- 
ference-state is the response to no body forces, no tractions on 
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O:, C), C2, tractions — 7'* along C,’, C2’, and no displacements along 
Or. 

The integral in Equation [12] is the mixed energy of the sum- 
state and of the difference state. According to Betti’s theorem 
(10) the mixed energy equals one-half of the work done by the 
external forces (impressed and reactionary) of one state through 
the displacements of the other, no matter from which state the 
forces are taken. We decide to take the forces from the sum- 
state and the displacements from the difference-state. There is 
no contribution from the reactionary forces of the sum-state 
along Oz, since they go with zero-displacements of the difference- 
state; the externally impressed forces of the sum-state give rise 


to the work 
U'-—-U = {ff dV 
4 
l 
~ ff T-v,-do + — 


whence in combination with Equations [7] and [8] 


1 
W=W,+W,=-=- ff T*-vy-do..... 


Ci’ + Cr’ 


(14) 


Ci’ + C2’ 


On the other hand the integral expression on the right-hand side 
equals the strain energy LU’, of the difference-state 


ts 
l 


This follows from Clapeyron’s theorem (10), according to which 
the strain-energy equals one half of the work done by the ex- 
ternally impressed forces through the displacements. The 
energy U, is always non-negative. In general the same is not 
true for either W, or W,. Relations [14] and [15] are useful for a 
practical discussion of the Condition [9]. 

Since the strain energy of the difference-state is all that counts 
for crack propagation, it does not matter if a certain reference 
state of stress and strain is subtracted from both the first and the 
second state. As reference state one may take the state of the 
body V without any crack subject to the constraints and exter- 


nally impressed forces of the first state. Subtraction of this 
special reference state from the first and second state will lead us 
to the modified first and the modified second state. 

The reference state gives rise to tractions 7) along C,, C;’, Cs, 
C;'’. Each of the modified states is the response to these condi- 
tions: No body forces, no tractions along O,, no displacements 
along O2, and traction — 7, along its crack surfaces. This makes 
it clear that the crack extension depends on 7) only. Once 7% is 
known along C; + C,’, C2 + C2’ one may forget everything about 
the body forces X and the tractions 7’. 

As an example we consider the state of plane strain of a rotor 
with a borehole, as shown in Fig. 4. Let w be the angular ve- 
locity, a the inner and b the outer radius. With respect to polar 
co-ordinates r, @ a radial crack C;, C; along a radial intervala < r 
< cand a crack extension C,’, C2’ along the interval < r < c’ of 
the same direction is assumed. No surface tractions and no 
constraints are prescribed. 

As is well known the tangential stress of the uncracked rotor 
is 

a*h? 1 
v = Poisson’s ratio 


p = mass density 


The shear stress T,-g vanishes. 

The two modified states are determined by the following im- 
pressed forces: No body forces; no tractions along the sur- 
faces r = a,r = b; normal tractions along the cracks as given by 
0% = —Fir). 

Therefore the difference state and its strain energy are entirely 
determined by the function F(r) along the interval a < r < ce’. 
Especially for very short cracks, that isc’ — a< a it is the value 
F(a) which together with c, c’ determines U, with sufficiently 
good approximation. 


Crack Extension Under Constant Load and Under Fixed Grips 


We consider the special case where O, vanishes; O, = O repre- 
sents the full surface of the body V without cracks. This situ- 
ation will be referred to as the case of constant load. The in- 
tegral of Equation [12] will now be transformed by means of 
Betti’s theorem in the other way; i.e., we will calculate the 
work done by the forces of the difference-state through the dis- 
placements of the sum-state. This results in 


U'-U= 
But 


T*-u-do = 0 and 


C1 

mi wa - 


Ci’ 


as u is the same and as 7'* differs in direction at opposite points 
of C;', C2’. By comparison of Equations [13], [14], [17], and 
[18] we find 


W, =U 


This means that the strain energy increases as the crack ex- 
tends. But the virtual work of the externally impressed forces 
equals twice the increase of strain energy, and the surplus of 
energy is available for crack propagation. An example of crack 
propagation under constant load is the rotor of Fig. 4. Another 
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facet of crack extension under constant load is expressed by the 
relation 


pa 
tke 


The difference-state and the first state o,,, e,;, have no mixed 
energy; they are orthogonal. Relation [20] can be proved by 
means of Betti’s theorem, if the forces are taken from the differ- 
ence-state and the displacements from the first state. The proof 
uses Equation [18] and may be left to the reader. A special case 
of Equation [20] is 


WW) — )dV = 0 
tk 


where o,,, e, characterizes the state of the body without any 
erack. Hence from Equation [12] and from [21] 


1 
Tee fff : + — en)dV 
tk 
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Therefore the difference U’ — U = U, of Equation [19] can 
be computed as the difference of the strain energies of the modi- 
fied states — and (0, — This applies espe- 
cially to the rotor of Fig. 4 which was studied in section 2 by means 
of the modified states. 

Sometimes crack extension is considered under the condition of 
fixed grips. This means that the first state is defined by the gen- 
eral configuration of Fig. 3. One takes the displacements 
which this state induces along O;, and it is required that the second 
state have the same displacements along QO, and in addition the 
prescribed displacements along O2. In this case the vector v, of 
the difference-state vanishes along O, and O.. Again Relations 
[14] and [15] are valid, but W, represents the virtual work of the 
body forces only. If there are no body forces, then 


W=U,=U 


The difference 
The 


The strain energy decreases as the crack extends. 
in the strain energies is available for crack propagation. 
analog of Equation [20] turns out to be 


which is a direct consequence of Equations [9], [15], and [23]. 
Relation [24] says that the mixed energy of the difference-state 
and of the second state vanishes if no body forces exist. 

It is useful to compare the difference-states of crack propagation 
under constant load and under fixed grips with one another. In 
both cases we have the same tractions —7'* along (C,’, C2’; 
there are no tractions along (;, C2. In the case of constant load 
the tractions along O vanish; in the case of fixed grips the dis- 
placements along O vanish. 

According to the so-called minimum principle of stresses the 
energy U, in the case of fixed grips is smaller than the energy of 
any other stress field where the stresses satisfy the equilibrium 
conditions and the boundary conditions on the impressed forces. 
Therefore the strain energy of the difference field of fixed grips 
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is smaller than the strain energy of the difference field of constant 
load. 

Yet the difference between the two cases seems to become in- 
significant for infinitely small crack extensions as can be seen 
from the one-dimensional model of a spring subject to a tensile 
force F. The reciprocal spring constant M may characterize a 
crack. M increases as the crack extends. With u = MF de- 
noting the elongation, the strain energy of the spring is 


U = uF/2 = MF?/2 = u?/2M... 
If M increases up to M’ as the crack extends one finds 
for the case of constant load and 


M 
U, = (M’ — M) 


for the case of fixed grips. The energy [27] is smaller than the 
energy [26]. However, the limit 


is the same for both cases. 

It is to be mentioned that the difference between the two cases 
has been pointed out by Orowan (2 and 3) in connection with 
the spring model. He also found the results, Equations [19] and 
[23], for this special case. The identity of the limits, Equation 
[28], was observed by Irwin and also conveyed to this writer. 

Another class of cases will be discussed in the next section. 
However, for a study of crack propagation in the large the em- 
phasis should be on the case of constant load. 


Irwin’s Formula 


We consider a state of plane strain of a cylindrical body V, of 
which Fig. 5 shows a cross-section V*. Let o,, o,, T,, denote 
the stresses and u, v the displacements in r and y-direction 
respectively. 

The following simplifying assumptions will be made: 


1 The cross-section is symmetric with respect to the z-axis. 
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2 The distribution of load is symmetric with respect to the 
Z-axis. 
3 The crack runs along part of the z-axis. 


Consequently there will be no shear stress along the z-axis. 
Fig. 5 shows an example. We have a bar of length 2/ and of 
width d. The crack shall run from z = 0 toz = c; its extension 
will run from z = ctoz = cc’. The bar is bent by two moments 
M and —M, as indicated in Fig. 5 

Let us consider the case of the crack 0 < z < ec. 
the stress o, forz > c, y = 0 follows the law 


In general 


(2, 
EG 


29 
(1 — v?)24 [29] 


1/3 
] -(r —c)~/*F,(z, ce); File,c) = 1... 


where G is a certain constant (introduced by Irwin) and where 
F(z, c) is a continuous function of both z and c. Also the dis- 
placement r along the upper side of the crack behaves according 


to 
4 


v= 


4(1 — 
= E 


where F; is a continuous function of z and c. Applying Equa- 
tion [17] for the case of crack extension under constant load we 


find 


E-G 
(c — x) F2(z, c); 
1 — v?)29r 


Pie) wt. [30] 


, 


U(c’) = o,(z, c)v(z, c’)dz 
c 


where U(c) represents the strain energy per unit thickness of the 
state with crack length c. With Equations [29] and [30] taken 
into account we obtain from Equation [31] 


— U(e) 


2G 
(x — 


(x — c)/(c’ 


Fy(z, c)Fx(z, c’ dz... . . [32] 


Introducting ¢ = — c) we obtain 


Ue) - Ve) 


‘File + (c’ — e)t; 


+ (c’ —c)t; cldt..... 


T 0 t 


This is Irwin's formula. It shows that the energy-release rate 
depends on the parameter G of the first state only. The same 
reasoning can be applied to the case of crack extension under 
fixed grips. Again G is obtained as the energy-release rate. 
Hence for infinitesimal crack extension there is no difference 
between the energy-release rates at constant load and under 
fixed grips. The Formula [34] together with Equations [29] 
and [30] is a useful tool for the study and prediction of crack 
propagation. The criterion, Equation [9], of crack propagation 
takes the very simple form 


Conclusions R 
The energy available for crack extension comes from two 
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sources: The work of the externally impressed forces, and the 
change of the strain energy. The combined energy release from 
both sources is always positive; it equals the strain energy of the 
difference of the stress fields before and after crack extension. 
The difference field stays the same if the fields before and after 
crack extension are modified by subtracting from both of them 
the field of the uncracked specimen. The problem of crack ex- 
tension is thus reduced to a study of the modified fields. These 
have no body forces; they show surface tractions at the crack 
surfaces only; these tractions are induced by the field of the un- 
cracked specimen. The effects of different systems of impressed 
forces (e.g., one system with body forces, another with surface 
tractions) acting on the same body, can be compared with one 
another on the basis of the surface tractions, which the modified 
states display on their crack surfaces. 

In addition to these general results, the following special state- 
ments can be made. When a crack extends under constant 
load, the strain energy decreases. However, the work of the 
externally impressed forces supplies twice the increment of strain 
energy and the surplus is available for crack extension. When 
a crack extends under fixed grips without body forces, there is 
no work of externally impressed forces. The strain energy de- 
creases, and the decrement is available for crack extension. The 
energy supply for crack extension under constant load is larger 
than the supply under the condition of fixed grips. However, 
the energy release rates (energy per unit area of crack extension) 
are the same at the onset of crack propagation, at least for certain 
cases of plane strain. 
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G. R. Irwin.* This paper is a welcome contribution for several 
reasons. The effect of motion of the loading forces during crack 
extension, although explained in references (3) and (6), has not 
been well understood. The present paper provides a thorough re- 
view of crack-extension energy and strain energy on a 3-dimen- 
sional basis, and shows explicitly the applicability of classic 
theorems by Betti and by Claneyron. The fact that the paper 
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shows that the presence of body forces introduces no new type of 


difficulty into the crack-extension-force determination is of special 
value. 

However, the difficulty of the analysis of stresses near a crack in 
a rotating cylinder or in a notched-bend specimen should not be 
underestimated. For example, the stresses in a rotating cylinder 
as shown by Fig. 4 of the paper are well known when no crack is 
present. As stated by the author, to obtain the stress system ap- 
propriate to a cylinder containing a radial crack, one may add a 
new stress system which cancels the normal stresses along the 
crack surfaces. The stresses which must be canceled, F(r), are 
indeed known. However, it appears unlikely that any simple 
procedure exists for constructing a stress system which produces 
pressures equal to —F(r) along the crack and at the same time 
satisfies free-surface conditions at the inner and outer radii of the 
cylinder. Of course, for purposes of fracture-mechanics analysis 
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only the stresses near the leading edge of the crack are required. 
The comments of the author as to the actual difficulty of this 
stress calculation would be appreciated. 


Author’s Closure 


The calculation of the intensity factor G for cracked specimen 
with a free boundary is indeed a difficult problem. For the 
notched bar in bending (Fig. 5) such calculations were carried 
out by means of an integral equation which relates the displace- 
ment v to the stress g, along the notch; more precisely an in- 
tegral operator applied to » produces the stress ¢,. In order to 
match a prescribed stress distribution along the notch, a linear 
combination of the responses to four different v-functions was 
used; this procedure turnished the G-value with engineering 
accuracy. It appears from this experience that the method of 
integral equations is a useful tool for other problems as well. 
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Acid Corrosion in Oil-Fired 


on Sulfur Trioxide Formation 


By DONALD R. 


Experimental studies on economizer and air-heater corrosion 
resulting from the formation of sulfuric acid in residual-oil-fired 
boilers are described. Factors controlling the oxidation of sulfur 
dioxide to sulfur trioxide have been investigated in a small ex- 
perimental boiler. The fuel used was a distillate oil to which 
synthetic compounds were added to simulate the sulfur and 
metallic components commonly found in residual oils. The sul- 
fur trioxide content of the flue gases was determined indirectly 
by measuring the corrosion of and sulfate deposition on a steel 
specimen maintained at a controlled temperature. 

In an initially clean boiler, approximately equal quantities of 
sulfur trioxide formed in the flame, furnace, and convection sec- 
tions, while less formed in the economizer-air heater section. 
Nickel, iron, sodium, and vanadium in the fuel each decreased 
the corrosion normally experienced by the test specimen, the 
magnitude of the effect increasing in the order given. Deposits 
of these metallic fuel-ash components in the boiler had a rela- 
tively small effect on the corrosion of the test specimen. Only 
the iron deposits indicated significant catalytic activity for the 
oxidation of sulfur dioxide to sulfur trioxide. 

Combinations of sodium and vanadium in the fuel were found 
to decrease corrosion in an initially clean furnace, but boiler de- 
posits from certain combinations of these elements were found 
to increase corrosion substantially. This catalytic effect is pre- 
dominant over extended periods of time. 


Introduction 

DesIGn and operation of boiler plants have attained an amaz- 
ing level of development. Today, push-button operated boilers, 
designed for higher superheated steam and lower exit gas tempera- 
tures are continually replacing older, less efficient units. Yet, the 
problem of sulfuric acid corrosion of boiler air heaters and econo- 
mizers still remains unsolved, and costly manpower and materials 
are required to maintain the units in continuous operation. 

During the combustion process, the sulfur in the fuel oxidizes 
to sulfur dioxide. A small fraction of gas converts to sulfur 
trioxide, which in turn combines with the water vapor always 
present in combustion-gases to form sulfuric acid. The amount 
of sulfuric acid in the flue gases is generally small (20 to 50 ppm) 
but, because of its high boiling point, it condenses on surfaces 
maintained at temperatures up to 350 F. The condensate con- 
taining up to 80 per cent acid causes severe corrosion of the con- 
struction material of the boiler and, consequently, frequent inter- 
ruption in boiler operation. 


1 Group Leader, Combustion and Engineering Laboratory, National 
Aluminate Corporation. Assoc. Mem. ASME. 

2 Chemical Engineer, Combustion and Engineering Laboratory, 
National Aluminate Corporation. 

Contributed by the Research Committee on Corrosion and De- 
posits from Combustion Gases and the Research Committee on 
Furnace Performance Factors and presented at a joint session with 
the Fuels Division at the Annual Meeting, New York, N. Y., De- 
cember 1957, of Tue American Society or MEcHANICAL 
GINEERS. 

Norte: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, August 
23,1957. Paper No. 57—A-199. 


| 


ANDERSON! ano FRANK P. MANLIK,? CHICAGO, ILL. 


Previous work on alleviating low-temperature corrosion falls 
generally into two categories: 

Mechanical—including such items as boiler design, operating 
conditions of the boiler, particularly in the economizer and air- 
heater sections, and use of corrosion-resistant materials. The 
mechanical approach frequently relieves the severity of the prob- 
lem although the improvement usually is at the expense of the 
over-all efficiency. 

Chemical—which involves the use of chemical additives ap- 
plied to the fuel or to the combustion gases directly for the pre- 
vention of acid corrosion. The large amount of chemical additive 
required in cases of severe corrosion presently limits the extensive 
use of this approach. A more economical solution to this 
problem from the chemical-additive standpoint depends on a 
better understanding of the problem as it exists in operating 
boilers. With the knowledge of where and how sulfur in fuel oil 
is transformed into sulfuric acid, a successful approach to combat 
low-temperature corrosion should become more perceptible than 
it has been in the past. 

In the broad sense, the process involves two stages, one being 
the production of sulfuric-acid vapor, and the other the condensa- 
tion and resulting corrosion. Numerous studies on various 
aspects of sulfuric-acid condensation and corrosion explain this 
portion of the process in satisfactory detail (1-11).* However, 
the controversy on where and how the acid vapors originate con- 
tinues to flourish and, as such, delays the long overdue solution 
to this problem (12-19). 

Recognizing the need to clarify where and by what mecha- 
nisms sulfuric acid is produced in a boiler, experimental studies 
were conducted by the authors’ company, results of which are 
presented in this paper. 


Experimental Studies 


To narrow the gap between conditions present in large scale 
boilers, and those in laboratory bench-type equipment, the 
experimental approach centered around the use of a pilot-plant- 
size boiler. The test unit incorporated many of the character- 
istic features of large boilers, such as gas and surface-temperature 
relations, construction materials, and mass reactions, while re- 
taining the flexibility, accuracy, and economy of laboratory equip- 
ment. 

Experimental Equipment. The basic unit was a Kewanee 
steam boiler of the type commonly used for domestic steam heat- 
ing, Fig. 1. It consisted of a refractory-lined combustion cham- 
ber surmounted by a circular-water-wall furnace and a two-pass 
fire-tube convection section. The burner was a Hauck pro- 
portioning oil burner using low-pressure air for atomization and 
secondary air supply. A continuous analyzer measured and 
recorded oxygen content of the stack gas, thus providing a con- 
venient means of maintaining reproducible combustion conditions 
during each series of tests. 

A tubular corrosion specimen was positioned in the center of 
the stack. The operating conditions of this zone corresponded 
very closely with conditions in the corrosion areas of conventional 


? Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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economizers and air heaters. Flue-gas temperature of the speci- 
men zone was 500 F at the inlet and 450 F at the outlet. 

The test specimen was low-carbon, cold-drawn seamless steel 
tubing, '/2 in. OD, 24 gage, and 38'/s in. long. To simulate the 
various surface-temperature conditions in full-scale air heaters 
and economizers, controlled-temperature synthetic oil was cir- 
culated through the corrosion specimen. With oil inlet tempera- 
tures varying from 150 F to 350 F, surface-temperature variation 
along the tube averaged 10 F. 

Test Procedure. To obtain a standard specimen surface, each 
tube was cleaned in toluene and sand blasted before determining 
the initial weight. Prior to each test, the boiler was fired until 
constant-temperature conditions were reached. The corrosion 
specimen was then positioned in the duct, and the cooling-oil 
inlet temperature adjusted to give the desired specimen tempera- 
ture. 

The boiler was fired with distillate oil having a sulfur content 
of less than 0.1 per cent. Fuel consumption averaged 1.4 gal 
per hr. The use of distillate oil circumvented many of the dif- 
ficulties associated with the use of residual fuel oil, particularly 
since the studies required controlled amounts of sulfur and ash 
materials in the fuel. Carbon disulfide and the metal soaps of 
octoic and naphthenic acids were the normal oil-soluble materials 
used to provide added sulfur and ash to the fuel. Oxygen con- 
tent of the flue gas was maintained at 5 + 0.2 per cent, care 
being taken to seal all boiler and stack openings to prevent air 
infiltration. 

The specimen remained in contact with the corrosive gases for 
5 hr, this test period being required to obtain sufficiently accurate 
and reproducible corrosion data. The tube was then removed 
and washed for 10 min in hot distilled water to remove the water- 
soluble deposits and sulfuric acid accumulated during the test. 
After drying, the tube was reweighed and the difference recorded 
as weight loss due to corrosion. The weight loss from the washing 
procedure was less than 0.003 gram from an original weight of 
170 grams which corresponded to 0.008 milligram per sq em per 
test. Corrections were not made in the experimental results for 
this negligible weight loss. For most of the tests duplicates 
were run, the reproducibility being generally very good. When 
synthetic ash was present in the fuel maximum deviation in the 
test results did not exceed +3 per cent. 

To determine the amount of sulfuric acid and acid-reaction 
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product on the tube specimen, the sulfate (SO,) content of the 
wash water was determined by the conventional turbidimetric 
method. 


Duplication of the Sulfuric Acid Problem in Experimental 
Equipment 


The usefulness of the experimental unit depended largely on 
the extent to which the test unit duplicated corrosion conditions 
present in full-scale boilers. To establish some criteria by which 
the test unit could be judged, published studies on low-tempera- 
ture boiler corrosion were consulted. It was apparent to the au- 
thors that general agreement on low-temperature corrosion condi- 
tions in industrial and utility boilers was limited to the following 
facts: 


A Low temperature corrosion is caused by the formation and 
subsequent condensation of sulfuric acid on the cooler sections of 
boilers; with normal residual oils containing 1 to 4 per cent sul- 
fur, this condensation can occur on air-heater and economizer 
surfaces having temperatures up to 350 F. 

B~ The rates of acid condensation and corrosion are a function 
of the temperature of the condensing surface. 

C The amount of sulfur trioxide in the combustion gases is a 
function of the sulfur content in the oil. 


It will be noted that the methods of sulfur-trioxide formation 
are not included in this list since considerable controversy exists 
in this phase of the over-all problem (12-19). 

To determine whether the experimental boiler could produce 
the phenomena generally agreed on, a series of boiler tests were 
made at various specimen temperatures. Carbon disulfide was 
added to the distillate fuel oil to provide a 2 per cent sulfur con- 
Fig. 2 shows graphically the corrosion data obtained as the 
surface temperature varied from 185 to 355 F. The relationship 
between the sulfatic material on the tubes and the specimen 
temperature was similar to the general form of the corrosion 
curve. These relationships are in agreement with the work done 
by Taylor (7) and others (6, 9) and satisfy the first and second 
requirements stated previously. Additional tests at a fixed 
specimen temperature of 230 F confirmed that with an increasing 
amount of sulfur in the fuel, corrosion increases. At sulfur concen- 
trations of less than 0.1, 1.0, and 2.0 per cent, corrosion values of 
0.02, 0.15, and 0.26 were obtained. This relationship was also 
found and reported by others (15, 19). Since the performance 
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Fig. 2 Effect of temperature on sulfuric-acid corrosion in boilers 
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of the test unit met all three requirements, it was the authors’ 
opinion that the experimental equipment adequately duplicated 
the low-temperature corrosion problem existing in full-scale 
boilers and further studies with this equipment were justified. 


Sulfur Trioxide Formation in the Experimental Boiler 


The knowledge of where and how sulfur trioxide forms in com- 
bustion units has been generally considered fundamental to the 
solution of the low-temperature corrosion problem. Two mecha- 
nisms of sulfur trioxide formation in flue gases have received wide 
attention, each being claimed as the principal source of the tri- 
oxide. Harlow (18) subscribes to the view that the sulfur dioxide 
formed in the initial combustion is oxidized catalytically to sul- 
fur trioxide on metal and metal-oxide surfaces maintained at 
high temperatures. Whittingham and his colleagues (1, 17) 
consider that the atomic oxygen produced in the flame region is 
responsible for the oxidation of sulfur dioxide to sulfur trioxide. 
Other research workers (12, 13) expressed the belief that sulfur 
trioxide is formed when sulfur dioxide contacts the liquid phase 
already present on air-heater and economizer surfaces, resulting 
in a self-promoting reaction. To determine where sulfur tri- 
oxide forms in the experimental boiler the authors conducted a 
series of tests based on the introduction of sulfur-dioxide gas into 
various sections of the boiler. 

Description of Special Test Procedure. Measured quantities of 
sulfur-dioxide gas equivalent to a 1 per cent sulfur content in the 
fuel were introduced in consecutive tests into the combustion air, 
the furnace, the convection section, and the stack of the experi- 
mental unit. (See Fig. 1, points 1, 2,3, and 4). The boiler was 
operated with a fuel essentially free of sulfur (0.1 per cent). The 
sulfur dioxide injected into the combustion air at point 1 traveled 
through every section of the boiler. Thus the amount of sulfur 
trioxide in the stack gases was the total of the amount produced 
in the individual sections. Sulfur dioxide introduced into the 
furnace at point 2, however, left the boiler without passing 
through the flame region, and consequently a smaller total amount 
of sulfur trioxide was present in the stack gases, the difference 
being the amount produced in the flame region. 

As in previous tests, the sulfur-trioxide content was not 
measured, but the resulting acid condensation and corrosion of 
specimens maintained at 230 F were determined. 


Results. Fig. 3 shows the amount of corrosion obtained during 
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Fig. 3 Sulfuric-acid corrosion resulting from sulfur-dioxide injection 
into various boiler sections . 
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four separate 5-hr tests. The sulfur dioxide injected into the 
combustion air ahead of the burner and passing through every 
section of the boiler caused the most corrosion. As the point of 
introduction moves toward the cooler sections of the boiler, the 
corrosion decreases to practically zero at the stack. Comparing 
the differences in corrosion obtained from two adjacent points of 
introduction, it becomes apparent that the amount of sulfur 
trioxide produced in the flame, furnace, and convection sections 
is approximately equal. Less oxidation of sulfur dioxide to sul- 
fur trioxide occurred in the stack area. The flame region has long 
been recognized as a potential sulfur-trioxide producer, despite 
the fact that high temperatures favor sulfur-dioxide formation in 
the equilibrium reaction SO, + '/;0,; = SO;. The presence of 
highly reactive atomic oxygen in the flame, however, may be 
responsible for the formation of larger quantities of the trioxide 
than indicated by the equilibrium values (1, 17). In the inter- 
pretation of these results it should be considered that, although 
corrosion is a function of the amount of acid condensed, at the 
higher rates of condensation the proportionate change in corrosion 
is slightly less than at lower condensation rates. A similar re- 
lationship exists between the amount of sulfur trioxide present in 
the flue gas and the rate of condensation (6, 9). 
an increase in corrosion by 30 per cent from additional trioxide 
formed in the flame probably corresponds to slightly larger rates of 
sulfur-trioxide formation than indicated by the test results. 
Taking into account this higher percentage, the fact still remains 
that a substantial proportion of the trioxide forms in areas out- 
side the flame. In these zones, the equilibrium favors the con- 
version to sulfur trioxide; the reaction velocity, however, being 
a function of temperature, is much less than in the flame zone 
(20 and 21). 

In the absence of catalytically active surfaces, the actual quan- 
tity of sulfur dioxide converted can safely be expected to be small. 
The fact that a substantial portion of the trioxide does form in the 
post-flame areas of the experimental unit can only be accounted 
for by catalytic action. Since the fuel used in these tests was 
essentially free of ash, the materials capable of catalytic action 
were limited initially to iron scale present on the boiler walls. 
It will be shown in later tests that deposits originating from ash 
materials in the fuel may also increase the amount of sulfur 
trioxide formed in areas outside the flame region. 


Consequently, 


Effect of Type of Sulfur on Low-Temperature Corrosion 


It is interesting to note that the corrosion value obtained with 
sulfur dioxide introduced into the combustion air, as shown in 
Fig. 3, corresponds closely with the corrosion value obtained 
previously with 1 per cent carbon disulfide in the fuel. Since 
it is conceivable that the molecular structure of the sulfur com- 
pounds present in the fuel may have an effect on the rates of low- 
temperature corrosion, especially in reactions taking place in the 
flame, a test series was made to resolve this question. A disul- 
fide, mercaptan, and a thiophene, each representing a known 
group of sulfur compounds present in oil, were tested at a sulfur 
level in the fuel of 1 per cent. Tertiary octyl mercaptan, diter- 
tiary butyl disulfide, and thiophene all produced slightly higher 
rates of corrosion (5 to 10 per cent) than previously obtained 
with carbon disulfide or sulfur dioxide. However, the magni- 
tude of the changes is sufficiently small to discount the source of 
sulfur as a significant factor in the over-all problem. 


Effect of Fuel-Ash on Low-Temperature Corrosion 


Present day residual fuel oils contain a large variety of ele- 
ments, although the majority of them are present in very small 
quantities. If those elements which usually appear in concen- 
trations of less than 10 ppm in the fuel are neglected, the main 
ash-forming constituents in addition to sulfur are iron, vanadium, 
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sodium, calcium, nickel, and silicon. During the combustion of 
residual fuel oil, large quantities of these inorganic ash materials 
are introduced into the boiler. While the largest portion of the 
ash passes through the boiler at high velocity in the form of fly 
ash, a small amount deposits on the surfaces in the form of slag. 
Because of selective deposition of these materials, and longer 
residence time on the part of the slag deposits, marked dif- 
ferences in physical characteristics and chemical composition 
exist between slag and fly ash (22). Since the oxides of sulfur 
contact fly ash and deposits throughout the boiler, it is natural 
to expect that these materials may affect the reactions leading 
to low-temperature corrosion. It has been reported, for example, 
that fly-ash particles, because of their large surface area per unit 
weight, are very efficient gas absorbents. 
posed as one of the primary reasons for the relative immunity 
from low-temperature corrosion experienced in pulverized-coal- 
fired boilers (23). Fly ash may also influence the flame reactions 
in a manner similar to the common use of metal compounds as 
combustion catalysts to accelerate reactions in the flame. Com- 
mercial production of sulfuric acid, by the obsolete Mannheim 
and modern Contact processes, utilizes iron oxide and vanadium 
catalysts, respectively. Both of these materials are found in con- 
siderable quantities in oil ash and deposits. Finally, several of 
the newly designed industrial catalytic processes employ finely 
divided materials which are suspended as dust in the reacting gas 
stream, an arrangement which is very similar to fly-ash particles 
passing through a boiler. 

Despite these analogies, little practical work has been done on 
reactions between oil-ash constituents and the combustion gases 
in general, or the sulfur oxides in particular. Gumz (26) and 
others (24, 30, 31) point out that in view of the large quantities 
of vanadium present in most residual fuel oils, a promotion of the 
sulfur dioxide to sulfur trioxide conversion should be expected. 
However, from combustion tests using distillate fuel oil contain- 
ing oil-soluble vanadium as the only ash constituent, Taylor and 
Lewis (19) concluded that vanadium has no effect on the dew 
point of the combustion gases, i.e., upon the extent of sulfur tri- 
oxide formation. The authors suggested further that, based on 
their test results, the presence of vanadium in residual oil has no 
effect on low-temperature corrosion. Harlow (18) points out that 
iron oxide acts as a catalyst for the oxidation of sulfur dioxide pro- 
vided that the surface temperature of the material is sufficiently 
high (approximately 1100 F). In a recent publication, Burnside, 
et al. (25), of Babeock & Wilcox, Ltd., London, England, de- 
scribed tests on a pilot-plant-size unit, and confirmed that addi- 
tional trioxide is formed when flue gas passes over superheater 
tubes, presumably owing to catalytic oxidation. Furthermore, 
mixtures of ferric and ferrous sulfate formed by either a reaction 
of sulfuric acid with the metal of the boiler tubes or the iron oxide 
of the fly ash are powerful catalysts for the same conversion, a 
fact well known for many years (12, 14). 
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Experimental Studies on the Effect of Individual Fuel-Ash 
Elements 


The uncertainty of many investigators as to the significance of 
fly ash and deposits in the reactions leading to low-temperature 
corrosion suggests that previous studies are inadequate. The 
authors believe that the ash materials, particularly potentially 
catalytic vanadium, have not been satisfactorily evaluated under 
conditions approximating those in actual boilers. 

To gain further insight into the effect of ash materials on the 
formation of sulfur trioxide, additional tests were conducted in 
the laboratory boiler. The experimental approach consisted of 
two 5-hr tests for each ash material evaluated. During the first 
test of each material, the fuel contained 200 ppm of the element 
in oil-soluble form. Upon combustion, a small amount of ash 
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Fig. 4 Reductive and catalytic effects of fuel-ash constituents on 
sulfuric-acid corrosion 


deposited on the boiler surfaces, while the remainder passed 
through the boiler in the form of fly ash. Thus the ash which 
was retained on the boiler surfaces was given an opportunity to 
form catalytically active deposits as well as to neutralize or 
absorb sulfur trioxide from the combustion gases under condi- 
tions relatively close to those prevalent in actual boilers. The 
acid corrosion obtained in this type of test consequently re- 
flects any flame-inhibiting, absorbing, neutralizing, or catalytic 
action on the part of the fly ash and deposits, the corrosion ob- 
served being the net result of all the actions occurring. 

Fig. 4 shows the corrosion resulting from the separate addition 
of nickel, iron, sodium, and vanadium to the fuel. Although it 
was expected that sodium and iron would cause a slight reduction 
in corrosion by sulfate formation in the combustion gases or on 
the boiler surfaces, values of 29 and 23 per cent respectively were 
not anticipated. However, the most interesting result in Fig. 4 
is the 37-per-cent reduction due to vanadium. 

The results with sodium confirm work done by Whittingham 
(27), who introduced sodium compounds into a gas flame and 
observed a decrease in the dew point of the combustion gases. 
Sulzer (28) reports that sodium not only reacts with sulfur tri- 
oxide, but also with sulfur dioxide which may account for the 
relatively small reduction obtained with sodium. Although 
these tests were not designed to determine whether the corrosion 
reduction (reductive effect) produced by the fly ash of the metals 
is a result of an inhibiting process in the flame, absorption, or 
neutralization, it is interesting to note that analytical tests re- 
vealed large quantities of metal sulfate present in the iron, 
vanadium, and sodium deposits. 

Immediately following each of these tests, a second 5-hr test 
was made using fuel oil containing no ash, but with the stand- 
ard amount of carbon disulfide to provide 1 per cent sulfur 
in the oil. The corrosion obtained in these tests represents the 
residual effect of the boiler deposits formed during the preceding 
test. Catalytic action of the deposits is indicated when the cor- 
rosion rises above that obtained in the absence of ash materials, 
i.e., above the reference test value. Results of this test series are 
also presented in Fig. 4. It was found that iron deposits in- 
crease corrosion approximately 15 per cent while nickel and vana- 
dium deposits furnish less than 10 per cent additional corrosion. 
The residual effect of the sodium deposits reduced the corro- 
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sion below the value for the reference test, definitely showing 
that these deposits had no catalytic activity. 


Experimental Studies on the Effect of Mixtures of Sodium and 
Vanadium as Fuel Ash 


The relatively low catalytic effect of vanadium in the previous 
series of tests was of particular interest since Taylor and Lewis 
(19) obtained similar results and concluded that vanadium is 
relatively harmless. Nevertheless, the numerous references in 
the literature suggesting vanadium as a significant contributor 
to low-temperature corrosion in boilers could not be ignored. 

A review of the published studies on sulfuric-acid catalysts 
revealed that the addition of alkali to vanadium oxides greatly 
increases the activity over that of the pure oxides (29). Since 
residual fuel oil contains both sodium and vanadium, the forma- 
tion of catalytic sodium and vanadium mixtures in boilers ap- 
peared plausible. Furthermore, it is well known that boiler 
deposits in oil-fired boilers frequently contain both sodium and 
vanadium. However, experimeutal evidence was required to 
prove that harmful sodium-vanadium catalysts can be formed in 
a boiler. To accomplish this, boiler tests were performed similar 
to the previous 5-hr sequential tests, with the exception that the 
fuel contained various mixtures of oil-soluble sodium and vana- 
dium. The vanadium content remained constant at 200 ppm for 
all tests involving fuel ash. 

Fig. 5 shows the very low corrosion that occurred during the 
tests with mixtures of sodium and vanadium in the fuel. When 
the ratios of sodium oxide to vanadium pentoxide were 1:1, 
1:3, and 1:6, the net reduction in corrosion varied from 47 to 52 
percent. Comparing these results with the previous work on the 
effect of individual fuel-ash constituents, Fig. 4, the greater re- 
ductive effect of these mixtures is apparent. 

The catalytic effects of the residual deposits were determined 
during the second 5-hr tests. The formation of catalytic sodium- 
vanadium deposits was immediately confirmed by the pronounced 
increase in acid-corrosion values, Fig. 5. The sodium-oxide 
vanadium-pentoxide ratio of 1:1 in the fuel produced a 23-per- 
cent increase in corrosion. The maximum corrosion, amounting 
to an increase of 42 per cent, was obtained with the sodium-oxide 
vanadium-pentoxide ratio of 1:3 in the fuel whereas the rela- 
tively low-sodium mixture with the 1:6 ratio produced no evi- 
dence of catalytic activity. 
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Fig.6 Influence of progressive catalytic deposit build-up on sulfuric- 
acid corrosion 


Having established that certain ratios of sodium and vanadium 
in the fuel produce deposits which increase low-temperature 
corrosion, two additional questions were raised: 


(a) Can the catalytic effect be increased by the additional 
build-up of sodium-vanadium deposits, and 

(b) can corrosion due to these catalytic deposits sufficiently 
exceed the reductive effect due to the sodium-vanadium fiy ash 
to justify considering such deposits a major factor in acid pro- 
duction? Using fuel containing a sodium oxide to vanadium 
pentoxide ratio of 1:3 and 1 per cent sulfur, a series of 5-hr tests 
was made in the following sequence: 


A Test with fuel ash (sodium and vanadium compounds 
added to fuel) and initially clean boiler surfaces. 

B Test without fuel ash, but with 5 hr of accumulated de- 
posit from Test A present on the boiler surfaces. 

C Test with fuel ash and 5 hr of Test A deposit at the start 
of the test. 

D_ Test without fuel ash but with 10 hr of accumulated de- 
posit from Tests A and C present on the boiler surfaces. 

E Test with fuel ash and 10 hr of Test A and C deposit at the 
start of the test. 

F Test without fuel ash but with 15 hr of accumulated de- 
posit present on the boiler surfaces. (Time did not permit this 
test tobe run. Since the results from Test A, C, and E, however, 
establish the trend sufficiently, the results of Test F were esti- 
mated and reported as such.) 


The values shown in Fig. 6 show the decrease in corrosion fol- 
lowed by the gradual rise due to residual catalytic deposits 
despite the fact that the fuel ash was present, tending to reduce 
the total corrosion. It is apparent from these data that the net 
corrosion exceeds the reference test value after ten hours of de- 
posit formation. Fig. 6 also illustrates the corrosion values 
obtained from the tests run without ash present in the fuel, but 
with varying amounts of residual deposit present on the boiler 
surfaces. Under these conditions, the catalytic deposits ac- 
cumulated during the total 15 hr produced an estimated increase 
in corrosion of 50 per cent over the reference value obtained with 
ash-free oil. Inasmuch as the quantity of ash added to the fuel 
was constant, the trend in Fig. 6 reveals the inability of the ash 
to counteract the increasing catalytic effect. 


| 
| 
| 
| 
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The significant increase in corrosion in the relatively short 
period of 15 hr illustrates the potential danger of sodium and 
vanadium in residual fuel oil. Furthermore, consideration should 
be given to the interrelationship between the catalytic and re- 
ductive effects and the sulfur content of the fuel. The quantity 
of fuel ash limits the reductive capacity of the fly ash, but has 

_ very little influence on the catalytic effect which increases to a 
maximum activity as determined by factors such as deposit 
temperature, composition, and physical structure. It would 
appear therefore that with fuels of comparable ash content the 
relative importance of deposit catalytic action increases with 
higher fuel-sulfur contents since additional sulfur dioxide is 
available for catalytic conversion to sulfur trioxide. 


Conclusions 


In this work an attempt has been made to utilize a pilot-plant- 
size experimental boiler in studying the problem of sulfuric-acid 
corrosion in air heaters and economizers of residual-oil-fired boilers. 
_ The intent has been, first, to provide a useful experimental unit 
and, secondly, to investigate factors controlling the oxidation of 
sulfur dioxide to sulfur trioxide during the combustion process of 
residual fuels. Compared with the general conclusions that have 
been drawn in the past from work on full-scale boilers, the results 
from the present work are relatively clear-cut: 


1 In the absence of ash compounds in the fuel, the amount of 
sulfur trioxide produced in the flame, furnace, and convection 
section of the experimental unit is approximately equal. Less 
oxidation of sulfur dioxide to sulfur trioxide occurs in the stack 
area. 

It is the authors’ opinion therefore that significant quantities 
of sulfur trioxide are formed both in the flame and on the boiler 
surfaces, the relative importance of the mechanisms being 
governed largely by the individual boiler conditions. 

2 The form in which sulfur is present in the oil has a negli- 
gible effect on the amount of sulfur trioxide formed during the 
combustion process. 

3 The net-effect of certain ash compounds in fuel oil on low 
temperature corrosion is the result of two conflicting actions: 
A reductive effect, e.g., neutralization, absorption, or flame- 
inhibiting action, causing a decrease in the amount of sulfur 
trioxide available for corrosion and, simultaneously, a catalytic 
effect of deposits formed on the boiler surfaces resulting in an 
increase in the amount of sulfur dioxide converted to sulfur 
trioxide. 

(a) Nickel, iron, sodium, or vanadium present in fuel oil tends 
to decrease corrosion by the reductive effect, the magnitude of 
the effect increasing in the order given. 

(b) Boiler deposits resulting from the presence of iron in fuel 
oil tend to increase corrosion due to the formation of catalytically 
active surfaces. Nickel and vanadium show a similar effect but 
to a lesser degree. 

(c) Mixtures of sodium and vanadium present in the fuel 
(sodium-oxide to vanadium-pentoxide 1:1, 1:3, 1:6) decrease 
corrosion in a manner similar to that of the individual elements 
but to a greater extent. 

(d) Boiler deposits from these two elements, particularly at the 
oxide ratios of 1:1 and 1:3 in the oil, however, are powerful 
catalysts. 

(e) It has been possible to show that, as more deposits form, the 
catalytic effect increases and surpasses the reductive effect of 
these ash compounds. It was reasoned that with sulfur con- 
tents normally found in residual fuel oils (1 to 4 per cent) the 
resulting increase in sulfur trioxide can be far greater than indi- 
cated by the results of this work. 


It is recognized that the results of this work cannot be applied 


TRANSACTIONS OF THE ASME 


strictly to the operation of full-scale boilers. There, residual 
oil is burned which contains a large number of ash compounds, 
some in minute quantities, while the fuel used in the laboratory 
test unit contained only one or two ash elements at one time. 
The formation of molten slag, differences in temperature dis- 
tribution, and the time of deposit build-up complicate the reac- 
tions taking place and make it difficult to project these findings to 
the operation of full-scale boilers. The results of this work indi- 
cate clearly, however, that the catalytic action of boiler deposits 
formed from sodium and vanadium in the fuel are capable of 
promoting the oxidation of sulfur dioxide to sulfur trioxide and, 
consequently, may assume the role of a principal contributor of 
sulfuric acid in residual-oil-fired boilers. 
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Discussion 


J. R. Jenkinson.‘ The experiments described in this paper are 
useful in that they have confirmed previous work done by other 
research workers, but as far as this discusser is aware the results 
obtained by the addition of various elements to study their effect 
on SO, formation is new. The authors say that the results cannot 
be strictly applied to the operation of full-scale boilers because of 
the numerous variants that are possible, but this does not 
detract in any way from the value of the work done and the re- 
sults obtained. 

Fig. 2 could have been correlated with the results given in the 
discusser’s ASME Paper No. 56—A-184, ‘‘Low Temperature De- 
posits and Corrosion in Boilers,’’ November, 1956. This same 
paper mentioned the possible reactions of vanadium compounds 
on surfaces rather than in the gas stream, and indicated that 
catalytic reactions are possible after deposits have formed on the 
metal surfaces. 

Further work could well be done with the same apparatus at 
much lower temperatures than those used, for the results indicate 
that metal temperatures below 230 F are attacked less. 

Many airheaters do have metal temperatures round about 
230 F. It cannot always be avoided, but attack is not severe 
during service, as the deposited acid is concentrated and renders 
the metal surfaces passive. Unfortunately when the unit cools 
down this acid becomes diluted and attack occurs. It is quite 
possible that some of the corrosion of the specimen occurred dur- 
ing the time it was taken out of the apparatus and washed with hot 
water. 

Everyone seems to strive to raise the metal temperature, but 
the work described in this paper does suggest that much lower 
temperatures can be used. The question is how far a designer 
can safely go. The discusser indicated in the ASME paper already 
referred to that 140 F appeared to be a critical temperature, below 
which metal surfaces were in danger of excessive corrosion, and 
the results of experiments still to be published tend to confirm 
this statement. 


Hilmer Karlsson.’ The authors, by processes of adding and 
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eliminating contaminating variables, developed results which 
warrant considerable thought in controlling SO; formation. We 
wonder, however, in considering the reductive effects of single 
constituents, in contrast to combined effects as in sodium-oxide 
vanadium-pentoxide ratios, whether additions of water vapor 
would not have altered results during the single-effect tests. 

Furthermore, the contention of a catalytic effect produced by 
deposits limited to test period of 5 to 15 hr presumes a propor- 
tionate increase with time. Our work on corrosion rates generally 
indicated reduced rates developed with time, concluding that 
reaction was more rapid on initially clean plates. From this the 
writer hypothesized that deposits acted as a buffer with time al- 
though during the initial stages contaminants could conceivably 
have reacted more rapidly in promoting corrosion. 

The authors have made an excellent approach to the evaluation 
of effects of contaminants generally considered to be responsible 
for aggressive corrosion. It is hoped that these efforts will be 
continued along lines of combined effects so that a more exact 
appraisal of field operation can be made. 


Authors’ Closure 


Messrs. Jenkinson and Karlsson present in their discussions 
some very interesting and certainly thought-provoking com- 
ments. The authors appreciate the interest both discussers 
have shown in the paper. 

Progress toward lower economizer and air-heater surface 
temperatures for boilers burning residual fuel oil will be delayed 
by several factors, not the least of which is the companion prob- 
lem of excessive deposits. Nevertheless, the authors agree 
with Mr. Jenkinson that this approach opens promising pos- 
sibilities and certainly warrants further efforts and studies. 

The view expressed by Mr. Jenkinson that very little corrosion 
occurs at 230 F may be true under certain conditions. More 
recent 20-hr studies by the authors have shown that sulfuric acid 
condensate may or may not attack metal surfaces at this tempera- 
ture. Tests in which the fuel contained 2 per cent sulfur resulted 
in high corrosion values. The addition of ash to the same fuel 
essentially stopped the corrosion at 230 F. With high rates of 
attack, the specimen surfaces were dry when removed from the 
test area whereas, with very low corrosion rates, the tubes were 
visibly wet. Considerable attack occurred on the latter tubes dur- 
ing the water-washing operation as evidenced by vigorous bubble 
formation. Wet and dry specimens did not differ appreciably from 
each other in sulfate measurements. Since all of the results pre- 
sented in this paper were obtained from specimens removed in a 
dry state, it is unlikely that the weight-loss data presented were 
significantly influenced by water-washing as Mr. Jenkinson pro- 
However, the more recent results also illustrate the con- 
dition mentioned by this discusser where sulfuric acid con- 
denses during service, but does not cause aggressive attack. For 
such cases, corrosion can then be severe as the acid becomes 
more dilute during the shutdown or subsequent water-washing 
periods. 

Mr. Karlsson raises the question of whether or not additions 
of water vapor would alter the results of the single effect tests. 
The authors agree that water-vapor content could have some 
effect and should be investigated. 

On the point that the reported data imply that the corrosion 
rate increases proportionately with the formation of catalytic 
deposits, it is important to remember that the catalytic effect of 
high-temperature slag has limiting factors which determine its 
ultimate influence on corrosion. This can be seen from the 
values in Fig. 6 where the incremental increase in corrosion 
became less pronounced with each additional period of operation. 
The results are presented not to imply a continuously increasing 
corrosion rate over extended periods of time, but to merely 


poses. 


1 


_ establish that a higher sulfuric acid production level can result 


_ from the presence of certain fuel ash constituents. No attempt 


_ was made to assess the influence of low-temperature economizer 
and air-heater deposits which probably do alter the rate of attack 
at the interface as suggested by Mr. Karlsson. This, we agree, 
is an area which needs further investigation. Future studies 
on the relationship between fuel ash and visibly wet surfaces, 
sulfuric acid mist formation, acid concentration, and deposit 
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formation should provide much of this needed information. 
In the work which followed the studies reported in this paper, 
a search was begun for new chemical methods of preventing low- 
temperature boiler corrosion. Some of the results on effects of 
chemical interference in flame and catalytic deposit mechanisms 
have been encouraging in both laboratory and field tests. It is 
hoped that through continued efforts, improved methods of 
combating the problem can be reported at a later time. 


An Inves tigation of the Variation in Heat bs 
Absorption in a Pulverized-Coal-Fired Slag- | 
_ Steam Boiler at Blaine Island, 

Charleston, W. V 


By A. A. ORNING,? M. WEINTRAUB,! C. H. SCHWARTZ, E. A. MIHOK,? R. McCANN, AND 
W. C. HARROLD,? PITTSBURGH, PA. 


This paper resulted from the sixth in a series of investigations 
of heat absorption in large steam-boiler furnaces, sponsored by 
THE AMERICAN SOCIETY OF MECHANICAL ENGINEERS Special 
Research Committee on Furnace Performance Factors. The 
furnace heat absorption was determined from the furnace exit- 
gas composition and temperature in 18 tests on a steam genera- 
tor rated at 250,000 lb of steam per hr at 675 psiand 670 F. The 
furnace was fired with pulverized coal, through opposed burners 
with reinjection of fly ash, over a refractory-insulated slagging 
bottom. Furnace heat absorption, at various loads and excess 
air values, was correlated with the adiabatic flame temperature 
and the residence time of combustion products in the furnace. 
The furnace performance was found to depend upon burner ad- 
justments, but did not significantly depend upon recirculation of 
fly ash. 


Former investigations were conducted on a spreader-stoker- 
fired furnace (1),‘ a natural-gas-fired furnace (2), and dry-bottom 
pulverized-coal-fired units with various burner arrangements (3). 
The present investigation concerns a pulverized-coal-fired slag- 
tap furnace, normally operated with fly-ash recirculation and 
having a steel-clad refractory-insulated bottom. 

This paper presents an estimation of furnace heat-absorption 
efficiency by the Combustion Section of the Bureau of Mines, as 
part of the research program of the Special Research Committee 
on Furnace Performance Factors. 


Description of Tests 


Eighteen tests were made to determine the effect on furnace 
heat absorption of variation of load, excess air, and fly-ash re- 
circulation. Tests 1-12 were conducted November 4-20, 1956, 
and tests Al—C2, July 10-12, 1957. Furnace heat absorption was 
estimated as the difference between the net heat available and the 
heat losses, the first including an estimate of heat in recirculated 
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ash and the latter including sensible heat in the products of com- 
bustion, and the radiation and convection losses. Method (0), 
paragraph 7, of the ASME Test Code for Stationary Steam- 
Generating Units was followed wherever applicable. 

Since coal scales were not used, the net heat available was ob- 
tained by an over-all heat balance of the entire unit, using the flow 
rate and enthalpy of steam generated, the flow rate and enthalpy 
of feedwater, the flue-gas temperature at the air-heater outlet, 
and the gas composition at the furnace outlet. The last was 
found to agree with gas composition at the induced-draft-fan 
outlet as determined immediately before and after each test. 
Sensible heat in the gases leaving the furnace, for the first twelve 
tests, was estimated from measurements of gas temperature and 
composition ahead of the screen at the furnace outlet, using tech- 
niques developed by the Bureau of Mines (4). The temperatures 
used for the first twelve tests were those measured by high-veloc- 
ity thermocouples with Bureau of Mines type-G thermocouple 
shields (4). The gas temperature for the last six tests was de- 
termined on the basis of correlations developed between super- 
heater performance and furnace-outlet conditions. The feed- 
water temperature was 385 + 2 F for the first twelve and 330 F 
for the last six tests. 

Data on gas temperature and composition and on dust loadings 
were also obtained within the furnace above the flame. Dust load- 
ings at the air-heater inlet and at the stack were obtained by the 
Western Precipitation Corp. These data, together with tempera- 
ture data at the entrance and exit of the air heater, were used for 
computation of over-all heat balances and estimation of the heat 
returned to the furnace in recirculated fly ash and preheated air. 


Description of Furnace 


The boiler has been previously described (5). Fig. 1 is a sec- 
tional side elevation of the unit. The design capacity was 250,000 
lb of steam per hr at 675 psi and 670 F with a heat release of 15,800 
Btu per cu ft. The furnace is approximately 61 ft high from the 
bottom wall headers to the top of the furnace outlet. The width 
is 19 ft 8'/, in. and the depth is 20 ft 9*/, in. The depth, just 
above the burners, is constricted to about 16'/, ft. The projected 
wall area including the furnace outlet is 4672 sq ft, and the furnace 
volume is 20,600 cu ft. The furnace-wall tubes are 3'/,-in. diam 
set on 3*/,-in. centers. The bottom is a steel-clad, refractory- 
insulated hearth. The furnace is fired with pulverized coal 
through three burners in the rear wall and three in the front wall. 
Opposed burners are slightly offset and directed 20 deg below 
horizontal. 

The furnace depth narrows to 15 ft 2'/, in. ahead of the fur- 
nace outlet. Gas flows downward from the furnace outlet through 
the superheater, up through the boiler section, and down 
through tubes of the vertical air heater to the induced-draft fan. 
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Fly ash is returned through nozzles into the rear of the furnace 
from hoppers at the base of the boiler section, the mechanical 
collectors at the base of the air heater, and the electrostatic 
precipitator. Fly ash is reinjected with air from a high-pres- 
sure fan taking air from the end of the rear secondary air duct. 


Location of Survey Points 


Gas temperature and composition surveys were made at the 
furnace outlet by means of a high-velocity thermocouple probe. 
Measurements were made at eight positions, spaced «i 30-in. 
intervals across the width of the furnace, at each of four levels. 
The positions, as indicated by door locations in Fig. 1, were in the 
furnace about 10 to 18 in. from the first row of screen tubes. 
Dust loadings and gas samples were also taken at a lower level in 
the furnace, covering only the left half of the furnace. 


Instrumentation and Analytical Methods 


The instrumentation and techniques used for estimating gas 
temperature and composition have been previously described (4). 

Since the coal flowed directly from bunkers into the coal 
feeders, heat input could not be determined by direct weighing 
of fuel. Data on composition and on temperatures at the air- 
heater outlet, and the flow rate and enthalpy of steam generated 
were used, through an over-all heat and mass balance, to esti- 
mate mass flow rates and thermal input. 

The steam flowmeter and steam-superheat indicator were 
calibrated just before the tests. Plant instruments showed tem- 
peratures in air and flue gas at the air-heater inlet and outlet. 
These instruments were checked and found satisfactory by a 
traverse across the gas stream with an unshielded thermocouple. 

The humidity of the air was determined by wet and dry-bulb 
measurements at the forced-draft-fan inlet. Coal samples were 
taken at 10-min intervals throughout the test period. Coal 
analyses were made by the Coal Analysis Section of the Bureau 
of Mines. 


Methods of Calculation 


Flue-Gas Temperature. The flue-gas temperature at the furnace 
outlet was taken as a weighted average of individual readings at 
the survey positions. It was planned to take readings at five levels 
in front of the screen tubes. Due to structural difficulties, the 
uppermost opening was not provided. Readings for each position 
across the furnace were plotted against the distance between 
levels, and the temperature at the fifth and uppermost level was 
estimated by extrapolation. Readings at each position were 
weighted in proportion to the area of the furnace outlet repre- 
sented by that position. Temperatures at the furnace outlet, for 
tests Al through C2, were estimated from superheater performance 
by means of Equation [4], which was developed on the basis of 
data for the first twelve tests. 

Adiabatic Flame Temperatures. The adiabatic, or theoretical, 
flame temperatures were calculated by methods developed by 
Myers, Goldberg, and Smith (6). These temperatures may not 
exist anywhere in the furnace, owing to heat being transferred 
before combustion is complete, but they are nevertheless a useful 
measure of the intensity of radiation. 

Gas Composition. The gas composition at the furnace outlet 
varied with sampling location; the excess air varied with location 
over a range of 20 to 30 per cent for a given test. Except for some 
trend to lower values at the lower right corner, the variation ap- 
peared erratic. Data for the upper portion of the outlet, there- 
fore, could not be obtained by extrapolation. For these reasons 
an average for the 32 positions, without weighting, was used. 

The average oxygen concentration at the furnace outlet corre- 
lated well with that of samples taken before and after each test 
at the induced-draft-fan outlet with the same instrument. The 
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average oxygen concentration, from samples taken at the furnace 
outlet during the test, was used for estimating excess air, except 
for test 1, where the estimate was based on samples taken at the 
induced-draft-fan outlet. 

Heat Balance on Entire Unit. No means were available for 
direct estimation of the coal-feed rate. The excess air, and hence 
air-to-coal ratio, was determined from the coal analysis and the 
flue-gas composition. The heating value of the coal, the tem- 
perature of the preheated air, and estimates of heat returned in 
recirculated ash gave the net heat available per lb of coal fired. 
A balance with heat lost in the products of combustion, lost as 
radiation, and transferred to steam produced gave the firing rate 
in Ib of coal per hr. 

The net heat available is the sum of the lower heating value of 
the fuel (corrected for unburned combustible), heat returned in 
recirculated fly ash, and the enthalpy above 80 F of the air used 
for combustion. It was assumed that 50 per cent of the ash left as 
fly ash with nonreinjection and a multiple of this amount, in pro- 
portion to indicated dust loadings in the furnace and the air- 
heater inlet, was recirculated with reinjection. 

Radiation and convection losses were estimated from the 
ABMA Standard Radiation Loss Chart, shown in the ASME 
Power Test Code for Stationary Steam Generating Units (1946). 
For the furnace, the radiation loss was taken as one-half that of 
the entire unit. 

Heat Balance on Furnace. Heat absorption in the furnace was 
estimated as the difference between the net heat available and 
heat carried out of the furnace in combustion products plus 


furnace-radiation losses. It was assumed that the temperature 


of ash at the furnace outlet was the same as that of the gases, and 
that of the slag tapped was 2700 F. A mean specific-heat value of 
Heat content 


0.27 Btu per lb deg F was used for ash and slag. 
of furnace-exit gases was based on tables of Heck (7). 


Results of Tests 


Eighteen tests were run to study the effects of steam load and 
excess air with and without reinjection of fly ash. Operating data 
and results of the tests are shown in Table 1. The number of sig- 
nificant figures, given for derived data, is not an indication of pre- 
cision; the precise figures are given in order that numerical rela- 
tions should not be confused with rounding errors. 

Tests 3 and 4 were planned without fly-ash reinjection. For 
these tests the fly-ash feeders were stopped and ducts without 
feeders were blocked by inserting plates inside the bolt circles of 
flange connections. Because it appeared that fly-ash recircula- 
tion was not stopped for these tests, blocks were placed in all lines, 
including those with feeders, before test 8, and recirculation was 
stopped throughout the 5-day period for tests 8 through 11, and 
tests 3 and 4 are shown in Table 1 as tests with fly-ash recircula- 
tion. Operating problems led to excess-air values distributed over 
the range from 13 to 36 per cent. The fuel was a West Virginia 
high-volatile bituminous coal. 

Distribution of Temperature and Gas Composition. The furnace 
outlet temperatures at the indicated test points, for the first 
twelve tests, are given in Table 2. Excess air values for these 
tests are given in Table 3. Typical plots of temperature and of 
excess-air distribution are given in Fig. 2. The temperature pat- 
terns showed moderate variation with test conditions. There 
was a generai tendency for higher temperatures to extend into the 
lower right corner of the furnace outlet. The excess air was gen- 
erally higher on the left than on the right side. Allowing for 
greater cooling of gases flowing nearer the furnace walls, there was 
approximate correlation between high temperatures and low ex- 
cess air. It appears, however, that rotational flow, and a shorter 
flow path may have contributed to higher temperatures in the 
lower right corner of the furnace outlet. it 
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Test 6. Reinjection, load 285M, 30.4% excess air 
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‘Fig. 2. Distribution of temperature and excess air at furnace outlet 
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Table 3 Excess air, per cent, at furnace outlet’ 
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Table 4 Abridged summary of data* 


Test No. 2 


Excess air, percent 23.52 


Steam flow, M lb/hr 197.0 
Recirculation of 
fly ash y Yes 


Adiabatic flame temp., 
Ta,» °R 


Furnace outlet temp., 
to, °F 


Molar flow of gaseous 
combustion products, 
moles/hr 


Residence time of hot 
gases in furnace, 
seconds 


Pounds fly ash through 
furnace per pound 
ash in coal 


Enthalpy to superheated 
steam, 
Btu/mol of flue gas 
(Adjusted to 
excess air) 


3593 
3430 


Furnace heat-absorp- 
tion efficiency, 


Er, percent 53-10 55.02 56.78 53.91 51.85 51.91 56.73 


50.81 48.02 


= 


36%, 
3740 


5546 50.56 Sue25 55034 55-98 58.81 56.91 


a/ The number of significant figures, given for derived data, is not an indication of precision. The precise numbers are given to preserve 


numerical relations. 


Correlation of Results 

An abridged summary of data used for correlation of test results 
is given in Table 4. This table also includes data on molar flow 
rates of gaseous combustion products, residence times, the flow of 
ash through the furnace, and the adiabatic flame temperatures. 
Correlations of these data were developed that were based upon 
linear combinations of functions of appropriate variables, per- 
mitting better application of statistical techniques. The data 
equally well may satisfy other theoretical or empirical expressions 
within the range of observation. 

A partial survey of dust loading was made at mid-furnace eleva- 
tion through ports F and G over the left half of the furnace. The 
ratio of the flow of fly ash to the total flow of ash from the coal 
fed is plotted against the adiabatic flame temperature in Fig. 3. 
Without recirculation, a portion of the ash is immediately carried 
to the slag bed, and the flow ratio should be less than 1. Possibly 


90 per cent of the ash, with recirculation, should eventually be 
carried to the slag bed; but the necessary amount of recirculation, 
and hence the flow ratio, should fall with increasing flame tem- 
perature. The indicated ratios appear reasonable, provided tests 
3 and 4 are classed as tests with recirculation. 

Heat transferred to superheated steam was directly related to 
furnace-outlet conditions, because there was no superheat control. 
Heat transferred to superheated steam per mol of flue gas, H,,/M, 
Btu/mol, was calculated on the assumption that steam entered 
the superheater at saturation and drum pressure, and left at the 
observed steam pressure and temperature. It was found that 


Pk = 787.4 + 1.7169 lo — 14.88 (EA) 


where f is the furnace-outlet temperature, deg F, and (EA) is 
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(FLY ASH THROUGH FURNACE) 
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ADIABATIC FLAME TEMPERATURE, DEG F 


Fig. 3 Ratio of fly ash to ash from coal versus adiabatic flame 
temperature 


the per cent excess air. Heat transferred to steam per mol of flue 
gas, corrected to constant excess air, is plotted in Fig. 4 against 
furnace-outlet temperature. The probable error of estimate 
of furnace-outlet temperature, by inversion of Equation [1], 
was found to be 15 F. Since the temperature was obtained as 
an average of 32 measurements, this corresponded to a probable 
error, for a single observation, of 85 F. Heat transfer to super- 
heat was independent of fly-ash recirculation. This correlation 
was used for estimating furnace-outlet temperatures for tests Al 
through C2 and also showed that there were no extraneous values 
of furnace-outlet temperature among data for the first twelve 
tests. 

The furnace heat-absorption efficiency is plotted against excess 
air as a function of steam flow in Fig. 5. The data were divided 
into groups, for each of which the efficiency decreased with in- 
creased excess air and with increased steam load. Data of the 
first series of tests may be divided into two groups, tests 1-7, tests 
8-11. Data of test 12 would fit in either group. These groups 
corresponded to tests with or without fly-ash recirculation. 

The furnace efficiencies for tests Al, A2, Cl, and C2, alter- 
nately with and without fly-ash recirculation at medium load, 
were slightly lower but nearly equal to efficiencies for the earlier 
tests with fly-ash recirculation and at low load. Tests Bl and B2 
were run under the normal operating conditions of high load and 
low excess air. The furnace efficiencies for these tests fell in line 
with earlier data at high load. 

The correlation with excess air and boiler load, as measured by 
steam flow, is the correlation related most directly to operation, 
but it depends upon variables having complex relationship to the 
heat-transfer process. The excess air influences both the flame 
temperature and the volume-flow rate of gas. The steam flow is a 
result of the heat input and is involved with the furnace efficiency, 
the factor under study. 

Variables of fundamental significance are the time of residence 
in the furnace of a given volume of combustion products and the 
intensity of radiation from the furnace contents. The residence 
time 6 can be estimated, for this purpose, as the ratio of furnace 
volume to volume flow rate, using 20,600 cu ft as the fur- 
nace volume, and the average of adiabatic and furnace-outlet 
temperatures in estimating volume flow rate from molar flow rate. 
The flow of radiant energy depends upon temperatures, flame 
shape, furnace geometry, gas composition, dust loading, and fuel 
characteristics. For a given furnace, flame geometry, and 
fuel, variation of the adiabatic flame temperature 7’, is primarily 
responsible for variation of the radiant intensity. The appropri- 
ate function of 7, excepting a constant of proportionality, is 7’,,*. 


Hoy /M, BTU PER MOLE x 10-2 
ADJUSTED TO 25 PER CENT EXCESS AIR 


600 1 
FURNACE-OUTLET TEMPERATURE, DEG F 


Fig. 4 Heat transferred to superheated steam per mol of flue gas 
versus furnace-outlet conditions 
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FURNACE HEAT-ABSORPTION EFFICIENCY, PER CENT 


EXCESS AIR, PER CENT * 


Fig. 5 Furnace heat-absorption efficiency as affected by steam load 
and excess air 


Correlation of furnace heat-absorption efficiency E, with these 
fundamental variables led to the following equation: 


E, = 35.5 + 2.980 + 3.88 X 10-"7,4......... [2] 


for tests of the first group with fly-ash recirculation. For this 
equation, 7’, must be measured on the Rankin scale. Furnace 
efficiencies for the second group of tests (8-11, run without fly-ash 
recirculation) satisfy a similar equation with the same coefficient 
of residence time: 

E,’ = —5.2 + 2.980 + 20.48 


Furnace efficiencies for the third group of tests were fitted with a 
similar equation with different coefficients: 
E,” = 14.3 + 9.120 + 5.84 X 10-"7,4........ [4] 
Graphic representations of Equations [2-4] require three- 
dimensional plots. Two-dimensional representations may be 
based upon transformations of these equations: 
E, + 2.98(0 — 0) = (35.5 + 2.986) 
+ 3.88 X 10-7',4 
E, + 3.88 X — T,*) 
= (35.5 + 3.88 X 10-7) + 2.980. . [6] 
E,’ + 2.98(@ — 0) = (—5.2 + 2.986) 
+ 20.48 10-"T,4 


E,’ + 20.48 X — 
= (—5.2 + 20.48 X 10-"T 0) + 2.986. . [8] 
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Fig. 6 Dependence of furnace heat-absorption efficiency upon 
adiabatic flame temperature 


T,* x10 (peg 


E," + 9.12(0 — 6) = (14.3 + 9.120) + 5.84 10-"T,4.. [9] 


E,” + 5.84 X — 
= (14.3 + 5.84 X 10-7 ao") + 9.120. . [10] 


The left sides of Equations [5-10] are the efficiencies corrected 
for variation of residence time or of adiabatic flame temperature. 
Fig. 6 shows the efficiencies, adjusted to an arbitrarily chosen 
value, 0 = 3.72 sec, on the basis of Equations [5, 7, and 9] 
plotted against the indicated function of adiabatic temperature. 
Fig. 7 shows the efficiencies, adjusted to Tg. = 3761 R according 
to Equations [6, 8, and 10] plotted against residence time. Figs. 
6 and 7 show that the test data may be divided into three groups 
with respect to furnace heat-absorption efficiency. Data from 
tests of the first series, as indicated in Fig. 5, comprise the first 
two groups, and data from tests of the second series, Al—C2, 
comprise the third group. 


The correlations show the effect of operating conditions upon 
heat absorption in the boiler furnace. The correlations with ex- 
cess air and steam load, Fig. 5, are useful for operating purposes. 
Interpretation is clearer when correlation is based upon residence 
time and flame temperature, Equations [2-4] and Figs. 6 and 7. 

Flow patterns are ignored in estimating residence time. Much 
of the gas may flow through a fraction of the volume in less than 
the estimated time, and the converse may hold in other parts of 
the furnace volume. Since such effects are relatively constant 
or change regularly with flow rate, the result is a proportional 
change in the coefficient of residence time, which should be con- 
sidered in comparisons of different furnaces but need not be 
considered for the given furnace with one fuel and burner ar- 
rangement. 

Several variables are ignored in using the adiabatic flame tem- 
perature as a measure of intensity of radiation. An appropriate 
average temperature would be lower than the adiabatic. Use of 
some average between the adiabatic and furnace-outlet tempera- 
ture is objectionable for statistical reasons, because the latter is 
a measure of furnace efficiency, the variable under study. As 
with residence time, the adiabatic flame temperature is an ap- 
propriate variable for study of furnace efficiency, although the 
coefficient may depend further upon the particular furnace design 
and the fuel. 

The furnace heat-absorption efficiencies fell into three groups, 
each correlating with the same operating variables but with dif- 
ferent coefficients. The first group resulted from tests with fly-ash 
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Fig. 7 Dependence of furnace heat-absorption efficiency upon resi- 
dence time 


recirculation, the second from tests without recirculation, and the 
third tests both with and without fly-ash recirculation. It must 
be concluded that some variable was changed between tests of 
different groups that was not changed within a given group of 
tests. The variable was not fly-ash recirculation, because this 
variable was changed within the last group of tests. 

Different methods of stopping fly-ash reinjection were used. 
For the second group of tests ash feed lines were blocked, but air- 
flow was maintained through the reinjection nozzles. Fly-ash 
reinjection was stopped for alternate tests of the third group by 
stopping the reinjection air fan. Visual observation of reinjection 
nozzles and stack effluents, and decreased density indication of a 
smoke recorder placed in a duct ahead of the induced draft fan 
showed that fly-ash recirculation was effectively stopped for these 
tests. 

Stopping the reinjection air fan changed the air distribution to 
the flame. Optical pyrometer observations of the flame, through 
doors just above the burners, showed nearly a 300-F rise near the 
rear burners and a slight temperature fall near the front burners 
when the reinjection air fan was stopped. For tests B2 and C2, 
a compensation was made by a shift of secondary air from the 
front to the rear burners that was estimated to be equivalent to 
the reinjection air. Although this shift was not made for test 
A2, efficiencies of the third group of tests were all consistent, with- 
out regard to fly-ash recirculation. Methods of stopping fly-ash 
recirculation were different, but it does not seem reasonable that 
they could have caused the observed differences in heat absorp- 
tion. 

The furnace responded to burner adjustments. Visual observa- 
tion showed that the flame position could be shifted by changing 
the relative mass flow through front and rear burners; the flame 
shape could be altered by directing one set of burners more toward 
the slag pool; and the temperature distribution could be changed 
by a shift of secondary air from front to rear burners. The re- 
sponse was such that the boiler operators had learned to use 
burner adjustments to move the flame for control of slag accumu- 
lations just above the melting zone. 

Alternate tests of the third group, with and without fly-ash re- 
circulation, were run on the same day, with complete control of 
burner adjustments and with removal of any accumulations of 
slag that might interfere with burner performance. Observations 
through the slag tap hole, during test Cl, showed that impinge- 
ment resulted in a sheet of flame directed downward and spread- 
ing toward the front and the rear over the slag pool. Observation 
through ports just over the burners indicated well-balanced 
flame throughout the last series of tests. 

Higher furnace heat absorption, under otherwise similar con- 
ditions, indicated that the flame was well centered in the bottom 
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of the furnace during the last group of tests. The lower efficiency 
and stronger dependence upon flame temperature shown by co- 
efficients of Equation [3], observed for the second group of tests, 
might be expected if the flame was off center and extended up 
either the front or rear wall. Under such conditions, the residence 
time for most of the gas would be less than the values given. 

Responsiveness to burner controls, with lack of quantitative 
measures of resulting changes in the flame, introduced unex- 
plained variability in furnace heat-absorption efficiency. Never- 
theless, it may be concluded that variations in furnace heat ab- 
sorption resulted from changes in flame distribution with no sig- 
nificant effect of fly-ash recirculation. 
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authors, and to the several sponsors who are responsible for carry- 
ing out this test project. As many of us know, such data on fur- 
nace performance are difficult to obtain, and the labor does not 
end with test measurement, but continues through a maze of 
calculation and attempts to correlate results in a meaningful 
way. 

The salient features of this unit, which initially led the ASME 
Committee to undertake tests, are that with the coal used at this 
plant it is a slag-tap furnace, which reinjects its own fly ash into 
the furnace and maintains clean heating surface without the need 
of soot blowers. The unusual features of the tests are that 
measurements were made of gas temperature at the furnace out- 
let and sufficient auxiliary data were acquired to calculate fur- 
nace heat-absorption efficiency, presented here as the ultimate 
criterion of performance. 

Various correlations have been made to show the effects of load 
and excess air, of ash reinjection and nonreinjection, and to in- 
dicate relationships with the basic parameters of adiabatic flame 
temperature and residence time. The conclusions show a result- 
ing over-all performance, but regrettably do not explain the how 
or why of this performance. 

In general terms, one may look for such an explanation in gross 
factors such as: (a) The design parameters of heat available per 
sq ft of furnace surface, (b) the method of firing, (c) the geometry 
of the furnace, (d) the nature of the fuel, and (e) the influence of 
fly-ash reinjection. 


BLAINE 


3 


With regard to the first of these, it seems appropriate to show a 
comparison with Fig. 8 from a previous paper by the author's as- 
sociates.* Points for the Blaine Island tests have been superim- 
posed on this plot of other tests run under the auspices of the 
ASME Committee. 

(In this plot, the furnace heat absorption efficiency of all tests is 
plotted against heat-available rate per sq ft of water-wall surface, 
and the Broido curve is shown for reference.) 

It is apparent that Blaine Island has a high value of furnace 
absorption efficiency, which is synonymous with low exit-gas tem- 
perature and indicative of clean furnace walls. In this respect it 
is similar to the points for Paddy’s Run at the lower loads, which 
also was characterized by relatively clean furnace walls, but had 
front-wall firing. The low furnace temperature is compatible for — 
a unit like Blaine Island, where steam at 620 psig and 680 F is re- 
quired. These low steam and saturation temperatures may be of 


* Murray Greyson, G. P. Mazie, J. W. Myers, R. C. Corey, and 
E. G. Graf, “Evaluation of Factors Affecting Heat Transfer in 
Furnaces,” Trans. ASME, vol. 78, 1956, pp. 1741-1746. 
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some, perhaps minor, influence in maintaining ash-free condi- 
tions of the heat absorbing surfaces. 

It is also apparent from the figure that the rate of furnace load- 
ing is conservative, tests at full load being at approximately 72,- 
000 Btu/sq ft hr. 

Furnace geometry and firing arrangement, with downward op- 
posed burners, have been used in various forms for a number of 
years. Broadly speaking, this unit can be regarded as having a 
two-stage furnace which develops high turbulence and heat re- 
lease in the lower portion, producing high temperatures obviously 
needed for fluid slag. The water walls below,the throat are 
normally slag-covered, and the refractory bottom chamber is un- 
doubtedly beneficial to tapping. Heat-release rate in the lower 
chamber, roughly calculated as 76,000 Btu/eu ft or 375,000 
Btu/sq ft of water-cooled surface, is somewhat severe for a re- 
fractory structure, but to facilitate tapping this section might be 
regarded as expendable. In many cases this would be an objec- 
tionable limitation. 

It is conceivable that the sloping arches of the throat section 
tend to divert the gas stream away from the front and rear walls 
of the upper furnace, also that an eddy or downward flow of 
cooled gas along these walls may act as a deterrent to deposit of 
ash. It would have been interesting to include, as part of the 
test observation, a study of the gas flow pattern, augmented by 
additional temperature traverses at lower elevations of the upper 
furnace. 

The arch configuration is present only in the front and rear 
walls, and there would seem to be no corresponding logic to ex- 
plain the absence of slag on the vertical side walls as far as gas- 
flow pattern is concerned. This feature may then be of secondary 
importance. 

The next item of fuel characteristics is one of the hardest to 
evaluate. The coal is described as Pittsburgh No. 8 seam, mined 
locally in West Virginia. Conventional analyses are given, show- 
ing ash-softening temperature from 2160 to 2280 F for the princi- 
pal series of tests, and about 200 deg higher (2450 to 2520 F) in 
the supplementary tests. 

These values are consistent with determinations made at The 
Babcock & Wilcox Company’s Alliance laboratory on preliminary 
samples from this unit taken in 1955, which show 2340 and 2280 
softening temperature of the coal-ash and tap-slag respectively. 
When run under oxidizing conditions, these samples showed an in- 
crease of about 200 deg to 2540 and 2490 F softening temperature. 

Additional tests of the sintering strength of precipitator fly ash, 
taken in 1955, showed a moderately friable structure, having 
crushing strength of 4450 psi as compared to 45,000 psi for a 
Central Illinois coal when treated at 1700 F by the method of 
Barnhart and Williams, Trans. ASME, vol. 78, 1956, pp. 1229- 
1236. Fly ash from the mechanical collector was too coarse to 
form a pellet for making the sintering test. 

Another set of coal samples, sent to Germany, and reported by 
Dr. Gumz in a letter which was later distributed to the Commit- 
tee, contains the findings of a differential thermal analysis used 
for identification of mineral constituents of the ash. Kaolinite and 
montmorillonite were found to be the predominant minerals, with 
“only a small amount of illite present, which is usually the princi- 
pal source of alkalies.” It is stated that, “in our experience, al- 
kali content of the coal minerals are especially contributory to 
deposit formation, because they produce low-melting compounds 
on the tube walls which lead to deposit build-up because of their 
stickiness.” The further comment is made: “according to our 
opinion, the reason for the excellent results is twofold; a moderate 
heat release in the combustion chamber, and a very good-natured 
coal . . . the coal sample which we have examined is a type which 
should not give any trouble in most types of boiler furnaces.” 

Fly-ash reinjection provides a useful means of disposing of this 


unwanted product. Some theories have been expressed that the 
addition of cool fly ash is instrumental in removing troublesome 
alkali constituents from the gas stream; others that the high 
population of recirculated fly ash might increase heat transfer by 
the mechanism of particle radiation. 

The data of Fig. 3 show comparatively high dust loading of 
gases in the furnace. If the extreme point for test 2 wore disre- 
garded, the trend with adiabatic flame temperature would be 
less apparent; however, an average ratio of about four times the 
ash in the coal is indicated. This is equivalent to a dust loading 
of approximately 40 Ib/1000 Ib of gas. 

At these concentrations there is a good possibility that par- 
ticle cleaning of tube surfaces is obtained, as we know it to happen 
in units fired by spreader stokers. The effect 
noticeable in short-time consecutive tests. Although not an ex- 
tremely coarse dust, experience has shown that there is a pre- 
carious balance between realizing the beneficial effects of cleaning 
and the undesirable consequences of tube erosion, which makes 
this situation of debatable advantage. 

In other units, such as those reported by Maull and MeMahon 
at Marion and Seawaren Stations in New Jersey, fly-ash refiring 
apparently increased the dust loading about 50 per cent in the 
furnace gases. With refiring of fly ash to the vortex of a ecy- 
clone furnace, now being practiced in several plants, it has been 
found that 85 per cent of the ash is captured in the first eyele, and 
dust loading through the unit is increased about 15 per cent. 

In conclusion, it is the writer’s opinion that test data of this 
nature are of great value in the analysis of furnace performance 
and should be extended to include more complete surveys of 
operating conditions in the units tested. The effort to resoive 
such observations to basic correlations is applauded, and the in- 
vestigations should be strongly supplemented by scientific prin- 
ciples and knowledge already available from other fields. 

In view of the many simultaneous and complex variables in- 
volved, the design of boiler units, for the time being, may have to 
remain something of an art, with which breakthroughs can occur 
occasionally, but these should be looked at with some wholesome 
degree of skepticism. 


would not be 


F. G. Feeley, Jr.’ Only the highest of praise can be given this 
paper and the persons who have contributed to its contents. The 
major conclusion to be drawn from it is that the testing of large 
boiler furnaces is an inexact science which is perhaps affected at 
least as much by variables beyond our control as by those within 
our control. 

It should be pointed out that the 250,000-lb-per-hr rating of this 
boiler is at a feed-water temperature of 240 F. At the prevailing 
feed-water temperature, 385 F, the boiler is rated at 289,000. 
Accordingly, none of the data for this study were obtained under 
conditions exceeding the nominal full rating. One or more tests 
at overload conditions might have been very interesting inasmuch 
as this discusser’s observations of the unit have been that it is al- 
most too conservatively rated and is undoubtedly capable of con- 
tinuous operation 
slagging are concerned—at ratings 15 to 20 per cent above design. 

Data presented in other furnace studies have shown that fur- 
nace gas temperatures drop precipitously as the flowing stream 
approaches the slag screen. This being the case, it is unfortunate 
that the furnace-outlet temperatures on these tests were obtained 
so close to the slag screen since much of the erratic temperature 
data might well be due to differences of only a few inches between 
the probe tip and the slag screen on different readings at sup- 
posedly the same station. 


It is gratifying to those of us who selected a pressure-type cas- 


at least in so far as heat absorption and 
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ing for this boiler, even though it is a balance-draft job, that the 
oxygen concentration in flue gas at the furnace outlet and the in- 
duced-draft fan discharge were shown to be identical. Such free- 
dom from setting leakage should assuredly have paid out before 
now the increased cost of the tighter setting. 

This discusser would like very much to have seen a repeat run 
of test 8 after test 11 during which the boiler had run for five 
days without fly-ash reinjection. While not shown by the fur- 
nace absorption efficiency, there is a trend in steam temperature 
which would indicate that some fouling of furnace waterwalls 
had occurred in this time that would have showed up in higher 
steam temperature under identical operating conditions at the 
conclusion of the five-day run. Could the author inform us as to 
any visual observations regarding wall cleanliness made at the end 
of the five days? : 

The substantial variation in dust reinjected to the furnace per 
lb of coal fed needs some explanation. Examination of the data 
indicates a trend toward increased reinjection with decrease in 
boiler loading. Assuming that this means the energy content of 
returning dust particles is sufficient to cause their entrapment in 
the slag bed, it would dictate the design of this type of furnace for 
higher than normal burner velocities as a means of decreasing the 
admittedly high furnace dust loading. 


Earle C. Miller.* It has been very interesting to follow the test 
work which led up to this presentation. The authors are to be 
congratulated on the paper, the testing, and upon the analysis of 
the test work. The study has been followed with interest by 
many throughout the world for there has been much discussion 
as to the reasons for the unusual behavior of this particular fur- 
nace and other furnaces of this design; for it was known that this 
particular unit remained slag free without the need for lancing 
and soot blowers while in the same plant units with comparable 
heat-release rates required hand lancing and soot blowers as 
normal procedure. In addition, other units of the same design 
were operating on coals having much lower ash-fusion tempera- 
tures and were remaining clean with neither hand lancing nor 
blowers. It was thought that a study of the furnace heat absorp- 
tion would shed light on the reason for the clean furnace walls and 
it would appear as though it has. 

The very excellent correlation in the three families of curves il- 
lustrating the dependence of furnace heat absorption upon adia- 
batic flame temperature, Fig. 6, and upon resident time, Fig. 7, 
shows very conclusively that the furnace heat absorption is also 
dependent upon the flame placement. Certainly the flame place- 
ment within the furnace would influence the actual resident time. 
A study of flame placements in the furnaces previously studied 
by this research committee, with an analysis of these data on 
the basis of resident time, might eliminate some of the apparent 
differences that were evident in the prior tests. Comments by the 
authors on this would be appreciated. 

The influence of burner adjustment upon the placement of 
flame within the furnace and upon superheat had been noticed on 
this and similar units on oil, gas, coal, and fluid coke. This had 
been reduced to a comparison between the furnace-exit gas tem- 
peratures of this type of unit as compared to conventional units 
and reported in previous discussions.’ However, the spread of 
approximately 200 deg in the furnace-outlet temperatures for a 
given load point was greater than had previously been detected 
but none of these furnaces had been operated at their maximum 
outlet temperatures at full load nor had they operated at their 
minimum temperatures at low loads. 

It is noted that the range of ash-fusion temperature for the tests 
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reported is 2360 to 2640 F. This design has now operated with 
ash-fusion temperature range of 1900 to 2748 F. As the authors 
have pointed out the placement of the flame within the furnace 
and with relation to the slag pool can be controlled. Control of 
the flame position with respect to the wet bottom permits the use 
of higher-fusion-temperature ashes in this furnace than is nor- 
mally considered practical for slag-tap units. It should be pointed 
out that in the test furnace slag is tapped from along the side 
where the temperatures are known to be lower than they are in 
the center of the furnace where the slag-tap holes of the units of 
later design are located. 


William T. Reid. What may appear at first glance in this 
paper to be an exercise in rhetoric and bookkeeping is actually an 
ambitious attempt to settle once and for all why this boiler fur- 
nace remains so remarkably free of slag deposits. It burns a fuel 
and is of a general design that invariably causes the usual troubles 
from slagging. Dr. Orning and his associates at the Bureau of 
Mines have done their traditionally excellent job of furnace test- 
ing and later correlation of data. One might well expect, however, 
that they could also have answered the basic question behind this 
study: “Why does this furnace remain clean?” 

That they ignore this point is not difficult to explain. The 
facts seemingly are that the tests turned up no unusual furnace 
conditions showing why slagging did not occur. The data show 
nicely the correlations between operating conditions and heat ab- 
sorption in the furnace—correlations that should be helpful both 
to the manufacturer and the customer—but they do not add 
measurably to our knowledge of wall slagging. The authors re- 
count in convincing fashion that the furnace responded well to 
burner adjustments, and that the temperature distribution and 
the shape of the flame could be modified at will. But they do not 
answer the important question as to the effect of flame adjust- 
ment on slagging. 

The point here is not that a poor job of furnace testing had 
been done, for in reality the tests were thoroughly and intelli- 
gently carried out. Rather, it is that the problem of slagging is 
so incompletely understood and so perplexingly complex that the 
tests made here are apparently incapable of defining the condi- 
tions responsible for a clean furnace. The one sure fact seems to 
be that reinjection of fly ash is not the responsible factor, as had 
appeared likely earlier. 

Wisely, the original data and calculations have been listed in 
tabular form, that others can search too for correlations that might 
have been overlooked here. But the chance is indeed slim. Slag- 
ging remains largely unexplainable, and a great deal of tedious 
work in the laboratory and in operating boiler furnaces remains 
to be done before the slagging problem can be brought under con- 
trol at last. 


Authors’ Closure 


The authors wish to thank the discussers for their interest in 
the investigation and their contributions to the discussion, As 
stated by Mr. Ely and emphasized by Mr. Reid's discussion, the 
cleanliness of the furnace without the need of soot blowers and 
the possibility that this may have been the result of special design 
features were reasons which led the ASME committee to under- 
take the tests. The present paper, however, was written pri- 
marily to present data on heat absorption and to relate variation 
in heat absorption to operating variables. This was true of 
similar papers reporting on variation of heat absorption in five 
furnaces previously tested in co-operation with the ASME 
committee. There was no intent to infer, as Mr. Ely has stated, 

%” Assistant Technical Director, Battelle Memorial Institute, 
Columbus, Ohio. Mem. ASME. 


} 


that heat absorption was the “ultimate criterion of performance.” 
Other aspects of performance have, for the previous tests of the 
series, been considered in companion papers by other authors. 
The various discussers have given the obvious explanation 
for the lack of troublesome deposits in the present furnace. The 
_ furnace heat-release rates are moderate. The furnace shape and 
the burner arrangement are designed to hold the flame close to 
surfaces where slagging is desired and away from other surfaces 
where deposits would be troublesome. It might be debated 
whether the coal was “very good-natured” with respect to ash 
characteristics. The more important contributor to clean 
furnace operation was probably the moderate heat-release rate 
and the management of the flame. 
Reference to the Broido curve, given by Ely in Fig. 8, shows 
- that the present data scatter about the curve, with a bias toward 
high values. The data are more precisely correlated in Equations 
[2] to [4]. The coefficients of these equations must bear some 
relation to the Broido curve. A study is in progress using 
methods of the present paper applied to data for furnaces pre- 
viously tested. It has appeared that the significant deviation 
_ from the Broido curve, shown for various furnaces, is due in part 
to differences in such things as furnace shape and flame size. 
These differences cannot be given representation in the Broido 
curve which depends only on the rate of heat release per unit 
of wall area. 
_ Mr. Feeley noted the possibility of large errors in furnace 
outlet temperatures due to proximity of sampling points to the 
furnace outlet tubes. The large temperature drops mentioned 
in relation to other furnace studies may have been due in part to 
the use of poorly shielded thermocouples. Large temperature 
drops may also appear when gas flows parallel to a wall. Tem- 
perature drop as a result of convective heat transfer should be 
negligible for gas entering the furnace outlet unless gas entering 
the thermocouple shield is drawn from the stream passing directly 
over a screen tube. Observations in other furnaces with the 
shielded high velocity thermocouple have shown drops in gas 
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temperature on passing completely through the screen on the 
order of 100 to 200 F. The probable error of the average tem- 
perature at the entrance to the furnace outlet, as indicated by 
correlation with the heat absorption by the superheater, was 
about 15 F for the present data. The precision was quite 
satisfactory for the purpose, which was to estimate heat absorp- 
tion within the furnace including heat transfer by radiation to the 
outlet but not including heat transfer by convection to the 
furnace outlet screen tubes. 

The steam temperatures for tests 8 through 11 were 683, 701, 
666, and 684 F, respectively. There is no consistent trend with 
time during the period of nonreinjection of fly ash. As shown in 
Fig. 4, heat transferred to superheated steam was related to 
furnace-outlet conditions in the same way as found for the tests 
with fly-ash reinjection. There was some deposit of ash on the 
furnace side of the first screen tubes during tests 8 to 11. This 
deposit was adherent and was present throughout later tests. 
Dust was observed on other surfaces, but no quantitative esti- 
mates of the amount or thickness of the dust layer are available. 
There were no obvious differences in the amount of dust present 
on the heat-transfer surfaces in the furnace with or without 
fly-ash reinjection. 

Entrapment of reinjected fly ash in the slag depends upon the 
flame intensity, as measured by the adiabatic temperature, Fig. 
3, rather than reinjection velocity as suggested by Feeley. The 
reinjection velocity probably decreased with ash loading since 
the reinjection air fan was operated directly off the power line 
with on-off control only. Some effect of boiler loading might be 
expected through resultant variation of turbulence and flame 
volume. This does not appear to be significant when judged by 
the scatter of data points about the curve shown in Fig. 3. 

A study of flame placements in furnaces previously studied, as 
mentioned by Miller, would be desirable. Studies in progress 
show an effect of flame size and shape which might be given 
quantitative treatment if measurements of flame placement were 
available. 
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Effect of Temperature Variation on Composi- 
tion, Fouling Tendency, and Corrosiveness 
of Combustion Gas From a Pulverized- 


Fuel-Fired Ste 


am Generator 


By JOHN D. PIPER! ann HAZEN VAN VLIET,? DETROIT, MICH. 


Meta! condensers, cooled to selected temperatures between 87 
and 242 F, were placed in stack gas of a pulverized-fuel-fired 
steam generator. The amount and nature of substances de- 
positing upon the condensers were determined as well as the 
corrosion resistances of many materials. Chlorides were found 
to deposit at unsuspectedly high temperatures and concentra- 
tions. Corrosion rates increased markedly as the water dew 
point was reached. 


Introduction 


REcENTLY, Wingert and Stanley [1]‘* described the design of a 
large coal-fired steam generator for a 200-F stack-gas tempera- 
ture. A unique feature of the design is the use in series of two air 
preheaters, called the hot-air heater and the cold-air heater. 
Gases leaving the hot-air heaters at slightly over 300 F pass in 
turn through the dust collectors, the induced-draft fans, and the 
cold-air heaters, to the stack. 

As Wingert and Stanley pointed out, the principal unknowns 
connected with the design concerned corrosion and blockage of 
the cold heater. Initially they presumed that “‘flue gas at a tem- 
perature approximating 235 F is probably the most highly corro- 
sive,” and “that corrosion action should not increase appreciably 
with decreasing temperature from this point.’’ The quoted con- 
clusion was based principally upon the experimental work of 
Hodson [2] who passed stack gas through a series of glass con- 
densers cooled to desired temperatures in the range between 200 
and 300 F. 

In order to obtain performance data for the operation of the 
cold-air heater two separate experiments were carried out simul- 
taneously. One of these experiments consisted of the operation 
of a pilot-plant air preheater using stack gas from no. 17 steam 
generator at the Conners Creek Power Plant. The pilot plant 
and the early experimental results obtained with it were described 
by Wingert and Stanley [1]. The second experiment consisted of 
determining the composition, corrosiveness, and fouling tenden- 
cies of the materials that condensed or otherwise deposited from 
the stack gas upon surfaces cooled to selected temperatures. The 
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present paper deals with that second experiment, which was e¢ 
ried out in three parts. 


Properties of the Stack Effluent 


Properties of the effluent from no. 17 steam generator, sig- 
nificant to the corrosion and blockage of the cold-air heater, are 
summarized in Table 1. The minimum of 38 and maximum of 56 
mm for the partial pressure of water vapor represent winter and 
summer conditions, respectively, averaged over l-month periods, 
rather than the extremes that exist for short periods. These 
values were computed from the composition of the coal, the pro- 
portion of excess air, and the moisture content of the air. The 
range adequately covers the period during which the experiments 
were carried out. The average partial pressures of SO, and HCl 
shown were essentially the same whether computed from the 
analyses of the stack gases or from the composition of the coal and 
the proportion of air used. 

The partial pressures of SO, given in the table are computed 
values based upon the analyses shown at the top of the table. 
As discussed later, the partial pressures of SO;, as such, must be 
extremely low at the temperatures dealt with in this study, the 
gas being converted to H,SO, vapor and then to sulfuric-acid 
condensate. 


Table 1 Properties of stack-gas effluent used for experiments 


Nominal 
or 
average 
Gas temp, deg F 300 
Dust loading, grains/cu ft ‘ 
Corrodents, per cent by volume 

SO, 0.15 to 0.20 

¢ 0.0014 to 0.0039 

0.0017 to 0.0082 


Range 


280 to 320 
secs 0.03 to 0.05 


per cent by weight 
Moisture 


H 
N. 
Cl. 


month period, lb water/lb 
dry air*.... 
Partial pressures of corrodents, 

mm Hg, based on total pres- 

sure of 750 mm 
38 to 56 
1.1 to 1.5 
0.01 to 0.03 
0.013 to 0.062 


a e 2 
3.97 
Air, per cent of theoretical... .. 135 : 
ws Mean humidity of air for 1- > : 
a 
~~] 
251 


Just what biciiieh when cooled surfaces, such as the plates of an 
air preheater, come into contact with stack effluent is a compli- 
cated problem. The phenomenon most discussed concerns the 
conversion of sulfur trioxide to sulfurie acid with attendant in- 
crease in what Rylands and Jenkinson [3] aptly termed the 
“acid dew point.’’ The effect of hydrogen-chloride vapors and 
dusts has also been considered, but little information exists con- 
cerning what happens when cooled surfaces contact the compli- 
cated mixture of dust, sulfur trioxide, sulfur dioxide, and hydro- 
gen chloride as they exist in stack effluent. Before the experi- 
mental work is described, prior knowledge of the nature of con- 
densate from systems having the vapor components of stack gas 
will be reviewed briefly. 


Equilibria Between Acid Vapors and Water Vapor 


Nearly 30 years ago Barkley [4] pointed out that, as the flue- 
gas temperature drops, the sulfur-trioxide gas begins to unite 
with the water vapor forming sulfuric-acid vapor, until at the 
boiling point of concentrated acid, practically all of it is united. 
He calculated the temperatures at which liquid acid would form 
on a cooled surface, using the composition of the gases and the 
partial pressure data of Thomas and Barker [5]. Johnstone [6], 
believing that, ‘“‘in all probability the rate of corrosion would be 
greatest at the temperature of the dew point,’’ devised an electrical 
method for the determination of the dew point of flue gases. 

Since Johnstone’s paper was published in 1929 many investiga- 
tions concerning the dew point of flue gases have been carried out, 
most of them using equipment similar to Johnstone’s. Many of 
these investigations have been reviewed by Rylands and Jenkin- 
son [3]. The following estimation of the acid dew points in stack 
effluent is based upon Abel’s thermodynamic data [7]. 

Fig. 1 shows the sulfuric-acid water equilibrium for a system 
having the partial pressures of water and sulfur trioxide that 
existed in the stack gas from no. 17 Conners Creek, but without 
the other acid gases and dust. The curves were derived by 
plotting the logarithms of the respective partial pressures of sul- 
fur trioxide, sulfuric acid, and water in the gas phase, for given 
concentrations of sulfuric acid in the liquid phase, against the 
reciprocals of the absolute temperatures and graphically solving 
for the partial pressures listed in Table 1. 

The crescent-shaped pair of curves in Fig. 1 show the equi- 
librium between the water vapor in the gas phase and sulfuric acid 

in concentrations to 99 per cent in the liquid phase. A liquid 
phase having the compositions indicated is possible for the con- 
ditions represented on the convex side of the two curves constitut- 
ing the crescent, provided adequate sulfuric-acid vapor is present. 

However, the sulfuric acid to form the liquid phase can come only 

from the sulfur trioxide in the gas phase. The partial pressures of 
sulfur trioxide are shown by the broken curves intersecting the 
 erescent. For the highest measured concentration of sulfur tri- 
oxide, corresponding to 0.03 mm, the broken curve intersects the 
56-mm curve for water at 390 F. Condensation cannot take 
place, however, because the corresponding vapor pressure of sul- 
furic acid is many-fold greater than the available partial pressure 
of sulfur trioxide. Before condensation can take place the tem- 
perature must drop approximately 100 deg F, with the result that 
when condensation starts practically all of the sulfur trioxide has 
been converted to sulfuric-acid vapor. 

The vapor pressures of sulfuric acid corresponding to the 
original partial pressures of sulfur trioxide are shown, also in Fig. 
1, by the solid lines, marked 0.03 mm and 0.01 mm, intersecting 
the crescent. For example, the 0.03-mm curve for sulfuric-acid 
vapor, corresponding to the highest measured concentration of 
sulfur trioxide, intersects the 56-mm curve for water at 288 F; 
the 0.01-mm curve, corresponding to the lowest measured con- 
centration, intersects the 38-mm curve for water at 259 F. The 
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striated area including those two points represents the acid dew 
points of systems having the moisture and sulfur trioxide content 

of the Conners Creek stack gas. The dotted curve marked 
(0.00001 mm intersects the crescent above the striated area show- _ 
ing that the partial pressure of SO; as such is less than 0.00001 
mm before condensation takes place. 

Fig. 1 further shows that before the equilibrium concentration — 
of sulfuric acid in the liquid state reaches 70 per cent on cooling, — 
its concentration in the vapor state is less than 0.0001 mm. In _ 
condensing, the sulfuric acid removes some water from the vapor — 
phase but the amount removed is too small to change the partial — 
pressure of water significantly. Hence further cooling of an_ 
equilibrated system below approximately 200 F results pri-- 
marily in dilution of the sulfuric acid already condensed. From_ 
the figure it is obvious that the cold-air heater, receiving gas at— 
approximately 300 F, discharging it at 200 F, and receiving air at — 
a temperature as low as 60 F, is operating in a range where the — 
condensation of sulfuric-acid vapors could be most significant. 
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Fig. 1 Equilibrium between liquid sulfuric acid and the vapors SO;, 
H.SO,, and H.O, for the SO; and H:O concentrations in Conners” 
Creek stack gas. Initial equilibrium on cooling shown by striated 
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Fig. 2 was constructed according to the method described for 
Fig. 1, using instead of data for the sulfurie-acid system, data 
[8] for the hydrochloric and sulfurous-acid systems, the latter 
extrapolated toward zero, The striated area in the left-hand part 
of the figure shows that if the hydrogen-chloride and moisture 
content of the stack gas behaved as though the other acid vapors 
and dust were not there, the acid dew point would be within 7 deg 
F of the water dew point and the maximum concentration of hy- 
drochlorie acid would be 13 per cent. Similarly, the right-hand 
part of the figure shows that the acid dew points of a water- 
sulfur-dioxide system containing the proportions of moisture 
and sulfur dioxide that were in the stack gas are the same as the 
It further shows that the condensate should 
contain not over 0.016 per cent sulfurous acid, computed as SOz. 

Few data are available on the equilibria of the mixed systems 
of the acids possible in stack gases, especially in the ranges of 
partial pressures in which the gases exist. Luchinskii has studied 
the system H.SO,-HCI-H,O at 25 C [9] and at the boiling point 
[10]. Although the data are insufficient to describe adequately 
systems having the low partial pressures of HCI found in stack 


water dew points. 


gases, they do show that for all systems containing sulfuric acid, 


the concentrations of HC] in the liquid phase must be less, for a 


given temperature and partial pressure of HCl, than for systems 
containing HC! and water alone. The maximum concentration 
of HCl that would be expected in the condensate from the stack 
gas under discussion would, therefore, be much less than 13 per 


cent. Available data are not sufficiently complete to predict the 


maximum temperature at which HCl] would be expected to occur 


in the condensate. 


The Condenser Test 


The first of the three experimental parts of the present program 
consisted of inserting a condenser into the breeching of the stack 
of no. 17 steam generator, controlling the temperature of the con- 
denser surface to desired levels, and determining the amount and 
composition of materials that deposited upon it during a selected 
time interval. Fig. 3 shows the location of the condenser within 


the breeching, approximately 12 ft below the point from which 
gases were led to the test air preheater described by Wingert and 
‘Stanley [1]. 
equipment. 
-densers. One of these was Inconel, selected as a highly corrosion- 
resistant metal and the other was aluminum selected for minimum 
catalytic effect in oxidizing sulfur dioxide to sulfuric acid. 


Fig. 4 is a sketch of the condenser and auxiliary 
Two materials were used in constructing the con- 


Before each test the condenser proper was polished to bright 
Premixed steam and water were then 
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Fig. 3 Location of steam-water-cooled condenser in breeching of 
stack of no. 17 steam generator 


introduced to bring the condenser approximately to the desired 
temperature; the assembly was inserted into the breeching, and 
the temperature was adjusted, if necessary. Usually the con- 
denser was left in the breeching exactly 1 hr while the load on the 
steam generator and the temperature of the condenser were held 
reasonably constant. The condenser was then removed. 

The material collected was removed in three parts: (a) The 
condensate, if any, in the receiver was transferred to a pre- 
weighed sample bottle and tightly stoppered. (6) As much de- 
posit as could be scraped from the condenser proper was quickly 
removed, while the condenser temperature was maintained; the 
scrapings were transferred to another preweighed sample bottle 
which was then tightly stoppered. (c) Both the receiver and the 
condenser were scrubbed with bristle brushes wet with distilled 
water to remove any remaining deposits. The wash water con- 
taining the residues thus removed constituted the third sample. 

The samples were analyzed for total water, acid, sulfate, and 
chloride content; for components of the dust; and for corrosion 
products from the condens:rs. The water content cf the scrap- 
ings was determined on an aliquot by using a microcombustion 
train. Carbon was determined simultaneously on some of the 
samples. The original water content of the material scrubbed off 
and collected as sample 3 was estimated by proportion using the 
sulfate contents of the washings and the water-to-sulfate ratios for 
For the cases where the In- 
conel condenser was used the total corrosion was estimated to be 
the sum of the nickel and the chromium, which constitute nearly 
all the Inconel. For the cases involving the aluminum condenser, 
the corrosion was estimated by subtracting from the total 
aluminum a correction for the alumina in the fly-ash deposits. 
The amount of the correction was computed from the amount of 
iron in the deposits collected on the aluminum condenser and 
the average aluminum-to-iron ratio found for the deposits col- 
lected on the Inconel condenser. 

Fig. 5 shows the variation with temperature in the total liquids 
collected on the condenser, including any that ran off into the re- 
ceiver, and the total solids that were retained on the condenser. 
The liquids were computed as the sum of the water plus the 
H.SO, and HCl corresponding to the sulfate and chloride con- 
tents. Both are expressed as amounts per square foot per hour. 
At temperatures above 150 F the total deposit was dry in appear- 
ance and was easily removable from the condenser. As the tem- 
perature was reduced below 150 F the deposits became progres- 
sively more sticky and moist. At approximately 105 F the de- 
posit consisted of nearly equal parts by weight of solid and 
liquid, as shown, and was sufficiently fluid to flow. At a slightly 
lower temperature the’ amount of condensate was sufficient to 
wash nearly all the solid deposits off the condenser and into the 


the condensate and the scrapings. 


Fig. 4 Steam-water-cooled condenser used for collection of solids 
and liquids that collect on metal surfaces of an air preheater: (1 
Condenser proper, Inconel or aluminum 5 ft long, OD of std */,-in. 
pipe. Area of active length, 198 sqin. (2) Extension pipe. (3) Tubing 
within |) and to provide inlet for water and steam coolant which 
escapes through concentric space. (4) Two thermocouples in con- 
centric space between (3) and top and bottom, respectively, of (1). 
(6 Receiverfor condensate. (6) Sleeve into which condenser slides be- 
fore apparatus is removed from breeching, to prevent deposit from 
being blown off during removal. Guides to prevent walls of con- 
denser from touching sleeve—receiver also acts as terminal guide. 
8) Mount in wall of breeching through which @) slides to sleeve 
flange. (9 Stop, welded to (). 
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Fig. 5 Liquids collected at various temperatures on condenser or in 
receiver, and solids retained on condenser 
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Fig. 6 Variation with temperature change in acids collecte 
corrosion products formed 


receiver. Most of the solid was fly carbon content was 
- usually less than | per cent by weight. 
variation with temperature change in the 


ash; 


Fig. 6 shows the 
amounts of acids collected on the condensers and the amount of 
corrosion products formed from them. As the temperature of the 

condensers was lowered, the first chloride was found at surpris- 
ingly high 140 F. Further lowering caused a marked increase in 
the amount collected, as shown. The amount collected was in- 
dependent of whether the condenser was Inconel or aluminum. 
When the Inconel condenser was used the total sulfate collected 

(not shown separately in the figure) was nearly independent of the 

— temperature, averaging 0.008 gram equivalents per L000 sq cm per 
hr. With that condenser the equivalent weights of chloride ex- 

ceeded those of the sulfate at temperatures below 116 F. Con- 
7 trary to expectations, the quantity of sulfate collected with the 

aluminum condenser was considerably higher than for the Inconel 
The other three fol- 
The total acids are 


condenser in four of seven determinations. 
lowed the curve for the Inconel condenser. 


Steam 
Temp, Condenser generator —-Weight, per cent-—~ 
deg F material H,O H.SO,; HCl 
90 Aluminum 98 ¢ 65 .43 
92 Inconel ( j 52 

95 Aluminum 7 
103 Aluminum 
103 Aluminum 

106 Inconel 

lk 3 Inconel 
Aluminum 

Inconel 

Inconel 

Inconel 
Aluminum 

Inconel 

Inconel 

Inconel 

Incone! 
Aluminum 


Table 3 
gas 


Initial corrosion rate of condenser materials in stack 


—Average rate of penetration, mils— 
per hr for first hour 
Inconel Aluminum 
240 0.002 0.027 
140 0.007 0.08 
90 0.02 |. 0.23 


Temp, 
deg F 


presented as a range in Fig. 6, the minimum being formed by a 
curve representing nine of the ten determinations for which the — 
Inconel condenser was used, together with three of the seven for — 
aluminum. The maximum represents the other four determina- 
tions with the aluminum condenser. Two of those, separately 
coded in the figure, were for half load on the steam generator. 
The acids, as recovered, existed principally as the salts of the 
metals constituting the condenser. This is shown by the fact 
that when the Inconel condenser was used nickel and chromium 
corrosion products averaged over 60 per cent of the total equiva- 
lents of acids. 
the total equivalents of acids many times, 
cut effect of load changes between half and full load was evident. 
Table 2 shows the variation with temperature change in the 
“apparent” These ap- 
parent concentrations include the salts, as previously stated. 
Table 3 shows the average rate of corrosion of the two condenser 
materials during a 1-hour exposure. 
Inasmuch as the condenser test was not 


The total aluminum corrosion product exceeded 


as shown. No clear- 


concentrations of the acids collected. 


As shown, the initial corro- 
sion rate was very high. 
designed as a corrosion test but as a test of the severity of operat- 
ing conditions, further discussion of the corrosive effect of the 
acids condensed is deferred to later sections. 


Stress-Corrosion Test 


The second experimental part of the program was a stress- 
corrosion test. A corrosion test was desirable in conjunction with 
the pilot-plant air-preheater test [1] in order to: 


(a) Examine a much wider variety of materials than would be 
practical on the pilot plant. 

(6) Determine the corrosion rates on these materials at selected 
temperatures rather than over the range of cyclic temperatures 
to which the plates of the pilot air preheater were subjected. 

At the time the test was designed, stainless steels were under 
consideration and some of these were known to be susceptible to 
stress corrosion by chlorides, which had been shown by the con- 
denser test to be in the condensate in surprisingly high concentra- 
tions. Accordingly, a stress-corrosion test was devised to operate 
at selected temperatures within the range of temperatures to 
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which air-preheater plates are subjected. 
terned after the condenser test. 

Fig. 7 shows one of the four assemblies used, three being nearly 
identical. Each consisted of five cylindrical water-cooled con- 
densers connected in parallel. The cylinders were welded to- 
gether, one from each of five different kinds of 50-mil flat stock 
under test. Hence each cylinder constituted a corrosion speci- 
men. The stress-corrosion specimens were made from the same 
flat stock, bent to fit snugly around approximately 80 per cent of 
the circumference of the cylinders, with the legs of the hairpin- 
shaped specimens extending away from the cylinders, as shown. 
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This test was pat- 


These specimens were slipped to their places over the cylinders 
of the same composition, to avoid galvanic action. The ends 
of the specimens were then clamped together, as shown, sub- 
jecting the legs to a determinable stress. 

One “hairpin’’ on each assembly was fitted with two thermo- 
couples, the one at the approximate point of maximum stress, 
just beyond the line of contact with the cylinder, and the other 
approximately midway down the length of the 4-in. legs. Ther- 
mocouples were also placed in the inlet and the outlet water 
headers and at the surface of the outlet ends of the cylinders, as 
_ shown in the figure. 

Three stress-corrosion samples of each of the five materials 
comprising the cylinders were placed at given distances from the 
ends of their respective cylinders. The 15 stress-corrosion speci- 


mens and the thermocouple specimen occupied 16 of the 60 places 


designated in Fig. 7. Most of the remaining places were occupied 
_ by protective coatings, some applied to metal specimens having 
the same shape as the stress-corrosion specimens, and others ap- 
plied directly on the cylinders. 

The fourth assembly was similar to the other three except that 
it was constructed of aluminum. Four of the spaces were occu- 
pied by bare-aluminum hairpins, one of them equipped with 

thermocouples installed as previously described. Most of the 
remaining spaces were used for protective coatings; other spaces 
were bare. 

Fig. 8 shows the positions in the ductwork where two of the 
four assemblies were installed immediately ahead of the induced- 
draft fan. The other two were installed on the opposite face of 
the duct with their backs nearly touching at the center of the 
duct. The side of the assembly shown open in Fig. 7 was placed 
on top, toward the gas stream in all installations. As soon as the 
assemblies were introduced, prefitted plumbing connections to 

_general-service water were made in series, as follows: Water 


Fig. 7 Assembly for stress-corrosion test (shown without protective 
screen on top side), figures in margin and letters on inlet header refer 


heater, assembly 1, assembly 2 (aluminum), water heater, as- 
sembly 3, water heater, assembly 4, waste. Water temperatures 
and flow rates were adjusted to keep the condenser tempera- 
tures at approximately the desired levels of 92, 125, and 160 F. 
During the first half of the test the daily variation from minimum 
to maximum temperature averaged approximately 30 F; later the 
variation averaged less than 20 F. Inlet and outlet water and 
condenser temperatures were the same within approximately 
2 F. 

The original plan was to examine the assemblies at the end of 


30, 60, and 90 days, removing one set of the stress-corrosion — 


specimens each time. The test had to be discontinued on the 25th 
day, however, because one cylinder on each of the two 92-F as- 
semblies corroded through, allowing the cooling water to escape. 

Fig. 9 shows the appearance of test assembly No. 1, which had 
been constructed of ferrous materials and operated at 92 F. In 
contrast to the 1-hr condenser test previously described, in which 
the deposits were washed from the condenser by the condensate 
formed, the surfaces of the cylinders and hairpins became fouled 
over the 25-day period. The cylinder shown on the left is the one 
that failed. Escaping water struck only the expanded-metal cover 
and thus did not damage adjacent corrosion specimens. Test 
assemblies 2, 3, and 4 were also fouled but the deposits on 3 and 4, 
which operated at average temperatures of 125 and 160 F, re- 
spectively, were caked less than those on 1 and 2, 


«a 


Fig. 8 Location where corrosion test assemblies were installed in 
ductwork on suction side of induced-draft fan. Two of the water 
heaters used to heat assemblies to desired temperature are shown. 


Fig.9 Test assembly after 25 days of exposure to stack gas at aver- 
age cylinder temperature of 92 F. Some loose deposit brushed off. 
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Fig. 10 identifies the five uncoated steels tested and shows as 
degree to which the cylinders constructed of each resisted 
chemical attack at 92 F. The figure shows the upper side of the 
cylinders; that is, the side toward the gas stream. The more-or- 
less unattacked bands shown had been covered during the test by 
the hairpin-shaped stress-corrosion specimens. of the 
spaces between those bands originally had been bare whereas 
others had been covered by protective coatings. 

The undersides of all the cylinders were corroded more ex- 
tensively and more intensively than the respective upper sides 
shown in Fig. 10. Fig. 11 shows the severely pitted condition of 
the underside of a short length of the cylinder made of 302 steel. 
The more extensive corrosion resulted because only a small part 
of the underside was protected by the stress-corrosion specimens, 
as is plainly evident. 


Some 


Presumably the more intensive corrosion 


MAYARI-R 302 
STEEL STEEL 


— 
Fig. 10 Close-up view of top side of cylindrical test specimens after 
25 days of exposure to stack gas, average temperature 92 F. Cylinders 
thoroughly cleaned with water. 


HOT CORTEN 
ROLLED STEEL 
STEEL 


Close-up view of pitting on underside of 302-steel test 
cylinder after 25 days of exposure to stack gas, average temperature 
92 F, cylinder cleaned thoroughly with water 


Fig. 11 


MAYAR! 
STEE 


HOT SORTEN 
ROLLED STEEL 
STEEL 
Fig. 12 Close-up view of cylindrical test specimen after 25 days of 
exposure to stack gas; average temperature 125 F. Cylinder thor- 
oughly cleaned with water. 


was caused -_ iain of condensate toward the underside. The 
corroded-through part of the hot-rolled steel cylinder that failed 
was on the underside near the blind end. Two of the four 
aluminum cylinders on assembly 2 likewise failed on the under- 
side. Thus for hot-rolled steel and aluminum the penetration 
rate was 50 mils in 25 days. 

Fig. 12 shows the cylinders composed of the same five steels 
subjected to the same test except at 125 F instead of 92 F. Corro- 
sion was much less at 125 than at 92 but the stainless steels, par- 
ticularly the 302 steel, were considerably pitted as shown. At 
160 F corrosion was still less severe; the cylinders, however, had 
an etched appearance in the unprotected regions. 

Fig. 13 shows two sets of the stress-corrosion specimens after 
test. The average temperatures at various points on the speci- 
mens are shown in the margin. The gas temperature averaged 
295 F. The figure shows that the most severe corrosion took 
place on the are part of the specimens; that is, the coolest part. 
No evidence of stress-cracking was found. Marks on the speci- 
mens, some visible in the figure, showed that condensation had 
taken place on the arc-shaped parts and that the condensate had 
run past the maximum-stress zones, to part way down the legs, 
where much of it evaporated. 

Fig. 14 shows the average reduction of thickness of the arc- 
shaped part of the stress-corrosion specimens. The average re- 
duction of thickness of the hot-rolled steel at 92 F was 6'/; mils 
and the aluminum was 3'/; mils. As previously stated, however, 
the cylinders made of the same materials corroded completely 
through at a spot in their 50-mil walls within the same period 

Fig. 15 shows the average weight losses not only for the speci- 
mens described in Fig. 14, but also, for similar sets of specimens 
made on a Cor-Ten base but coated with vitreous enamel; lead, 
sprayed-on; and aluminum, sprayed-on. Sprayed lead is shown 
to be ineffective for protecting low-temperature elements in stack 
gas. The sprayed aluminum samples were considerably more re- 
sistant than aluminum itself. The markedly greater corrosion of 
the 92 F samples over the 125 F samples is evident in both Figs. 14 
and 15, the Cor-Ten samples being an apparent exception that 
will be discussed later. 


TEMPERATURES AT 
VARIOUS POINTS F 


160 


Fig. 13 Two sets of stress-corrosion specimens after 25 days of ex- 
posure to stack - at condenser temperatures of 160, 125, and 92 F 
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TEMPERATURES OF STRESS CORROSION SPECIMENS, F 


REDUCTION IN THICKNESS, MILS 


Fig. 14 Average reduction in thickness of arc-shaped part of stress- 
corrosion specimens 


Protective Coatings 

None of the many organic protective coatings tried showed 
any promise of protecting metal surfaces subjected to stack gas 
at the temperatures to which the several parts of the stress-cor- 
rosion specimens were tested. The following were tried: 

Type 4 red lead, one to three coats; bituminous coatings; 
epoxy thiokol, epoxy rubber, and baked epoxy enamel; neoprene; 
silicones and silicone alkyds of various formulations and bakings 
both unfilled and filled with graphite, aluminum, and mica, also 
many proprietary lacquers. 

A thiokol viny! and a graphite-filled silicone furnished fair pro- 
tection at temperatures up to 210 F but failed at higher tempera- 
tures. Of the organics, only fiberglas-reinforced polyester re- 
mained in fair condition. The surface of the resin had been de- 
stroyed on many of the samples, however, exposing the glass 
fibers. 


General Corrosion Test 

The third and final experimental part of the program was a 
general corrosion test patterned after the stress-corrosion test. 
Essential differences in the two tests, some of them made clear by 
Fig. 16 when used in comparison with Fig. 7, were as follows: 


(a) Means for applying external stress to the specimens were 
eliminated. The samples were in the form of 325-deg ares con- 
tacting the cylindrical condensers as shown; that is, the general- 
corrosion specimens looked much like the stress-corrosion speci- 
mens with their legs cut off. The entire general-corrosion 
- specimen presumably acquired essentially the same temperature 
as the cylinder over which it was placed and hence was suitable 
for weight-loss tests. 

(b) The tests were conducted at four temperatures instead of 
three in order better to evaluate the significance of abnormally 
low metal temperatures on rate of corrosion. 

(c) Many more solid-metal, metal-coated, and 
enameled specimens were tested in the general corrosion test than 
in the stress-corrosion test. Organic coatings were eliminated. 

(d) Because of the many kinds of metals and metallic coatings 
tested it was impractical to avoid placing the general-corrosion 
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Fig. 15 Average weight loss of stress-corrosion specimens after 25 
days of exposure to stack gas 


cylindrical metal condensers used on each of the two lower-tem- 
perature assemblies during the first period of the test were con- 
structed, one each, of Cor-Ten steel, 50 mils, and NAX-A, B, and 
C steels, 36 mils thick. During the remainder of the test all four 
were composed of Cor-Ten, 50 mils thick. For the two higher- 
temperature assemblies four of the five original cylinders were re- 
tained; that is, the ones composed of Cor-Ten, Mayari-R, 302, 
and 430 steels. The carbon-steel cylinders on each assembly were 
converted to test nonmetallic materials as shown. 

(e) To minimize the effect of a considerable difference in cor- 
rosivity found at different parts of the assemblies during the stress- 
corrosion test, each assembly was divided into zones; the speci- 
mens were rotated from zone to zone, and their relative positions 
in the several zones were changed after each inspection. It was 


specimens over cylinders of different composition. The four 
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Fic. 16 One of four assemblies for general-corrosion test 


intended that one set of specimens be removed, cleaned, weighed, 
and replaced after 1 month, the second after 2 months, and the 
third removed, cleaned, and weighed after 3 months. 


Control of the temperature of the cylinders was within +5 deg 
for the 87, 115, and 141-F assemblies nearly everyday. The range 
of the daily fluctuations between maximum and minimum tem- 
peratures was considerably greater for the 161-F assembly, 
averaging from —7 to +20 F. 


Pitting Corrosion of Steel Cylinders 


After the test had been in progress 28 days with the cylinders 
of the four assemblies operating at average temperatures of 87, 
115, 141, and 161 F, respectively, one of the 36-mil cylinders on 
the 87-F assembly corroded through terminating the first month 
of the test. The four metal cylinders on both the 87 and the 115- 
F assemblies were then replaced using 50-mil Cor-Ten, as previ- 
ously stated, and the test was run for a second period of 27 days 
without interruption. Inspection of the cylinders indicated that 
they would last the final month without replacement. After 6 
days of the final month, however, one of them on the 115-F as- 
sembly pitted through beside the seam weld. The next day one 
on the 87-F assembly failed. The two assemblies having the 
failed cylinders were removed from test and the other two were 
continued for the remainder of the third period of 27 days. 


Uncoated Specimens 


Table 4 shows the composition of the low-alloy steel specimens 
used on the general-corrosion test as well as of some of the speci- 
mens used on the stress-corrosion test previously described. Fig. 
17 shows the reduction in average thickness of the general-corro- 
sion specimens made from four of those low-alloy steels and three 
stainless steels, as computed from the weight losses. In order to 
simplify the figure, some of the coded points that practically coin- 
cided with others, have been omitted. For example, in the curves 
representing 141-F conditions the points for the three NAX steels 
and the Cor-Ten nearly coincided. Points are shown only for 
the NAX-A and the Cor-Ten; the curve, however, represents 
the NAX-B and NAX-C steels as well. 

Fig. 17 shows that the four low-alloy steels all corroded less 
than the three stainless steels in the range between 115 and 161 F. 
This observation is in agreement with the observations of 
Barkley, Karlsson, Berk, Stark, and Burdick [11] for air-pre- 
heater plates operating in the range from 220 to 260 F mean tem- 
perature, minimum temperature not stated. The order of merit 
of the several steels differs somewhat between the two investiga- 
Barkley, et el., showed NAX steel to be significantly in- 
ferior to Cor-Ten; Fig. 17 shows all three NAX steels to be at 
least the equivalent of Cor-Ten in the range 115 to 161 F. At 87 
F the Cor-Ten showed a somewhat lower corrosion rate than any 
of the NAX steels. Variation from specimen to specimen of the 
same material was greater, however, than the average variation 
between the several low-alloy steels tested at each of the four tem- 


tions. 


peratures selected. 


Table 4 Composition of uncoated samples tested in stress- 
corrosion and general-corrosion tests 


——-Composition, per cent by weight——— 
spectrographic analysis of specimens 
tested 


Cu Ni Cr Zr 
0.05 
0.40 0.76 
0.23 0.29 
0.07 <0.1 
0.29 <0.1 
0.07 <0.1 


Name Si 
Hot-rolled 
Mayari-R 0.38 
‘or 0.61 
0.59 
0.60 
<0.1 


Present 
Present 
Present 
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All the steels appear to have corroded first through pores in 
their smooth-finished surfaces. Thereafter the corrosion spread 
laterally. This phenomenon was most apparent on the 115 F 
specimens inspected after 61 days. Plateaus having nearly their 
original brightness remained on these specimens surrounding 
roughened and depressed areas. The 302 and 316 steels had re- 
mained bright over most of their surfaces but were pitted. Re- 
tention of the bright plateaus was somewhat more evident in the 
Cor-Ten specimens than in the NAX specimens. 

The 87-F test was so severe that the surface finish had disap- 
peared entirely from all the low-alloy specimens by the time of the 
first inspection at 28 days. The 302 and 316 steels maintained 
much of their original surfaces even after 61 days. Their average 
reduction in thickness was much less than for the low-alloy steels 
as Fig. 17 further shows. Both, however, were deeply pitted, some 
of the pits extending halfway through the specimens. 

The most significant point brought out by Fig. 17 is that the 
low-alloy steels corroded 50 to 75 times more rapidly at 87 F than 
at 141 F. The indicated values of 11 to 15 mils for a 60-day period 
of exposure on one side represent, moreover, average reduction 
in thickness rather than reduction relative to useful life. Useful 
life for air-preheater plates would be somewhat shorter than 
could be derived from those values even after allowing for corro- 
sion on both sides of the plates. As previously pointed out, the 
corrosion was much more severe where the condensate flowed 
toward the bottom of the cylinders, five of which corroded 
through at a point in their wall thicknesses, three during the 
general corrosion test, and two during the stress-corrosion test 
previously described, as follows: 

Temp, 
Material 
NAX-A 
Cor-Ten 
Hot-rolled steel 


Aluminum 
Cor-Ten 


: 1.50 
1.25; 
1.00} 
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a REDUCTION IN AVERAGE THICKNESS, MILS 


Fig. 17 Reduction in average thickness of uncoated steel specimens 
subjected at various temperatures, to stack gas 
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Coated Steels 


Figs. 18 and 19 show the same information for the coated speci- 
mens as Fig. 17 showed for the uncoated ones including identifica- 
tion; that is, the weight losses were converted to average reduc- 
tion in thickness, computed as steel. For the coated specimens 
part of the weight loss was coating and part steel. 

Fig. 18 shows the reduction in thickness for metal-coated and 
metal-oxide-coated specimens, all of which had been prepared 
over Cor-Ten steel. All specimens except those sprayed with 
aluminum and aluminum oxide were subjected to the conditions 
previously described for the bare steels. The aluminum and 
aluminum-oxide coated specimens were on test only during the 
latter two periods, 

The aluminum oxide on the specimens tested did not adhere 
well and consequently offered little protection to the steel. On 
all but two specimens, one at 141 and the other at 161 F, rust was 
found, at least on patches. The aluminum oxide was tried be- 
cause it was thought that possibly the better behavior of sprayed 
aluminum over sheet aluminum test 
might have been caused by aluminum oxide over the aluminum. 

The sprayed aluminum prevented rusting on the 161, 141, and 
115-F specimens. At 161 F the weight loss was comparable with 
that of Cor-Ten. At 115 and 141 F the specimens gained weight 
during the first month, as shown, which simply means that some 
corrosion product remained on the rough surfaces. 


on the stress-corrosion 


The specimens coated with the four nickel-phosphorus treat-_ 
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Fig. 18 Reduction in average thickness of metal-coated and metal- 
oxide-coated Cor-Ten specimens subjected at various temperatures 


tostack gas 
Average 


each side, 
mils Code 
8.77? A 
5. 89* B 


Curve 
designation 
a Sprayed aluminum 
b Sprayed aluminum oxide 
c Nickel-phosphorus, coat- 
ing, wet reduction proc- 
ess [12] 
Same as (c) but subse- 
quently heat-treated 4 
hr at 1400 F 
Nickel-phosphorus coat- 
ing, reduced by firing 


Coating 


0.94 


0.94 


1.06 
3.03 
1.47 


f Same as (e) but two coats 
g Crack-free chrome [14] 


® Thickness of coating was to be 10 mils on outside of sample and 4 
mils on inside of sample. yk 
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ments and crack-free chrome were protected completely from 
rusting for the entire 82 days of the tests at 161 and 141 F. The 
average reductions in thickness were approximately one third 
those of the bare Cor-Ten, as shown. At 115 F the specimens 
coated with the nickel-phosphorus, fire-reduced, and the crack- 
free chrome were still free of iron rust at the end of 61 days. Re- 
ductions in thickness were a third to a half those for Cor-Ten. 
The nickel-phosphorus coatings applied by the wet process had 
all corroded through to the steel within the 61 days; the two that 
were examined after 28 days, one heat-treated, the other 
not, were also found to be corroded through. The behavior of 
individual specimens varied markedly. 

All specimens subjected to the 87-F test corroded through to 
the steel within 62 days. As Fig. 18 shows, the resulting total re- 
ductions in thickness were greater than the original thicknesses 
of the respective coatings. The crack-free chrome; the one and 
the two-coat, heat-reduced, nickel-phosphorus; and the not-heat- 
treated, wet-reduced, nickel-phosphorus coatings all furnished 
considerable protection to the steel initially. All but one of the 
specimens examined ufter 28 days had corroded through at least 
a part of the coating, however. The exception was the specimen 
having the single coat of nickel-phosphorus, reduced by firing. - 
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Fig. 19 Reduction in average thickness of vitreous-enameled metal 
specimens subjected at various temperatures to stack gas 


Avg. thickness 
of coating 
per side, 

mils 


Curve 
designation Kind of steel and coating 

Appliance grade of enamel, 
single coat on Armco 
enameling iron 

Same on Cor-Ten 

Reference enamel, one coat 
Pyroenamel on  Cor- 
Ten; reference combina- 
tion used on pilot air pre- 
heater test 

Same except on Armco 
enameling iron 

Borosilicate glass, two coats 
individually fired on 
Armco enameling iron 

Ground coat and borosili- 
cate glass coat, individu- 
ally fired on Armco enam- 
eling iron 

One coat borosilicate glass 
on Armco enameling iron 

One coat borosilicate glass 
on Cor-Ten steel 


? 
— 
| 
7.24 A y i 
6.16 B 5 
y t 
4.30 Cc 
4.31 A 
| A 5.56 
6.27 x 
ree 
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> Fig. 19 identifies the vitreous enamels tested and shows the 
reduction in average thickness for the enameled specimens, some 
having a base of Cor-Ten and others Armco enameling iron. The 
data for the 87-F assembly are plotted on the same scale as was 
used in Figs. 17 and 18; a more expanded scale than that on those 
figures was used for the 161, 141, and 115-F assemblies. 

Outstanding in Fig. 19 is the evidence that at 87 F even vitreous 
enamels were considerably attacked. All three specimens of the 
reference single-coated enamel (“‘C,’’ Fig. 19) on Cor-Ten were 
devoid of enamel on over half the outside surfaces of the speci- 
mens after 62 days. The enamel that remained was deeply 
etched. The same was true of the reference enamel on enamel- 
ing iron. Most of the residual enamel was on the top side of the 
specimens where they had been subjected to a minimum of 
washing action. Practically none of the enamel remained on 
the outside surfaces of either the Cor-Ten or the enameling-iron 
specimens that had been given a single coat of appliance-grade 
enamel. Specimens given two coats over enameling iron showed 
only surface etching where the enamel adhered. These speci- 
mens chipped so badly, however, and corroded particularly at 
the edges, that the data are not included in the figure. 

Two of the four three-membered sets of specimens having the 
borosilicate-glass enamels withstood the severe conditions of the 
87-F test fairly well, namely those identified as e and h in Fig. 19. 
The enamel on the outside surfaces of the specimens was etched 
slightly but the underlying steel was well protected except at the 
edges of the specimens. Even there the corrosion had not spread 
beneath the enamel. One of the three specimens identified as f 
was badly etched and had corroded through to the steel over ap- 
proximately 10 per cent of the outside surface area. The other 
two specimens showed considerably more edge corrosion than did 
the e and h specimens. The three specimens identified as g were 
similar to the most corroded of the f specimens. 

All the vitreous enamels protected the steels well at 115, 141, 
and 161 F, Some of the enamels were lightly etched and a few 
rust spots were noted at the edges of the specimens but all with- 
stood the test for the time intervals shown. 


Carbon and Fiberglas-Polyester 


The carbon and the fiberglas-polyester cylindrical specimens, 
shown before installation in Fig. 16, withstood the tests at 87, 115, 
141, and 161 F so far as visual observation could detect. The 
carbon cylinders had been slipped over a closely fitting steel tube 
to be removable for weighing. The one on the 87-F assembly 
broke as it was being removed after 28 days and therefore was not 
weighed or tested further. The other three samples chipped 
slightly in being handled and hence the weighings are of no 
significance. The fiberglas-polyester samples were cemented over 
steel stubs so that the cooling water was on the inside of the cylin- 
drical specimens. They were not weighed. Inasmuch as the 
thickness of the carbon specimens was 4/;. in. and the polyester 
specimens '/s in., it is probable that their surface temperatures 
were somewhat higher than those of the metal specimens. In ad- 
dition to the two cylindrical fiberglas-polyester specimens, the 
fiberglas-polyester coverings over the thermocouples on each of 
the steel condensers also may be considered to be test specimens. 
The same coverings were used throughout both the stress-corro- 
sion and the general-corrosion tests without apparent deteriora- 
tion. A piece of corrugated fiberglas-polyester awning material 
suspended in the gas stream without cooling darkened and bared 
the first layer of glass fibers, thus showing that the material has a 
temperature limitation for use in stack gas. That limitation, 
somewhere over 160 F, was not determined by these experiments. 


Summary and Interpretation 


The following summary and interpretation of the results of the 
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condenser tests and the two corrosion tests is offered for air pre- 
heaters or other equipment operating in stack gas having the ap- 
proximate composition given in Table 1: 

(a) The deposit on any metal surface that remains above 150 F 
will be sufficiently dry for the surface either to remain clean or be 
cleanable by air blowing. 

(b) Condensate will drip from cooled-metal surfaces in stack 
gases, even “cleaned” gases, only if the metal temperature falls 
below 105 F and remains below that temperature for sufficient 
time for drops to accumulate. Such condensate is extremely 
corrosive. 

(c) The lowest temperature reached by the metal of a re- 
generative air preheater as the metal passes into the stack gas is 
the significant temperature so far as collection of acids is con- 
cerned. Any sulfuric acid that condenses in the cooler part of the 
cycle will not evaporate on the hot part of the cycle below ap- 
proximately 260 F, Fig. 1. Chlorides appear at a much higher 
temperature than could be predicted from any known vapor- 
equilibrium data for hydrochloric acid. Both sulfuric acid and 
hydrochloric acid react with metal, and possibly with fly ash also 
to form salts having lower vapor pressures than the acids. Thus 
once the acid deposits during the cool part of the cycle, the hot 
part cannot be relied upon to drive all of it off. 

(d) Deposits that form between 105 and 125 F are sticky in 
character; the most severe conditions for blockage of air pre- 
heaters will probably be on plates that pass through that tem- 
perature range Such deposits cannot be removed effectively by 
air blowing but are easily removed by water washing when fresh. 
Unless they are completely removed by water washing, however, 
such deposits may be partially hydrolyzed by a little water to a 
point where they bake to an insoluble mass when again heated. 

(e) Sorption of acids on the residual fly ash in the stack gas 
appears to be the principal mechanism by which acids that other- 
wise would deposit on air-preheater plates are cleaned from or 
carried past them. Complete removal of dust ahead of a cold-air 
preheater probably would increase corrosion. 

(f) The amount of sulfuric acid that collects on cooled surfaces 
in stack gas is nearly independent of the temperature of the sur- 
face from 240 F down nearly to the water dew point of the gas. 
The conclusion of Rylands and Jenkinson [3] that the “acid dew 
point”’ has little practical significance is supported. 

(g) Chlorides appear in the condensate at approximately 140 F. 
The amount of chloride increases rapidly as the temperature is 
At the water dew point the chemical equivalents of 
chloride exceeded those of sulfate even though the coal had a 
low chloride content. 

(h) The chloride-to-water ratio was a maximum at approxi- 
mately 113 F, at which temperature the apparent concentrations 
of both hydrochloric and sulfuric acids were between 20 and 30 
per cent, concentrations usually considered to have maximum 


lowered. 


corrosivity. Corrosion, however, was much more severe at the 
water dew point. For the low-alloy steels the relative corrosion 
rates at 161, 141, 115, and 87 F were 1, 1, 3, and 66 respectively 
for 2-month exposures. 
pared with general corrosion. 

(¢) The low-alloy steels have corrosion resistances superior to 
the stainless steels, hot-rolled steel, and aluminum in the range of 
temperatures between 115 and 161 F, in agreement with the 
previous conclusion of Barkley, et al., [11] for higher temperatures. 
At the water dew point, the stainless steels thin more slowly than 
the low-alloy steels but pit much more. Choice of the best of the 
low-alloy steels is not warranted from the limited number of speci- 
Differences in the behavior of in- 


Stress corrosion was negligible as com- 


mens used in the study. 
dividual specimens are so great that many samples of the several 
kinds of low-alloy steels would have to be tested before a reliable 
choice could be made. 
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(j) Certain metallic coatings over low-alloy steels provide 
corrosion resistance up to three times as great as that of the low- 
Arranged in order of apparent merit the 
coatings are: Nickel-phosphorus fired under reducing conditions 
[13], erack-free chrome plate [14], nickel-phosphorus applied by 
a wet-reduction process [12], and sprayed aluminum. 
aluminum oxide, as applied to the specimens tested, was ineffec- 
Sprayed lead corroded through 


alloy steels themselves. 


Sprayed 


tive because of poor adherence. 
quickly. 

(k) Vitreous enamels provide good protection for steels at 
temperatures of 115 F and above. The condensate formed at tem- 
peratures below the water dew point, possibly in combination with 
residual stack dust, attack even these enamels more or less, de- 
The most resistant of 
the vitreous enamels furnished the best protection for steel, at 


pending upon the enamel or its porosity. 


temperatures below the water dew point, of any of the materials 
tested. Others gave protection comparable to the best metal 
coatings tried. 

(1) Carbon has ample corrosion resistance for use in stack gas 
if problems of strength and brittleness can be overcome. 

(m) Fiberglas-polyester appears to have promise as a material 
to be used in stack gas at temperatures up to at least 160 F but 
below 300 F. 

(n) Corrosion in air preheaters could be greatly minimized if: 
1) They are designed and operated in such a way that the tem- 
perature of surfaces while contacting fue gas never drops below 
105 F. 2) Routine removal of the acid-laden dust from surfaces 
is carried out as far as possible by some dry process such as air 
blowing. Water or steam washing should be kept to the minimum 
frequency necessary to keep the plates clean. 3) When washing 
becomes necessary it should be sufficiently complete to remove all 
deposits. 4) Upon being removed from service, units of a “cold” 
air preheater should be washed free of acid and deposits and al- 
lowed to dry. 
are hygroscopic, will pick up moisture and subject underlying 
metals to corrosion during idle periods. 


Otherwise the residual acids and metal salts, which 


(o) There appear to be design opportunities for combined heat 
exchangers and by-product reclaimers to operate in the condensa- 
tion zone, discharging air, heated to approximately 140 F, to 
conventional regenerative air preheaters. 
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Discussion 


G. D. Braddon.* This paper contains much valuable informa- 
tion pertinent to the problems associated with fouling and corro- 
sion of air-heater cold-layer surfaces. It is particularly significant 
when evaluated in conjunction with Wingert and Stanley’s paper, 
“Design of a Large Coal-Fired Steam Generator for 200 F Exit- 
Gas Temperature and Operating Experience With Pilot Plant,” 
Trans. ASME, vol. 78, 1956, pp. 1393-1402. 

Under the authors’ Summary and Interpretation paragraphs 
some significant statements appear: 

Under (a) the statement is made that for fuel and firing condi- 
tions of the test any metal temperature remaining above 150 F will 
not collect an unyielding deposit. In a regenerative air preheater 
this would correspond to a mean cold-end metal temperature of 
about 165 F. Many installations under similar fuel and firing 
conditions collect stubborn deposits when cold-end temperature 
averaged well above 165 F at normal load. But, of course, the 
vicissitude of normal operation would incur cold-end average 
temperatures below this level, so it may well be that the authors’ 
minimum metal temperature of 150 F for avoiding stubborn de- 
posits under test conditions is not in conflict with operating ex- 
perience, taking into account their warning that deposits once 
collected at lower temperatures will not subsequently dry out and 
yield to soot blowing at temperatures likely to prevail at the cold 
end. It should be pointed out, however, that the tests were car- 
ried out in flue gas from which most of the fly ash had been re- 
moved and that to date nearly all regenerative preheaters handle 
flue gas with the full burden of fly ash. The minimum metal tem- 
perature at which unyielding deposits will begin to collect may be 
a function of the dust loading, other factors being the same. 

The authors’ findings that some of the stainless steels offer 
higher resistance to corrosion than low alloy steels in the metal 
temperature range below 115 F constitute very useful new in- 
formation. In this connection the statement under (7) of the Sum- 
mary seems to be contradictory to the findings of the general- 
corrosion test (see Fig. 17). 

The finding that nickel-phosphorous coating gives protection 
comparable with vitreous enamel is also a contribution indicating 
that the economics of its use should be investigated. Meanwhile, 
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it appears that suitable grades of vitreous enamel constitute the 
most effective protection. 

The warning expressed by the authors under (d) cannot be 
overstressed. This discusser emphasizes the importance of 
thoroughly carrying out the washing operation whenever resort 
to washing is necessary in order to avoid the cementing of 
residual deposits impossible to remove by other than mechanical 
means. 

Under (e) the authors expressed the supposition that complete 
removal of dust ahead of the air heater probably would increase 
corrosion. Experiments are now being carried out in actual 
boiler-plant operation aimed at establishing the role of dust in 
either accelerating or inhibiting the corrosion rate of air-heater 
elements. It is hoped these experiments will vield some results 
this year. 

This discusser’s company has recognized the opportunity 
pointed out by the authors under (0). The company has initiated 
investigations into the design of equipment to effect higher heat 
recovery from flue gas than is now practicable and at the same 
time effect the reclamation of constituents from the flue gas 
having a commercial value. 


C. F. Stark. The authors have given an excellent presentation 
of a complex series of experiments. Considerable study is needed 
to fully appreciate its contents. This is particularly true of the 
equilibrium curves in Fig. 1. 

The authors assume that the pitting condition shown in Fig. 11 
is caused by flow of condensate toward the underside of the test 
cylinders. 

Pitting has been noted on cold-end air-preheater plates of 
regenerative heaters operating at much higher temperatures than 
those given in the authors’ paper. The pitted zone was located 
beyond a smooth-surface area, extending some distance in from 
the cold-end edges of the plates. If acid formation is assumed 
to be the cause of pitting at a given temperature, would not this 
smooth area also be affected, since its temperature level is below 
that of the pitted zone? 

It is further reported in the section, Stress-Corrosion Test, that 
useful life of preheater plates would be somewhat shorter than 
the average values given. Plate life would depend more on the 
zone, or depth at which maximum corrosion occurs. In addition, 
the contact protection offered by the test clamps is similar to that 
existing between the contacting planes of adjacent plates in re- 
generative air heaters. Provided the edges of the cold-end plates 
are still intact, they may be reversed for continued useful life. 

Forcomparative purposes, the corrosion rate of a pair of Cor-Ten 
test plates from the Conners Creek Station test heater was meas- 
ured against the corrosion-rate curve shown in Fig. 17. The test 
plates had been in service for 87 days with a cold-end metal 
temperature of approximately 141 F. The authors’ curve for 
Cor-Ten at this temperature indicated a loss of about 0.3 mil for 82 
days’ service with one face exposed. Measurements of the Cor-Ten 
test plates, however, showed a loss of 10 mils or approximately 16 
times greater per side. 


ma 


The authors appreciate the comments by Mr. Braddon and 


Authors’ Closure 
Mr. Stark. Only a few of the comments require further dis- 
cussion. 

In reference to Mr. Braddon’s third paragraph, it is the 
authors’ contention that the important temperature in avoiding 
stubborn deposits is not the mean cold-end metal temperature 
but the minimum metal temperature. In normal air-preheater 
installations employing a single air preheater, operating at a 

* Mechanical Engineer, The Air Preheater Corporation, Wells- 
ville, N. Y. Mem. ASME. 
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mean cold-end metal temperature of 165 F and an inlet air 
temperature of 60 to 80 F, the minimum metal temperature 
will be considerably below 150 F as judged by data obtained 
by R. J. Stanley. The authors agree that even if the minimum 
metal temperature is kept above 150 F during operation, stub- 
born deposits may form if the equipment is shut down without 
being washed because the deposits, being hygroscopic, will 
absorb moisture and partially hydrolyze. When the equipment 
is started up again, these deposits will bake into an insoluble 
mass that will not yield readily to soot blowing or water washing. 

The authors further agree with Mr. Braddon’s inference 
that a similar investigation should be carried out on gas as it 
enters the precipitators. The Company with which the authors 
are associated has no plans for carrying out such an investigation 
in the immediate future. 

Mr. Braddon is right that conclusion (i) was too broad. It 
might better have been stated “ in the range of tempera- 
tures between 115 and 161 F in agreement with For air- 
preheater plates the stainless steels would probably be superior 
to low alloy steels below 115 F. However, for other applications 
of steels in contact with flue gas, where penetration is of major 
importance, the authors believe the stainless steels would offer 
little if any advantage over the low alloy steels. 

Pitting corrosion in a zone some distance in from a relatively 
uncorroded cold-end edge of regenerative air preheaters, such 
as Mr. Stark refers to, has also been observed by our colleague, 
R. J. Stanley. The authors are of the opinion that such pitting 
is caused by acid-laden deposits. Such deposits are usually 
swept clean from the top and bottom edges but are less ef- 
fectively removed from intermediate regions by conventional 
soot-blowing equipment. As Fig. 1 shows, sulfuric acid can 
condense continuously on the entire surface of air-preheater 
plates operating under conventional conditions. For example, 
in a test conducted by Stanley during the summer season with 
the average temperature of the inlet air 113 F and the exit gas 
288 F, the average metal temperatures of the cold-end edges 
were, minimum 174 F, maximum 201 F. Those of the hot-end 
edges were 249 F minimum and 274 F maximum. The cor- 
responding equilibrium concentrations of sulfuric acid for stack 
gas containing 56 mm water are: Cold-end edge, 63.5 to 69.5 
per cent; hot-end edge, 77.5 to 81 per cent, all values falling at 
vapor pressures of sulfuric acid less than that of stack gas such 
as is described in Table 1. Thus condensation can take place 
continuously, even neglecting the effects of stack dirt. Most 
of the acid is probably absorbed in the stack dirt. What little 
actually condenses on the metal surfaces is of such high con- 
centration as to be only mildly corrosive. Corrosion will, 
therefore, be mild on any metal surface that is kept dry and free 
from deposits such as the edges. At any locations where de- 
posits accumulate, however, much acid is present, ready to 
cause corrosion whenever the hygroscopic sulfuric acid is allowed 
to pick up moisture, either from the air during shutdown, from 
wash water left from incomplete washings, or from steam from 
soot blowers. Thus the presence of severe corrosion at some 
intermediate zone between the hot and the cold edge of a re- 
generative air preheater does not necessarily indicate preferential 
deposition of sulfuric acid in that zone. 

The comment that “useful life of air-preheater plates would 
be somewhat shorter than could be derived from”’ the values cited 
was intended to warn the reader not to try to make an estimate 
of plate life from those values. As stated in connection with 
the tests, the corrosion tests had two functions: 

(1) To compare the relative rates of 
materials subjected to the same conditions. 

(2) To determine the effect of specimen temperature on 
corrosion rate. 


corrosion different 
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The corrosion specimens were 325-degree ares, open at the 
bottom. Corrosion on those specimens was mildest at the tops 
and increased in severity toward the bottoms. The same was 
true for the cylinders on which the specimens hung. The 
paper shows, for example, that at 87 F the average corrosion rate 
for the Cor-Ten specimens was 0.25 mil per day. The bottom 
of a Cor-Ten cylinder actually corroded through in a spot in 
34 days, a rate of nearly 1.5 mil per day at that particular spot, 
but probably less than 1 mil per day over the entire bottom 
consisting of the 35 degrees of arc not covered by the open-bot- 
tomed specimens. The actual corrosion rate at any spot was 
a function of the extent to which the spot was swept by the 
condensate. 

The sixteen to one ratio between the corrosion rates of the 
Cor-Ten test plates cited in Mr. Stark’s last paragraph and 
the Cor-Ten test specimens reported upon in the paper is less 
surprising when the conditions are examined. In addition to the 
factor discussed in the preceding paragraph, two other known 
factors entered: 

(1) The test plates referred to were in the pilot-air preheater 
during a period when wet steam was being used as the cleaning 
medium. After air blowing was substituted as the primary 
cleaning medium the corrosion rate of Cor-Ten test plates was 
40 per cent of what it had been with wet steam washing. During 
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the period when air was being used, occasional water washing 
was necessary, with consequent corrosion not chargeable to 
stack gas corrosion. 

(2) Although the average of the air-in, gas-out temperatures 
in the pilot heater was the same as the average metal temperature 
of our 141-F specimens, the cold-end edges of the test plates 
were subjected to much more severe corrosion conditions than 
our samples because they dipped to low temperatures each cycle. 
A thermocouple 1 inch from the cold-end edge showed tempera- 
ture variations from 89 to 156 F.7. Graphical solution, based 
upon (a) the proportion of time a spot in that region was at given 
temperature ranges, and (b) the changes in relative corrosion 
rates caused by temperature change, established in the authors’ 
paper, shows that the corrosion rate for the zone involved should 
be approximately 8'/. times the rate at 141 F. This zone 
covered approximately 2 inches of the 12-in. test plates, as judged 
from the corrosion pattern. 

Many test data were obtained on the pilot air preheater other 
than the preliminary data reported by Wingert and Stanley. 
When and if the additional data are published further comparison 
between the data from the pilot air preheater and those from 
the companion studies given in this paper may be advantageous 


7 Data obtained by R. J. Stanley. 
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Number Effects 


Engines Operating at High Altitudes 


At present, the altitude performance of an aircraft gas-turbine 
engine is usually estimated by generalizing sea level data. 
Sufficient altitude test data have now been obtained to demon- 
strate that this method is not entirely valid. One of the primary 
reasons for the deviations from the generalized data is the 
Reynolds-number effect. 

In this paper, an attempt is made to establish a simple method 
for estimating correction factors for these Reynolds-number 
effects, for both turbojet and turboprop engines. These correc- 
tion factors are based on an empirical correlation of some availa- 
ble test data by means of an ‘“‘effective Reynolds-number 
diameter’’ parameter. 

The paper (a) discusses the general problem, (b) reviews the 
available test data, and (c) recommends correction factors for 
each of the cases considered. In the last analysis, an altitude 
calibration of each specific engine is still required to establish 
accurate altitude data. However, in the absence of any better 
information, the curves established herein may be used to pro- 
vide some preliminary estimates. 


Nomenclature 
Tue following nomenclature is used in this paper: 


= exhaust nozzle area 
= diameter 
compressor-inlet-tip diameter 
effective Reynolds-number diameter 
actual net thrust 
net thrust based on generalized data 
= Reynolds-number correction factor (ap- 
plied to subscript indicated ) 
engine rotor speed 
reference rotor speed for military rating 
ratio: [V/+/(8)] /Nmit 
pressure 
Reynolds number 
Reynolds-number index (= 6/¢+/@) 
actual specific fuel consumption 
= specific fuel consumption based on gen- 
eralized data 
actual shaft horsepower 
shaft horsepower based on generalized 
data 


ESHP, (ESHP): | _ equivalent values 

ESFC, (ESFC), § 
temperature 

1 Research Division, Bureau of Aeronautics, Department of the 

Navy. 

Contributed by the Gas Turbine Power Division and pre- 
sented at ajoint session with the Aviation and Hydraulic Divisions at 
the Annual Meeting, New York, N. Y., December 1-6, 1957, of 
Tre AMERICAN Society OF MECHANICAL ENGINEERS. 

Norte: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, August 
15, 1957. Paper No. 57—A-157. 


By ROBERT W. PINNES,! WASHINGTON, D. C. : 


A Simple Method of Estimating the Reynolds 


on Aircraft Gas-Turbine | 


& 
turbine-inlet total temperature 
turbine-outlet total temperature 
flow velocity =a 
engine air flow rate er 
engine fuel flowrate 
ram pressure ratio 
density 
absolute viscosity 
= ratio of engine-inlet total pressure to 
NACA standard sea-level pressure 
ratio of engine-inlet total temperature to 
NACA standard sea-level temperature 
ratio of coefficient of viscosity correspond- 
ing to engine-inlet total temperature to 
coefficient of viscosity corresponding to 
NACA standard sea-level temperature 
values based on generalized data 


Introduction 


One of the continuing difficulties in the engine development 
business is that, because of the shortage of suitable test facilities, 
the altitude calibration of an engine is usually obtained relatively 
late in the program. Consequently, early estimates of altitude 
characteristics are usually based on a generalization of sea-level 
data. For a turbojet engine, for example, this assumes that if re- 
ferred rotor speed (N/+/@), referred turbine inlet temperature 
(Tr:/@), and ram pressure ratio (2p), are the same, then re- 
ferred net thrust (Fy/6), referred fuel flow rate (W,/6 +/@), and 
referred specific fuel consumption (SFC/+/@) will be the same. 

Sufficient altitude test data have now been obtained to demon- 
strate that these generalizations are not entirely valid. Devia- 
tions from the generalized data are currently attributed primarily 
to two causes: (a) Reynolds-number effects and (b) combustion 
efficiency effects. It should be noted that these effects are quite 
independent of*any altitude difficulties which may be encountered 
because of poor matching of components at high referred speeds. 

In this paper, primary consideration is given to the Reynolds- 
number effects. The concept of an ‘effective Reynolds-number 
diameter’’ is introduced and an attempt is made to correlate 
some available test data through this parameter. Only engines 
with axial-flow compressor units are considered herein. The 
primary objective of the paper is to establish some approximate 
correction factors for these Reynolds-number effects, which may 
be applied to any size engine for any operating condition. 


Discussion of Altitude Effects 


As indicated previously, deviations from the generalized data 
at altitude are currently attributed to two primary causes: (a) 
Reynolds-number effects and (b) combustion efficiency effects. 
These effects are essentially independent of each other and are 
discussed separately in the following sections. 

Reynolds-Number Effects. As the Reynolds-number level 
through a gas turbine is lowered, the primary effect is some com- 
bination of decreased compressor efficiency, decreased turbine 
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efficiency, and/or decreased air flow rate. In addition, the com- 
pressor surge characteristics can be affected, thus possibly causing 
difficulties on this score. The essentially fixed mechanical losses 
(bearing losses, gear losses, and so forth) tend to become a greater 
proportion of the engine output, as Reynolds number decreases, 
but this effect, especially for turbojet engines, is generally rela- 
tively small. 

These Reynolds-number effects are not completely understood. 
There are some data, for example, which indicate that these 
losses are not strictly a function of Reynolds number, but of ad- 
ditional parameters as well. The actual effect is rather compli- 
cated, and a detailed investigation of the many different flow 
passages through an engine would have to be made to attempt to 
get a specific correlation. 

However, sufficient test data have been obtained—primarily by 
the National Advisory Committee for Aeronautics—to demon- 
strate that the “Reynolds-number index”’ (6/¢ +/@) isa relatively 
good basis for correlating the altitude performance of a given 
engine. This is the method which is primarily in use at this time. 
However, it is limited only to the engine for which the data are 
available. As far as is known, no attempt has been made to ob- 
tain a set of generalized corrections which could be applied to any 
engine, at any operating condition. 

Combustion Efficiency Effects. A decrease in combustion ef- 
ficiency would void the generalized data by increasing the fuel 
flow rate, and consequently, the specific fuel consumption. How- 
ever, if the same final combustion chamber temperature is ob- 
tained and the additional! mass of the fuel is neglected, the thrust 
or horsepower output would remain the same. 

It has been demonstrated that combustion efficiency for con- 
ventional fuels may be expressed as a function of a combustion 
parameter (P7'/V). For the purposes of this investigation, it 
may be considered that the pressure term is the significant 
variable. Further, as a general guide, it may be assumed that 
the combustion efficiency will not decrease significantly as long as 
the total pressure in the combustor is above approximately one 
standard atmosphere (14.7 psia). Obviously, this is a rather 
rough approach to the combustion efficiency problem, but it is 
considered reasonably adequate for the purposes of this investiga- 
tion. 

Primary Combustion Chamber. Fig. 1 shows the pressure level 
existing in the primary combustion chamber of a turbojet engine 
as a function of altitude and compressor pressure ratio. The 
basic pressure scale shown is for a Mach number of zero and a 
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Fig. 1 Factors relating to combustion chamber pressure 
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ram recovery ratio of 1.0. In addition, lines are shown, for 
reasonable combinations of Mach number and ram recovery 
ratio, which will give one standard atmosphere in the combustion 
chamber for the altitude and the compressor pressure ratio indi- 
cated. It should be noted that the “compressor pressure ratio’’ 
is at the actual operating point under consideration, not the static 
sea-level value. It may be seen from Fig. 1 that the range of in- 
terest of the subject investigation is essentially within the region 
where the total pressure in the combustion chamber will remain 
above one standard atmosphere. On this basis, it was assumed 
that the combustion efficiency effects in the primary burner 
could be neglected for the purposes of this investigation. For 
those regions where combustion efficiency effects may be im- 
portant, these effects will have to be evaluated separately. 
Afterburner. The operation of an afterburning turbojet engine 
is, of course, of interest. For the range of operation being con- 
sidered herein, combustion efficiency effects in the afterburner 
could be very significant. However, to date, relatively few 
actual test data on afterburning engines at altitude are available. 
Consequently, only the nonafterburning case is considered herein. 
Consideration of the afterburning case will have to await the 
availability of more actual test data. -4 
Effective Reynolds-Number Diameter 
For the purposes of this investigation, it is assumed that the 
altitude losses are some function of Reynolds number. The basic 
Reynolds number equation is 
numbe 


DVp 

For simple cylindrical pipe flow, D is the pipe diameter, V is the 
average velocity over the entire cross section, p is the density of 
the fluid, and yu is the absolute viscosity. 

Obviously, in considering a gas turbine engine, the Reynolds- 
number concept is considerably more complicated. All the fac- 
tors affecting Reynolds number are varying continuously through- 
out the engine, so that, consequently, any single number is, at 
best, only a rough approximation. However, for the purposes of 
this investigation, it is desired to establish some Reynolds-number 
function which would be applicable to any size engine, at any 
operating condition. In an attempt to accomplish this, the 
following approach was taken for each of the variables affecting 
Reynolds number: 


RN = 


(a) Characteristic Dimension. For the characteristic dimension 
D, the compressor-inlet tip diameter Dg will be used. This has 
the shortcoming of not necessarily being a representative dimen- 
sion. For example, two units with the same compressor tip 
diameter can still have different chord-length blades, different 
flow passage proportions, and so forth. However, as a rough in- 
dication of engine size, the compressor-inlet tip diameter appears 
to be a reasonable choice. 

(b) Characteristic Velocity. It is assumed that the characteristic 
velocity V is proportional to the ratio N/Nmi, where N is the 
actual rotor rpm at the operating condition under consideration 
and Np is the rotor rpm for military rating at standard sea- 
level static conditions. This assumes, in effect, first, that all en- 
gines at military rating have approximately the same velocity 
levels (tip speeds, relative gas velocities, and the like); and 
second, the velocity triangles for all operating points of the engine 
are similar, and consequently, all velocities are proportional to the 
rotor rpm. This assumption is not valid; first, because different 
engines at military rating will have somewhat different velocity 
levels; and second, different parts of the engine (for example, 
compressor-inlet stage, middle stage, and outlet stage) will react 

However, here again, it appears that a 
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representative velocity, for the purposes of this investigation, 
may be expressed as a percentage of the rotor speed at military 
rating. 

(c) Density and Viscosity. Density and viscosity are varying 
throughout the engine. For the purposes of this investigation, 
density and viscosity will be based on total conditions at the com- 
pressor inlet. Engines with different compressor pressure ratios 
and different turbine-inlet temperatures will consequently have 
different density and viscosity levels throughout the engine. 
However, here again, compressor-inlet conditions appear to be a 
reasonable choice. 

In an attempt to establish a generalized Reynolds-number 
function, applicable to any size engine at any operating condition, 
the concept of an effective Reynolds-number diameter (ERND) 
is introduced. On the basis of this discussion, the ERND is 
established as follows: 

The basic Reynolds number is 


For D, the compressor-inlet diameter Dg, in inches, is used. 

For V, the dimensionless ratio N/Nmii is used. 

For p/u, the dimensionless ratios of these values at the operat- 
ing condition under consideration, to the standard reference 
values at static sea-level conditions, are used; that is, 6/¢0. 


ERND = D ( v) ( : ) i 


Introducing the Reynolds-number index (Rel) currently in use 


This gives 


Rel = 


N 
and defining N* = 
4V mil 


ERND = D,(N*)(Rel), in. 


gives 


For convenience, curves of (Rel), as a function of altitude and 
forward speed, are reproduced herein, from NACA data, in Fig. 2. 

The physical significance of the ERND is that it represents the 
size of an engine operating at standard static sea-level conditions 
which will have the same Reynolds-number effects as a larger 
engine operating at altitude. Specifically, the Reynolds number 
of an engine can be decreased by (a) operating the engine at alti- 
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Fig. 2 Reynolds-number index as a function of Mach number and 
altitude; 100-per-cent ram-pressure recovery, NACA standard day 
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tude, or (b) physically scaling the engine down at sea level. For 
example, if an engine with a compressor tip diameter of 30 in. is 
operated at altitude and flight speed, so as to give an ERND of 4 
in., the losses will be the same as if the engine had been scaled 
down to 4 in. at sea level. 


Effects of Various Losses 


In considering the effects of the various loss possibilities being 
considered herein on over-all performance, it is very important to 
consider exactly how the engine’s control system reacts to these 
losses. Merely for illustration, a control system which schedules 
fuel flow as a function of engine inlet conditions and throttle 
setting might be considered. If such an engine suffered an air 
flow loss due to altitude effects, the turbine-inlet temperature 
would tend to increase. For a combustion efficiency loss, the 
turbine-inlet temperature would tend to decrease. 

In order to isolate the Reynolds-number effects, it is assumed 
that, for any desired engine rating, the engine control system will 
give the same rotor speed and turbine-inlet temperature, regard- 
less of what losses are encountered. 
complished in a turbojet engine with a variable area exhaust 
nozzle, and in a turboprop engine. However, it is not possible in a 
fixed geometry turbojet engine. Consequently, for the latter 
case, it is very important to distinguish between the losses which 
may be attributed to Reynolds-number effects (with the engine 
staying at the same N/+/06, 7/6, and (Zp)z, as altitude is in- 
creased) and any additional altitude effects which may be caused 
by the engine moving to a different operating point. 

In Fig. 3(a), the various loss possibilities discussed herein [as- 
suming that the engine stays at the same V/+/6, 7/6, and (Zp) 
are considered separately, and the effects of each on over-all per- 
formance are indicated. The data shown in Fig. 3(a) are in- 
tended to be general in nature and do not apply to any specific 
engine. The effects of the losses are shown as Fy/(Fy)o and 
(SFC )o/SFC, where Fy and SFC indicate actual altitude values, 
and the subscript ‘‘0”’ indicates the altitude values obtained from 
a generalization of sea-level data. The dataare equally applicable 
to a turboprop engine by substituting SHP for Fy in the following 
discussion 


This can be readily ac- 


(a) Air Flow Loss. A reduction in air flow rate will reduce 
Fy. However, if there are no reductions in the compressor, tur- 
bine, or combustion efficiencies, the fuel flow rate will be corre- 
spondingly reduced, and there will be no change in SFC. 

(b) Compressor and/or Turbine Efficiency Loss. Reductions in 
compressor and/or turbine efficiency will decrease Fy and increase 
SFC. If there are no air flow or combustion efficiency losses, 
the ratios Fx /(Fy)o and (SFC))/SFC will tend to be equal. 
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Fig. 3(@) Effects of various losses on turbojet engine performance 
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(c) Combustion Efficiency Loss. A reduction in combustion ef- 
ficiency will increase SFC. However, if there are no reductions 
in air flow, or compressor and turbine efficiency, there will be no 
change in Fy. 

(d) Combined Losses. In an actual engine, the over-all loss will 
tend to be some complicated combination of the above. How- 
ever, consideration of the relative positions of the Fy/(Fy)>) and 
(SFC),/SFC curves will tend to give some indication of which 
loss is predominant. It should be noted that if the Fy/(Fy)o 
and (SFC))/SFC curves coincide, it may be due to either com- 
pressor and/or turbine efficiency loss alone [as in (b)]; or a com- 
bination of air flow loss and combustion efficiency loss [as in (a) 
and (c)]. 


Method of Analysis 


Before getting into a detailed analysis of available data, it is 
important to establish clearly the approach to the problem. As 
discussed previously, one of the most important points is to con- 
sider exactly how the engine’s control system reacts to Reynolds- 
number effects, and to distinguish between the losses which 
may be attributed to Reynolds-number effects, and any additional 
effects caused by the engine moving to a different operating point. 

For the turbojet phases of this investigation, the following 
three cases were considered. 


(a) Case 1, Variable Area Exhaust Nozzle. For this case, it was 
assumed that the engine control system will give the same rotor 
speed and turbine-out temperature, regardless of what losses are 
encountered. It is further assumed that turbine-inlet tempera- 
ture will remain essentially constant with constant turbine-out 
temperature, for the same rotor speed. The available data were 
investigated for conditions of constant N/+/@, and (Zp)p, 
and far conditions of constant N, 7, and (Zp)z. The general 
relationship between the generalized data and the actual test 
data are shown in Fig. 3(b). The Reynolds-number correction 
factor, Krn, is defined as Fy /(Fy)o or (SFC)o/SFC. 

(b) Case II, Fized Area Exhaust Nozzle, Constant Rotor Speed 
Control. For this case, it was assumed that the engine control 
system will maintain constant rotor speed. This means that the 
engine will tend to over-temperature as losses are encountered. 

(c) Case IIT, Fized Area Exhaust Nozzle, Maximum Temperature 
Override. This is the same as Case II, except that the engine is 
prevented from going over rated temperature for the desired en- 
gine setting. This may be done by pilot or automatic control. 
This means that the engine rotor speed will have to be reduced as 
losses are encountered, to stay within permissible temperature 
limits. 


Fig. 3(6) Relationship between generalized data and actual test 
data; Case I, variable area exhaust nozzle, constant rotor speed 
control, constant temperature control 
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Fig. 4 Modes of engine operation for Cases I, II, and III 


In Fig. 4, the three modes of turbojet engine operation discussed 
are illustrated graphically on an exhaust gas temperature versus 
engine speed plot. 

For the turboprop engine, it is assumed that the same rotor 
speed and turbine-inlet temperature are maintained. This can 
be readily accomplished by means of suitable propeller control. 
Consequently, the turboprop case is essentially similar to the Case 
I turbojet 


Turbojet Engine (Case I)—({Variable Area Exhaust Nozzle) 


Thrust and Specific Fuel Consumption Correction Curves. 
In this section, data are considered for engines with variable area 
exhaust nozzles. In addition, some fixed area engines, where 
data are available for a range of exhaust nozzle sizes, have also 
been included. 

The data are presented in the form established herein; that is, 
Krw versus ERND; in Figs. 5(a and b). It may be seen that a 
reasonably good correlation is obtained among the data available. 

In general, the Fy/(Fy)o and the (SFC))/SFC curves tend to 
cover about the same range. Since the detailed engine data show 
that combustion efficiency losses and air flow losses tend to be 
relatively small over the range being considered, it would appear 
that the losses are due primarily to compressor and/or turbine 
efficiency losses. 

On the basis of these data, a single correction curve was 
established. This final curve is shown in Fig. 6. Most of the data 
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Fig. 5(a) Test results of altitude effect on net thrust as a function of 
effective Reynolds-number diameter, ERND; Case I, variable area 
exhaust nozzle, constant temperature plus rotor speed control 
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Fig. 5(6) Test results of altitude effect on specific fuel consumption 
as a function of effective Reynolds-number diameter, ERND; Case I, 
variable-area exhaust nozzle, constant temperature plus rotor speed 
control 
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Fig. 6 Estimated effect of altitude on net thrust and specific fuel 
consumption as a function of effective Reynolds-number diameter, 
ERND; Case I, variable area exhaust nozzle, constant rotor speed 
control, constant temperature control 
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Fig. 7 Altitude effect on exhaust nozzle area as a function of effec- 
tive Reynolds-number diameter, ERND; Case I, variable area ex- 
haust nozzle, constant rotor speed control, constant temperature 
control 
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Fig. 8 Comparison of altitude effects on the performance of turbo- 
prop engines and turbojet engines equipped with variable area ex- 
haust nozzle 


considered herein are within about 3 per cent of the final curve 
established. 

Exhaust Nozzle Area Correction Curve. As compressor and/or 
turbine efficiency losses are encountered, the engine exhaust 
nozzle area must be increased in order to maintain rotor speed 
and turbine-out temperature. An attempt was made to obtain 
a correlation of the ratio Ay/(Ay)o (where Ay is the actual area 
and (Ay) is the generalized, or constant, area) as a function of 
the ERND. These data are shown in Fig. 7, and include both 
two-stage and three-stage turbine engines. The two-stage tur- 
bine data correlate fairly well, but the three-stage turbine shows 
higher values. This is reasonable, since the larger the number of 
turbine stages, the larger the increase in the exhaust-nozzle area 
would have to be to obtain the same effect. Consequently, in 
Fig. 7, exhaust nozzle area correction curves are shown sepa- 
rately for two-stage turbines and three-stage turbines. The two 
stage turbine curve is within about 3 per cent of all the data con- 
sidered herein. The three-stage turbine curve is based on a single 
engine, and consequently, requires further verification. 


Turbojet Engine (Case IIl)—(Fixed Area Exhaust Nozzle, Con- 
stant Rotor Speed Control) 


Thrust and Specific Fuel Consumption Correction Curves. In 
this section, data are considered for engines with fixed area ex- 
haust nozzles. In addition, data for the variable area exhaust 
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nozzle engines, considered under Case I, are presented herein as 
fixed nozzle engines. Data for these engines are presented for 
the exhaust nozzle area which, in general, tends to give the best 
specific fuel consumption characteristics over the whole operating 
range. 

It should be noted that Case II introduces an additional compli- 
cation as compared with Case I. In Case I, the exhaust nozzle 
area was increased as component-efficiency losses were en- 
countered in order to keep the compressor and turbine at es- 
sentially the same “matching point’’; that is, same N and 7. 
However, for Case II as component efficiency losses are en- 
countered, the fixed exhaust nozzle area forces the engine to 
operate at higher turbine-inlet temperatures in order to maintain 
rotor speed. This means, in effect, that the engine has moved to 
a different operating point. Consequently, the data for Case II 
are actually the result of a combination of two effects: (a) The 
Reynolds-number effects, similar to those for Case I, and (6) the 
effects caused by changing the engine matching point. Changing 
the engine matching point introduces the specific characteristics 
of each engine and, therefore, could be expected to introduce ad- 
ditional scatter in the data. 

The available data are presented in the form established herein 
in Figs. 9 and 10. 

It will be noted that the thrust corrections are greater than 1.0; 
that is, the actual thrust values are higher than the generalized 
values would indicate, as ERND is decreased. This means that 
the effect of increasing turbine-inlet temperature is greater than 
the effect of decreasing Reynolds number, and a greater thrust 
actually results. It should be noted that there is a significant 
scatter among the data. For some cases, the thrust is essentially 
constant as ERND is decreased; and for certain exhaust nozzle 
areas (significantly different from the optimum values) a decreas- 
ing thrust was noted, although these data have not been shown in 
Fig. 9. However, in general, an increasing thrust correction is 
reasonably typical for the rated value of exhaust nozzle area. 

The specific fuel consumption corrections are shown in Fig. 10. 
The correlation is somewhat better for the specific fuel consump- 
tion data than for the thrust data. 

On the basis of these data, recommended correction curves 
were established for thrust and specific fuel consumption. These 
final curves are shown in Fig. 11. Most of the data considered 
herein are within about 5 per cent of the final curve established 
for specific fuel consumption; within about 8 per cent for thrust. 
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Fig. 9 Test results of altitude effect on net thrust as a function of 
effective Reynolds-number diameter, ERND; Case II, fixed area 
exhaust nozzle, constant rotor speed control 
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Fig. 10 Test results of altitude effect on specific fuel consumption as 
a function of effective Reynolds-number diameter, ERND; Case II, 
fixed area exhaust nozzle, constant rotor speed control 
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Fig. 11 Estimated altitude effect on net thrust and specific fuel 
consumption as a function of effective Reynolds-number diameter, 


ERND; Case II, fixed area exhaust nozzle, constant rotor speed con- 
trol 


Turbine-Out Temperature Correction Curve. As discussed pre- 
viously, for Case II the engine tends to over-temperature as losses 
due to Reynolds-number effects are encountered. In general, this 
makes this method of operation impractical. 

To indicate the magnitude of this effect, T7./(T7y2)o versus 
ERND data are shown in Fig. 12. On the basis of these data, the 
recommended curve shown in Fig. 12 was established. Most of 
the data considered herein are within about 6 per cent of the final 
curve established. 

Air Flow Rate Correction Curve. As discussed previously, the 
losses in air flow rate tend to be relatively small over the range 
being considered herein. To demonstrate this, W,/(W,)) versus 
ERND data are shown in Fig. 12. 

For Case IT, the fact that turbine-inlet temperature is increasing 
as ERND is decreased, tends to introduce an additional effect on 
air flow rate. However, since the compressor characteristics are 
very steep in the regions being considered, the temperature effect 
is considered relatively unimportant. 

It will be noted that the corrections in air flow rate are rela- 
tively small over the entire range being considered. The recom- 
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Fig. 12 Altitude effect on turbine-outlet temperature as a function 
of effective Reynolds-number diameter, ERND; Case II, fixed area 
exhaust nozzle, constant rotor speed control 
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Fig. 13 Altitude effect on engine air-flow rate as a function of effec- 
tive Reynolds-number diameter, ERND; Case II, fixed area exhaust 
nozzle, constant rotor speed control 
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mended curve shown in Fig. 13, shows a maximum correction of 
only about 2 per cent, and is within about 2 per cent of most of 
the data considered herein. 


As compressor state-of-the-art improves, the losses in air flow — 


rate may become more important. Specifically, as relative Mach 
numbers increase, the increasing boundary layer thicknesses with 
decreasing ERND, may introduce greater reductions in air flow 
rate. 


Turbojet Engine (Case III) 
mum Temperature Over-Ride ) 


Thrust and Specific Fuel Consumption Correction Curves. As 
discussed previously, Case II is an impractical way, in most cases, 
of controlling an engine. Consequently, for an engine with a 
fixed exhaust nozzle area, the rotor speed must be reduced, as 
losses are encountered, to stay within permissible turbine-inlet 
temperature limits. 

In this section, the same engines as for Case II are considered 
on the basis of reducing rotor speed to stay within temperature 
limits. This introduces the same additional complication dis- 
cussed under Case II; that is, the effects of the engine moving to 
a different operating point are superimposed on the effects of 
Reynolds number. However, since a turbojet engine is probably 
more sensitive to rotor speed than to any other single parameter, 
and since different engines will react differently to the same 
change in rotor speed, it is reasonable to anticipate that Case III 
will provide a poorer correlation than Case II. The available 
data are presented in the form established herein in Figs. 14 and 15. 

As anticipated, there is considerable scatter among the thrust 
correction data. The correlation is significantly better for the 
specific fuel consumption data than for the thrust data. 

On the basis of these data, recommended correction curves 
were established for thrust and specific fuel consumption. These 
final curves are shown in Fig. 16. Most of the data considered 
herein are within about 5 per cent of the final curve estab- 
lished for specific fuel consumption, and within about 14 per 
cent for thrust. 

Rotor Speed Correction Curve. To demonstrate the magnitude 
of the reductions in rotor speed required to stay within tem- 
perature limits, V/(N)> versus ERND data are shown in Fig. 17. 
On the basis of these data, the recommended curve shown in Fig. 
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Fig. 14 Test results of altitude effect on net thrust as a function of 
effective Reynolds-number diameter, ERND; Case III, fixed area 
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Fig. 15 Test results of altitude effect on specific fuel consumption _— 


Ill, fixed area exhaust nozzle, constant temperature control 


as a function of effective Reynolds-number diameter, ERND; Case =i 
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Fig. 16 Estimated effect of altitude on net thrust and specific fuel 
consumption as a function of effective Reynolds-number diameter, 
ERND; Case III, fixed area exhaust nozzle, constant temperature 
control 
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Fig. 17 Altitude effect on rotor speed as a function of effective 
Reynolds-number diameter, ERND; Case III, fixed area exhaust 
nozzle, constant temperature control 


17 was established. Most of the data considered herein are 
within about * per cent of the final curve established. 


Comparison of Data for Cases I, II, and III 


In the previous sections, correction data have been established 
independently for each turbojet case considered. In this section, 
it is desired to compare these various sets of data. 

The correction curves established for Cases I, II, and I1I—for 
both thrust and specific fuel consumption—are shown in Figs. 18 
and 19. 

The relationship among the thrust data is quite logical. The 
Case I curve represents the actual Reynolds-number effect for 
all three cases. The increase in thrust from Case I to Case IT is 
caused by the increase in turbine-inlet temperature. The de- 
crease in thrust from Case II to Case III is caused by the de- 
crease in rotor speed. 

The correction curves for specific fuel consumption fall very 
close to each other for all three cases. Within the accuracy of the 
data, the three curves are essentially equal. This would indicate 
that the primary reason for the increase in specific fuel consump- 
tion is the Reynolds-number effect, rather than the effect of 
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Fig. 18 Estimated altitude effects on net thrust; 
Cases I, II, and Ill 
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Fig. 19 Estimated altitude effects on specific fuel consumption; 
comparison of Cases I, II, and III 
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changing the engine matching point. This means that the 
various operating points shown in Fig. 4(6), for Cases I, I], and 
IIT, are in a relatively flat portion of the specific fuel consumption 
islands. Since most of the data considered herein are in the region 
of about normal to military rating, this is quite reasonable. 

The relative accuracy of the data established for the three 
cases is summarized below. The per cents indicated represent 
the maximum deviations at the minimum values of ERND con- 
sidered; that is, about 4 in. For larger values of ERND, the 
accuracy would be better. 

Specific 

fuel consumption 

3 per cent d 

5 per cent 

5 per cent 


Thrust 
.... 3 per cent 
... 8 per cent 
...14 per cent 


Case I 
Case IT 
Case III 


This tabulation would indicate that specific fuel consumption 
data are fairly good for all three cases. However, the thrust data 
become significantly less reliable as the additional complications 
of Cases IT and III are introduced. 

It should be noted that approximately twice as many engines 
have been considered for Cases II and III, as compared with Case 
I. Consequently, it is possible that the apparent better accuracy 
of Case I might merely be the result of fewer data. 


Turboprop Engine 


There are still relatively few actual altitude test data available 
on turboprop engines. Consequently, any attempt to generalize 
the Reynolds-number effects must be considered as preliminary. 

The available data are presented in the form established herein 
in Fig. 20. It may be seen that a reasonably good correlation of 
the available data is obtained. 

An attempt was made to distinguish the effects of the various 
losses, as discussed in Fig. 3(a). The data available show that 
the effects of air flow loss and combustion efficiency loss are es- 
sentially negligible over the operating range being considered 
herein. This is similar to the turbojet data discussed previously. 
Here again, this means that the altitude losses are primarily due 
to component efficiency losses, and consequently, the SHP/ 
(SHP), and the (SFC))/SFC curves should tend to coincide. 
Considering the general accuracy of the data shown in Fig. 20, 
this is generally true. 

On the basis of all the foregoing, a-single correction curve was 
established. This final curve is shown in Fig. 21. Over most 
of the operating range, all the data considered herein are within 
about 3 per cent of the final curve established. 

Since the difference between SHP and ESHP, for any given 
engine, tends to be relatively small, the correction factors shown 
in Fig. 21 may be applied to either SHP and SFC, or ESHP and 
ESFC, whichever is more convenient. It is believed that this is 
within the accuracy of the correction data. ) 
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Fig. 20 Test results of altitude effects on horsepower and specific 
fuel consumption as a function of effective Reynolds-number diame- 
ter, ERND 
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Hig. 21 Estimated effect of altitude on horsepower and specific fuel 


consumption as a function of effective Reynolds-number diameter 


‘Comparison of Turbojet and Turboprop Data 


As discussed previously, the case of the turbojet engine with 
variable area exhaust nozzle (Case I) is generally similar to the 
case of the turboprop engine. Consequently, it is of interest to 
compare the correction curves established independently for each 
of the two cases. 

This comparison was made roughly as follows: For the turbo- 
prop case, the shaft horsepower is proportional to the net en- 
- thalpy (AH) available to the output turbine. For the turbojet 
case, the gross thrust is proportional to the exhaust jet velocity, 
which is proportional to (AH)’/*. If it is assumed that the 
- exhaust jet velocity is large compared to the forward speed of the 


to (AH). Consequently, in Fig. 8, the relationship between 
(Kew), and (Krw)zp'/* is shown. 

It will be noted that the turboprop corrections are more severe. 
Although there may be some question about the quantitative 
values shown, the general relationship between the turboprop and 
turbojet appears to be valid. Specifically, the turboprop would 
appear to be the more severe case for two reasons: (a) The effec- 
tive Reynolds number decreases as the gas flows through the 

turbine. Consequently, the major Reynolds-number effects are 
felt in the later stages of the turbine. Since the turbojet has 
fewer turbine stages, the turbine efficiency losses should be less 
_ severe for the turbojet. (5) The reduction-gear losses of the tur- 
boprop tend to become a larger percentage of the output as alti- 
tude is increased. This tends to make the altitude corrections 

-more severe for the turboprop. 
It should be noted that there is relatively good agreement be- 


tween the turbojet and turboprop as far as the critical ERND 


is concerned. Losses for both cases start 


to appear at an 
ERND value of about 16in. 


Effect of Engine Size 


Obviously, the physical size of an engine is very important in 
determining the susceptibility of an engine to Reynolds-number 
effects. In Fig. 22, quantitative estimates of the effect of engine 
size are shown on the basis of the data established herein. 

Fig. 22 shows data for engines with a range of compressor inlet 
diameters from 10 to 50 in. Data are shown for turbojet engines 
(Case 1) at a flight Mach number of 0.9, and for turboprop en- 
gines at a flight Mach number of 0.7. Fig. 22 shows the loss, 
(1 — Ary), in Fy and SFC for turbojet engines, and in SHP and 
SFC (or ESHP and ESFC) for turboprop engines, as a function 
of altitude. 

When the actual engine size is less than the critical ERND of 
about 16 in., a value of Krw less than 1.0 would be indicated for 
static sea-level operation. This may be interpreted to mean that 
the engine is experiencing “‘size’’ losses even at static sea level. 
For these cases, the Krn, indicated by the correction curve for the 
operating point being investigated, is divided by the reference 
value of Krw for the static sea-level point, to give altitude cor- 
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Fig. 22 Estimated effect of engine size on altitude losses of turbojet 
and turboprop engines 


rections for smaller engines. This explains the sharper increase 
in (1 — Ky) with altitude for the 10-in-diam data in Fig. 22. 


Concluding Remarks 


The primary objective of this study was to establish a simple 
method for making preliminary estimates of the Reynolds-num- 
ber effects. Throughout the investigation, simplicity has been 
stressed, perhaps at the expense of accuracy. As set up at pres- 
ent, the only engine datum which must be known is the compressor 
tip diameter. Considering the many differences in the engines 
considered herein—for example, differences in size, compressor 
pressure ratio, turbine-inlet temperature, number of com- 
pressor and turbine stages—it is believed that a reasonably good 
correlation has been obtained. 

Undoubtedly, many methods of improving accuracy could 
have been attempted, however, all at the expense of complexity. 
In view of the general accuracy of the test data relative to the 
magnitude of the correction factors, and the general uncertainties 
involved in the entire Reynolds-number problem, it is perhaps 
doubtful that any additional refinement would be warranted, for 
making preliminary estimates. 

Considerably more altitude test data will be required to es- 
tablish more specifically the range of operating conditions for 
which the data established herein may be applied with reasonable 
accuracy. However, on the basis of the data used to establish 
the correction curves, it is reasonable to assume that the data are 
most directly applicable to (a) moderate to high subsonic flight 
speeds for turbojet engines, (b) low to moderate flight speeds for 
turboprop engines, and (c) approximately normal or military 
rating for both engine types. In general, these tend to be the 
ranges of primary interest, for current operating conditions, as far 
as Reynolds-number effects are concerned. 
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Discussion 


J. Austin King.? The proposal to correlate engine performance 
with an “effective Reynolds-number diameter,”’ presents a useful 
approach to the problem of estimating altitude effects on a num- 
ber of different engines. .The difficulty, as pointed out by the 
author, in the use of the ‘“Reynolds-number index’”’ is that the 
correlation applies only to the specific engine from which the 
data were obtained. To a significantly smaller degree this dif- 
ficulty probably still applies to the parameter suggested in the 
paper. In particular, the parameter is probably a little too severe 
on the small “state-of-the-art’”’ engine. 

The small, modern engine operates at axial Mach numbers into 
the compressor as high as 0.8. Compared with more conservative 
engines whose axial Mach numbers may be as low as 0.4 there 
could be a difference of almost 2 to 1 in Reynolds number because 
of the velocity term in the numerator. In this case, it would seem 
that a correction factor should be applied to the V/Nmii term, in 
the effective-Reynolds-number diameter. 
tation of a particular parameter implies that several others have 
been tried and found inferior. Perhaps the author has tried such 
a correction and rejected it. 

Another possible source of error is the selection of compressor- 
tip diameter as the characteristic length. This would be an excel- 
lent choice for scaling up or down a specific engine, but in com- 
paring engines of approximately the same size the choice neglects 
the chord lengths of the compressor and turbine, and the chord 
is generally recognized as the controlling length that influences 
Reynolds number. 

The author’s approach does provide a quick means of evaluat- 
ing altitude effects on any engine within the limits of accuracy as 
stated by the author. The method eliminates the necessity for 
estimating the Reynolds number and other altitude effects on 


However, the presen- 


2 Project Engineer, Fairchild Engine Division, Deer Park, N. Y. 
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each of the individual components prior to deriving estimated 
performance curves. As we all know, this is a rather long and in- 
volved procedure. 

The paper also presents additional data on the subject of 
Reynolds-number effects, a subject on which more of this type of 
information is needed before the last word can be said. 

In closing, the author should be congratulated on a fine and 
valuable presentation, 

Mr. King’s points are well taken. The limitations in the 
ERND parameter, as pointed out in his discussion, should be 
appreciated when using the data. The refinements proposed by 
Mr. King were given consideration, but were not investigated 
in detail. The primary purpose of the paper was to investigate 
the degree of correlation that could be obtained with a basically 
simple parameter. As indicated in the paper, it is doubtful 
that any additional refinement would be warranted for the 
purpose of making preliminary estimates. 

In connection with the axial Mach numbers of modern com- 
pressors, it is true that the higher velocities are beneficial as 
far as Reynolds number is concerned. However, the higher 
velocities are not an unmixed blessing. As pointed out in the 
paper, these higher velocities may introduce greater reductions 
in the air-flow rate with decreasing Reynolds number. Con- 
sequently, the over-all thrust losses may be just as great as with 
the lower velocity levels. Further test data will be required to 
definitely establish this point. 

As pointed out in the abstract, an altitude calibration of each 
specific engine is still required to establish accurate altitude 
data. If any actual test data are available, they should be 
used by all means. 
formation, the data in the paper are offered to help make some 
preliminary estimates. It should be fully appreciated that 
this offer is made on a no-guarantee, no-money-back basis. 


Author’s Closure 


However, in the absence of any other in- 
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“Effects of — Characteristics and Matching 


on Axial-Flow-Compressor Performance 


By AUBREY STONE,' SAN DIEGO, CALIF. 


The use of stage characteristics obtained from test data in the 
performance analysis and development of an axial-flow com- 
pressor is described. The discussion is illustrated by an analysis 
of the general trends in relative stage matching as shown by an 
idealized example and also by test experience. Factors govern- 
ing major performance parameters are discussed and certain 
development problems and possible solutions are reviewed. 


Introduction 


Tue performance of an axial-flow compressor is a function of 
the characteristics of the individual stages and their relative 
matching. Although numerous papers discussing single-stage 
performance are available, relatively few have been published 
dealing with performance analysis and development of the com- 
plete compressor. 

After considering the basic stage characteristics, this paper 
analyzes the operation of an actual compressor by first con- 
sidering the general trends in relative stage matching as shown by 
an idealized procedure. The results of the idealized case are’ ex- 
amined in the light of the effects of Mach number and stage in- 
teraction existing in an actual compressor as indicated by test 
experience. The factors governing major performance parameters 
are discussed. 

The use of measured stage-performance data in analyzing com- 
pressor performance is next considered, followed by a review of 
development problems and some possible solutions. 


The Stage Characteristic 


The velocity diagram for any radial section of the stage of an 
axial-flow compressor may be represented as shown in Fig. 1. It 
may be seen that this diagram is partly a function of the velocity 
vector leaving the previous stator row. The temperature rise 

produced by the section is given by 7 


= blade speed 
change in tangential velocity imparted to air by rotor 


acceleration due to gravity 


mechanical equivalent of heat 


= specific heat at constant pressure 


This may be expressed nondimensionally as a fraction of the tem- 
perature equivalent of blade speed, U?/(2gJC,), to obtain tem- 
perature coefficient, €. The number 2 is usually omitted. 

1 Engineer in Charge, Aero-Thermodynamics Group, Engineering 
Analysis Department, Solar Aircraft Company. 

Contributed by the Gas Turbine Power Division and presented 
at a joint session with the Aviation and Hydraulic Divisions at the 
Annual Meeting, New York, N. Y., December 1-6, 1957, of THe 
AMERICAN Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, August 5, 
1957. Paper No. 57—A-139. 


change in tangential velocity 


blade speed 


lf ns = adiabatic efficiency of stage, then 
AT’ nr AT 


where A7’ = isentropic temperature rise. 
A pressure coefficient is defined as 


JC,AT’  gJC,T | 


ad 


Temperature and pressure coefficients and stage e _ iency fora 
given stage are, to the first order, functions of rotor incidence 
angle. For a given absolute air-inlet angle, rotor incidence is a 
function of the ratio of inlet axial velocity to blade speed, defined 
as the flow coefficient ¢. The usual method of presentation is to 
express mean stage performance on the basis of the average axial 
velocity into the stage and the blade speed at some convenient 
radius, such as that for the rotor tip. ® 

Assuming no variation in absolute air-inlet angle and relative 
air angle leaving the rotor, and no change in the axial velocity 
ratio across the rotor, then the change in tangential velocity would 


y= 


where 


total temperature at stage inlet 
total pressure ratio over stage 
Y = ratio of specific heats 


om: ABSOLUTE AIR INLET ANGLE 
RELATIVE AIR INLET ANGLE 
a,=RELATIVE AIR OUTLET ANGLE 
a,=ABSOLUTE AIR OUTLET ANGLE 
V, =ABSOLUTE AIR INLET VELOCITY 
, =RELATIVE AIR INLET VELOCITY 
=RELATIVE AIR OUTLET VELOCITY 
V, =ABSOLUTE AIR OUTLET VELOCITY 
=BLADE SPEED 
Vo =AXIAL VELOCITY 
AVw =CHANGE IN TANGENTIAL VELOCITY 


Fig. 1 Velocity diagram for a compressor stage 


- JC 
Combining Equations [1] and [2] shows —— 7 
of 
J u 
— 


NEGATIVE 


Va FOR AVw NEGATIVE 


Va DESIGN 


Va FOR AVw-O 


(AVw= U AT Va+0) 


Fig. 2 Effect on velocity diagram of varying axial component 
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Fig. 3 Variation of temperature coefficient with flow coefficient for 
constant flow angles 


vary linearly with V,. This is illustrated in Fig. 2. Thus, when 
V,/U = 0, AV,, = U, and the temperature coefficient reaches a 
maximum value of unity. When V,/U becomes sufficiently high, 
the temperature coefficient becomes zero. At still higher flow 
coefficients, AV,, becomes negative and the stage then operates as 
a turbine rather than a compressor. Fig. 3 shows the resulting 
characteristic of these coefficients. 

In practice, it is found that, although over a certain range of 
flow coefficients the changes in absolute air-inlet angle and rela- 
tive air-outlet angle leaving the rotor are fairly small, they change 
considerably at extreme blade incidences. A typical stage charac- 
teristic for constant Mach number is shown in Fig. 4. As the flow 
coefficient is reduced, rotor incidence increases and eventually posi- 
tive stall occurs. Conversely, as the flow coefficient is increased, 
negative incidence stall, or perhaps choke—depending on the 
Mach number—is eventually reached. It is interesting to note 
from Fig. 4 that, after an initial fall-off as the stage passes through 
its positive incidence stall point, the temperature coefficient re- 
covers and continues to increase upon further reduction in flow 
coefficient. What happens is that as the rotor stalls its relative 
air-outlet angle changes from a regime where it is of about design 
value to a regime where it is much greater because of flow separa- 
tion. 

Examination of stationary cascade results shows the effect of 
Mach number on stage performance. Fig. 5 illustrates a typical 
polar diagram showing the envelope of Mach number and air- 
inlet angle bounding the region of efficient cascade operation. 
Such an envelope could be plotted to indicate the operating limits 
beyond which the cascade losses exceed a given multiple of the 
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Fig. 4 Assumed stage characteristics for ideaiized matching 
minimum loss. Twice-minimum loss is usually shown. <A similar 
diagram can be derived for a compressor rotor based on pitch line 
conditions, Fig. 6. Assuming an absolute air angle from the 
previous stator and a Mach-number equivalent of pitch-line blade 
speed, based on static temperature, it is possible to show the rela- 
tive Mach number and air-inlet angle and thus the operating 
limits of axial Mach number (and hence flow coefficient ) for stall 
and choke. Fig. 6 illustrates how the efficient range of flow co- 
efficient narrows at Mach numbers above 0.4. Fig. 7 shows how 
this affects the stage characteristic. 


Idealized Stage Matching in Compressor 


To illustrate broadly how the individual stages operate over a 
wide range of conditions, an over-all performance map was calcu- 
lated for a hypothetical ten-stage compressor assuming, for 
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Fig.6 Range of operation of rotor for different blade Mach numbers 
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simplicity, ten identical stage characteristics as shown in Fig. 4. 
Stage pressure ratio and temperature rise were computed from 
Equations [2] and [4], the flow coefficient at each stage being ob- 
tained from the equation of continuity. The area schedule was 
chosen to give constant axial velocity through the compressor at 
the design point, with each stage operating at a flow coefficient of 
0.4, corresponding to a pressure coefficient of 0.8 of the maximum. 
In order that the matching could be illustrated as simply as 
possible, no allowance was made for Mach number and interaction 
effects on stage performance. Consequently. the results shown 
are only qualitative in value. How they differ from those apper- 
taining to the behavior of ar tual compressor is discussed 
later. 

The computed over-all performance map is shown in Fig. 8(a) 
as a plot of total pressure ratio against percentage of design 
weight flow, and includes the contours of constant adiabatic 
efficiency. 
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Fig. 7 Effect of Mach number on operating range of a stage 


Fig. 8(6) provides a further illustration which includes those 


regions normally cut off by compressor surge, in order to show 
where (for this idealized case) each stage reaches its stalling point. 
Stage stall was assumed to occur at maximum stage-pressure co- 
efficient; i.e., at a flow coefficient of 0.30. 

Since the area schedule was chosen so that all stages operate at 
the same value of flow coefficient at the design point, any varia- 
tion in mass flow or speed from the design condition generally 
means that the stage density ratios across the blading, and hence 
axial-velocity ratios, differ from design. Fig. 9 illustrates the 
variation in stage-flow coefficient through the compressor for 
various speeds and mass flows. The pressure coefficient at which 
each stage operates may be seen by referring to the stage charac- 
teristic, also included in Fig. 9. 

As Fig. 9 indicates, when the first stage operates at above design 
density ratio—due to working at a higher pressure coefficient and/ 
or higher speed than design—the second stage operates at a lower 
flow coefficient and hence higher pressure coefficient than stage 1. 
The second-stage density ratio is thus even farther above design 
than that of stage 1. This effect is cumulative through the com- 
pressor until the flow coefficients become sufficiently low to cause 
stage stall, whence the rate of decrease of flow coefficient di- 
minishes. The converse is of course true when the first stage 
operates at below its design density ratio. 

It is interesting to note that approximately constant flow co- 
efficient can be maintained below design speed, providing the pres- 
sure coefficients, and hence density ratios, are sufficiently high. 
Fig. 9(d) shows that at 95 per cent speed, a constant flow co- 
efficient of about 0.37, corresponding to a pressure coefficient of 
0.25, can be maintained throughout the compressor. (At design 
speed, the constant flow coefficient condition is achieved with a 
pressure coefficient of 0.225.) 

For the peak pressure coefficients assumed in this example, 92 
per cent is the lowest speed at which a schedule of approximately 
constant @ can be maintained. This is represented on the com- 
pressor map, Fig. 8(b), as the intersection of the stall lines of all 
the stages. Above this speed, as may be seen from Fig. 8(b) and 
also Fig. 9, stage 10 is always the first stage to reach stall, since 
the density ratios for the corresponding matching are above de- 
sign. As mass flow is reduced, the other stages reach stall in the 
order 9, 8, 7, and so on. Below 92 per cent speed, the density 
ratios are always below design, and the order of stalling re- 
verses; i.e., stage 1, 2, 3, and so forth. 

Fig. 9 indicates that the maximum mass flow at any constant 
speed is governed by stage 10 reaching maximum flow coefficient. 
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Fig. 8(a) Over-all performance of idealized compressor with contours of constant adiabatic efficiency 
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Fig. 8(b) Over-all performance of idealized compressor showing where each stage reaches stall and typical surge lines _ 
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Fig. 10 Stage pressure ratio versus mass flow for idealized compressor at 60, 80, and 100 per cent of design speed 
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In other words, increasing mass flow at constant speed will al- 
ways result in the ratio of stage-inlet density to the corresponding 
design density being lower for the last stage than for any other 
stage in the compressor. However, as described later in the 
paper, the stage matching in an actual unit differs at the higher 
speeds from that shown by this idealized case. 

Fig. 9 also shows how the maximum flow coefficients reached 
by the early stages, as determined by stage 10 choking, decrease 
continuously as the speed falls. Thus, although at above 60 per 
cent speed the over-all characteristic, Fig. 8(b), includes the stall 
points of all the stages, at lower speeds the tenth stage chokes be- 
fore the over-all characteristic can include the stall points of cer- 
tain early stages. For example, at 40 per cent speed, stages 1, 2, 
and 3 are forced to operate fully stalled even up to maximum mass 
flow. This combination of the early stages stalling and later 
stages tending to choke is reflected by poor over-all efficiency at 
low speeds. 

Fig. 10 shows the total pressure-ratio characteristic of each 
stage on a basis of compressor mass flow. It may be noted how 
the characteristics of the successive stages appear at higher flows 
relative to the characteristics of the preceding stages as speed is 
increased, due to increasing stage-density ratio. Because stage- 


inlet temperature increases through the compressor (at constant 

speed ), the level of pressure ratio diminishes through succeeding 

stages, Equation [4]. 
> 


The foregoing analysis is obviously highly idealized. The 
effects of Mach-number variation with speed and stage interaction 
have to be taken into account when considering the actual case. 
A typical matching analysis for a unit designed with stages near 
optimum incidence is presented below. 

Mazimum Mass Flows. The idealized matching analysis indi- 
cated that, at least up to 110 per cent of design speed, the tenth 
stage was always the first to choke and so determined the maxi- 
mum mass flow. In practice, however, as speed increases, the 
Mach number relative to the early blade rows increases at a faster 
rate than at the later stages, which means that the stage choking 
flow coefficients reduce more rapidly in the early stages. Thus, 
usually at about design speed and higher, the maximum mass 
flow is governed by choking somewhere in the early stages. Conse- 
quently, the rate of increase of maximum mass flow with rpm 
generally falls as speed is increased above design value. 

Typical matching of the maximum flow point with respect to 
stage 1 is illustrated in Fig. 11. As speed, and hence Mach num- 
ber, increases, the first-stage choking flow coefficient falls. Up to 
about 90 per cent speed the maximum flow through the compres- 
sor is governed by stage 10 reaching choke, the matching being 
very similar to that shown for the idealized compressor. How- 
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Fig. 11 Typical matching at maximum mass flow showing operating 
point of choking stage relative to first-stage characteristio 
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ever, the narrowing of the early stages flow coefficient range due to 
Mach number generally means that at about design speed some 
stage between the front and middle of the compressor determines 
the maximum flow, in contradistinction to the idealized case. At 
about 105 per cent speed, stage 1 generally becomes the first to 
reach maximum flow coefficient, and hence the compressor-inlet 
flow coefficient reaches its maximum value. At higher speeds the 
inlet flow coefficient decreases because of the reducing first stage 
choking flow coefficient, resulting in a sharp reduction in the rate 
of increase of maximum mass flow with speed. 

Over-all Efficiency. The idealized compressor showed little 
drop in over-all efficiency with overspeed, Fig. 8(a), whereas in 
actual fact it is usual to find that the efficiency reaches a maxi- 
mum at about 90 per cent speed, falls off fairly gradually (by 1 
or 2 per cent) to design speed, then drops quite rapidly with 
overspeed. At 90 per cent speed, all stages usually can match at 
flow coefficients fairly close to design. At design speed, although 
the stages may match at the design flow coefficients, the Mach- 
number level through the early stages is higher, so that they 
suffer somewhat higher losses than at 90 per cent speed. At over- 
speed the change in matching and narrowing of the early stage 
ranges due to Mach number forces the early stages toward the 
choke, whence their losses increase rapidly. 

Surge Line. The surge limit is generally associated with one or 
more stages stalling. Thus the stall points indicated on the over- 
all performance map, Fig. 8(b), of the idealized compressor pro- 
vide an indication of the cause of surge at different speeds. 

Experience has shown that stable operation at the higher speeds 
with a stage operating in the stalled regime is unusual. A line 
drawn through the points corresponding to stage 10 stall at and 
above 92 per cent speed would therefore probably represent the 
surge limit of the hypothetical unit. It may be seen why the 
over-all characteristics at high speed remain quite steep even up 
to the surge point. 

At 90 per cent speed, the fact that stages 1 to 5 reach stall 
simultaneously would probably cause surge at that point. As the 
speed is reduced further, the probable position of the surge line 
on the idealized unit becomes more difficult to define. As the 
stage-matching analysis indicated, when the speeds are suf- 
ficiently low, the mass-flow ranges of stable operation are bound 
to include stalling sections of several early stage characteristics. 
On some compressors it is found that the surge line passes through 
or near the peaks of all the over-all constant speed characteristics 
up to about 90 per cent speed. This yields a relatively smooth 
surge line, as shown in Fig. 8(6). Such a surge line generally im- 
plies that several of the early stages can operate through the 
transition from unstalled to stalled without causing compressor 
surge. Otherwise, a discontinuous surge line would probably re- 
sult. If surge is triggered by the first stage reaching stall, the 
surge line would fall steeply from 92 per cent speed, following the 
line of the first-stage stall. However, this cannot continue since 
at lower speeds the first-stage stalling point does not appear on the 
over-all characteristic due to choking of the later stages. Since 
the surge line must pass through the origin of the map, it must 
suffer a change in slope (or knee) at the speed where stage 1 no 
longer continues to trigger surge. It may be seen from Fig. 8(b) 
that the lower the speed at which stage 1 persists in triggering 
surge, the more acute becomes the knee. This critical speed de- 
pends both on the severity with which stage 1 stalls, and on the 
degree of stabilizing influence associated with the unstalled later 
stages. As the speed is reduced, these later stages operate at in- 
creasingly higher flow coefficients at the mass flows corresponding 
to the first-stage stall point, Fig. 9. Consequently they operate 
on regions of their characteristics possessing high negative slope, 
providing a stabilizing influence which increases with reducing 
speed, and eventually offsetting the effects of the steep initial 
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positive stalling slope of the first-stage characteristic. Also, the 
severity of the first-stage stall diminishes as the speed is lowered. 

It may be that some early stage other than the first is the cause 
of the knee; stage 1 may possess a relatively “‘soft”’ stall which in 
itself might not persist in triggering surge as the speed is lowered. 
Stage 1 would then operate some way into stall without triggering 
surge and the mass flow might be reduced until some following 
stage reaches stall. At this point the compressor may surge, 
partly because stage 1 is already stalled, and also because the 
stabilizing influence of the later stages has diminished due to the 
lower mass flow. 


04 
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Fig. 12 Operating points of each stage along a surge line possessing a knee—idealized compressor 
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Below the knee, the speeds, and hence pressure differences due 
to stage stall, are relatively low, and the surge line tends to follow 
a relatively smooth path to the origin of the map. However, it is 
still possible that some stage near the middle of the compressor 
persists in triggering stall for some range of speed below that at 
which the knee occurs. This may be reflected by a further, but 
slight, discontinuity in the surge line. 

In the analysis so far, it has been assumed that the stalling 
flow coefficient of each stage is unaffected by the performance of 
the other stages. However, when a stage stalls, it sets up dis- 
turbances, such as rotating zones of low flow, which can affect the 
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stability of adjacent stages and cause them to stall prematurely. 
This is, of course, especially possible when the matching is such 
that the stall points of these stages normally would appear close 
together. 

When this interaction effect persists in causing simultaneous 
stalling of several stages as the speed is lowered, a surge-line knee 
of a very severe nature may be induced, since the high degree of 
stabilizing influence required of the later stages in order to coun- 
teract the combined stalling of several early stages can only occur 
at a relatively low speed. 

Employing results obtained from the theoretical stage-matching 
process, Fig. 12 illustrates the operating points reached by each 
stage along a surge line possessing a knee as shown in Fig. 8(b). 
It was assumed that above 92 per cent speed, surge occurred as 
stage 10 reached its stalling point, and that from 92 to 70 per 
cent speed surge was triggered as stage 1 reached stall. It may 
be seen that so long as stage 1 triggers surge the rear stages are 
forced to operate at higher flow coefficients and hence lower 
pressure coefficients. At 70 per cent speed, the lowest at which 
the stalling point of stage 1 persists in causing surge, the rear 
stages reach their maximum flow coefficients and hence lowest 
pressure coefficients. Below 70 per cent speed, the surge-line 
slope was reduced in order that it could pass through the origin of 
the map. Also included in Fig. 12 is the variation of the first- 
stage flow coefficient at maximum mass flow. This emphasizes 
how the minimum range of first-stage flow coefficient occurs at 
the speed where the knee is apparent. a 
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Fig. 13 Unstalling hysteresis of a compressor stage 


Double-Valued Performance Curves. Compressor-rig tests 
sometimes indicate that over certain regions in the intermediate 
speed range it is possible to obtain two different performance 
curves at each speed, depending on the order at which the test 
points are obtained. This phenomenon is associated with un- 
stalling hysteresis of the early stages; that is, when the incidence 
at stall is greater than at unstall. Fig. 13 illustrates a typical 
unstalling hysteresis of a compressor stage. As the flow coeffi- 
cient is reduced from the choking side of the stage characteristic, 
operation occurs on the solid line and the stall point appears at A. 
Further throttling forces the stage over the stall and through 
point B to a high loss, but relatively stable region. When the 
throttling is then reduced, the operating point passes back 
through point B and then along a further shallow sloped stable 
region (although still of high loss) to unstall at point C. 

Fig. 14 illustrates diagrammatically how this affects the over- 
all characteristics. The group characteristic of the inlet stages, 
the succeeding stages, and the resulting over-all characteristics 
are shown plotted against compressor-inlet mass flow for three 
speeds. The characteristic of the early stage group was assumed 
to possess unstalling hysteresis as indicated by the broken line. 
For each speed shown, the maximum mass flow is governed by 
choking in the later stage group. 
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At the higher speed indicated, Fig. 14(a), the maximum mass 
flow, i.e., that for choking of the succeeding stages, is higher than 
that corresponding to unstalling of the early stage group. The 
combined characteristic of both groups is then unique only when 
operating at and near maximum mass flow. It should be noted 
that for each mass-flow point in the region where the early group 
possesses two values of pressure ratio, the succeeding stage 
group also will present two values of pressure ratio, corresponding 
to the two different density (and hence velocity) ratios across the 
early group. 

As the speed is reduced, the matching eventually takes the form 
of Fig. 14(b). Here, the choking flow as determined by the suc- 
ceeding group of stages moves to lower inlet-stage flow coefficients 
and appears in the region between the stall and unstall points of 
the early stage group characteristic. This now results in two dis- 
tinct over-all characteristics, because two different maximum 
mass flows are now possible. This is because the maximum flow 
depends not only upon the choking flow coefficient of the suc- 
ceeding group of stages, but also upon the density at inlet to those 
rear stages, which in turn depends upon whether the early stage 
group operates on the stalled or unstalled branch of its character- 
istic. Fig. 14(b) includes the locus of the point corresponding to 
the choking flow coefficient of the succeeding group characteristic. 

Upon further reduction in speed, the choking flow, as deter- 
mined by the succeeding group of stages, forces the early-stage- 
group characteristic beyond the stall point and there is conse- 
quently only a single over-all characteristic, Fig. 14(c). 

Fig. 14(d) shows the possible over-all characteristics as they 
would appear on a compressor map. Which of the dual charac- 
teristics would be obtained when testing a compressor on the rig 
depends on the test schedule followed. Points on the upper pres- 
sure-ratio curves would be obtained if these points were ap- 
proached while the early stages were unstalled, and vice versa. 
For example, approaching the dual characteristic speeds along 
the throttle line A from, say, design speed, would give points on 
the higher-pressure curves (early stages unstalled) since the early 
stages were in this case unstalled initially. Conversely, approach- 
ing from the lower speeds, again along throttle line A, means that 
the early stages are initially stalled and hence would remain 
stalled, thus giving points on the lower-pressure curves. How- 
ever, if, having run up along line A to the highest of these speeds 
(which has a unique maximum mass flow), the throttle was then 
opened to allow operation below the point corresponding to un- 
stalling of the early stages, closing the throttle again would then 
give points on the higher-pressure branch of the characteristic. 


Stage-Performance Analysis and Compressor Aerodynamic 
Development 


The analysis of stage performance and relative matching is an 
important aid toward the development of an axial compressor. 

The stage characteristics preferably are obtained from inter- 
stage total-pressure readings, but good results can be obtained 
from outer-wall static pressure taps if the hub/tip ratio is not less 
than about 0.6. Stage performance so obtained is considered to 
represent the average for the stage. Interstage data should be 
read at each point taken on the over-all compressor map. Since 
it is usually impossible to obtain interstage data at the surge 
point, it is necessary to take readings at an operating point as 
close as possible to the surge to facilitate eventual analysis. 

It is generally found that the plotted results are quite consistent 
and show little scatter, except for certain displacements between 
the sections of stage characteristic corresponding to the Mach- 
number effect at various speeds. 

Before specifying modifications aimed at compressor improve- 
ment in a certain performance region, it is necessary to estimate 
the possible effects such modifications might have on other re- 
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gions. For example, a modification which improves a part-speed 
surge line may bring a surge-line deterioration at higher speeds. 
This implies the necessity of analyzing the stage characteristics 
and relative matching to determine as far as possible how they 
combine to form the over-all characteristics. Some of the factors 
that should be considered are presented in the following: 

Increasing Mass Flow. Increasing the mass flow to uprate 
engine power is usually an important part of a compressor- 
development program. At each speed, the over-all characteristic 
reaches a maximum mass flow when choking occurs somewhere 

in the compressor. The choking mass flow at a particular speed 
is then a function of the maximum flow coefficient of the stage 
responsible for choke, its annulus area, and the density reached by 
the gas up to the inlet of that stage. 

In general, as described previously, choking somewhere among 
the later stages is responsible for fixing the maximum flows at low 
speeds, while some early stage is responsible at high speeds. 

Determination of the actual stage which chokes first as the 
mass flow is increased by opening the outlet throttle at constant 
speed is facilitated by the fact that when it chokes, all stages 
upstream of that stage are constrained to operate at fixed points 
on their characteristics, regardless of further throttle opening. 

Normally, the maximum flow is limited by the final stage at 
low and intermediate speeds. At approximately design speed, 
it is generally found that several early stages simultaneously 
operate toward the choking ends of their characteristics and it 
becomes more difficult to determine exactly which of these stages 
chokes first, although such information is of rather academic 
value as regards compressor development, so long as each of the 
stages which are near choking is known. Eventually, a speed is 
reached at and above which it is obvious that the first stage chokes 
first. This speed is generally of at least design value, as discussed 
previously. 

It should be recognized that although at all speeds the last 
stage will choke eventually if the outlet throttle is opened suf- 


some earlier stage chokes first. 

An increase in maximum flow at a given compressor speed can 
be accomplished by increasing the flow area at the choking plane 
and/or increasing the density into that plane by adjusting the 
previous stages to provide greater work. For example, if the 
third-stage choke was limiting the maximum mass flow, a local 
increase in annulus area at that stage would yield a larger flow. 
However, the increase probably would be very slight before some 

other early stage choked instead. One way to obtain a larger in- 
crease in maximum flow is to increase the annulus area through 
the whole group of early stages. Alternatively, the density into 
the choking stages could be increased by increasing the loading of 
the first stage, at the same time ensuring that the first stage itself 
could pass the desired increased flow. A convenient way of ac- 
complishing this is to reduce the stagger of the inlet guide vanes 

and/or the first rotor blades. Either change uprates the first- 
stage loading by increasing the change in whirl imparted by the 
rotor. Both methods also increase the flow capacity of the first 
stage. Reducing the guide-vane stagger increases the incidences 
and velocity vectors relative to the first rotor, which results in a 
higher total pressure relative to the first rotor, thus enabling it to 
pass a higher flow per unit of throat area. Reducing rotor stagger 
increases the rotor throat area. 

Fig. 15 shows the typical effects on first-stage performance of 
varying the inlet guide-vane stagger. It may be noted how the 
stage characteristic moves bodily to higher flow coefficients as the 
inlet guide-vane stagger is reduced, and also that its stalling slope 

~ tends to follow along a common line on the map. At first sight, it 
may appear that the increased stalling flow coefficient due to a 
reduction in guide-vane stagger follows from the reduction of pre- 
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whirl, causing the stalling incidences along the whole rotor-blade 
span to occur at a higher average flow coefficient. However, the 
change in axial-velocity profile as set up at the inlet to the rotor to 
satisfy radial equilibrium shows that reducing inlet guide-vane 
stagger increases the ratio of tip/root axial velocities so that, at a 
given mean flow coefficient, the increase in tip axial velocity tends _ 


to compensate for the reduction in prewhirl so that there is, in _ 


fact, little change in rotor-tip incidence. However, incidence 
itself is not a sufficient criterion of stall; blade-element loading — 
also must be considered, and it may be shown that this parameter 
does, in fact, increase along the whole rotor-blade span as the inlet 
guide-vane turning is reduced. 

Reducing rotor stagger has a similar effect on the stage charac- _ 
teristic as a reduction in inlet guide-vane stagger. In this case, 
obviously, the incidences onto the rotor increase along the whole 
span. 

Fig. 16 illustrates how uprating the first stage as described af- 
fects the maximum mass flow obtained at a given speed. Super- 
imposed on the performance map for stage 1 is a line, any point 
on which corresponds to the flow coefficient reached by the 
second stage when it or any succeeding stage reaches choke. This 
flow coefficient is essentially unchanged by the modifications to 
stage 1. The increase in maximum mass flow, corresponding to 
the increase in flow coefficient into the first stage, is seen to de- 
pend upon the increase in pressure level of the first stage and also 
upon the slope of the line corresponding to constant second-stage 
flow coefficient. This line derives from the continuity equation 


or, for a particular blade speed 
A 2 


= — 


inlet flow coefficient 
pi A; 


where p2/p: = density ratio across first stage and A; and A, are 
inlet annulus areas to first and second stage, respectively. Since 
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Fig. 15 Effect on first-stage performance of varying inlet guide-vane 
stagger 
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Fig. 17 Effect on stages 1 and 2 of a mass flow increase by uprating stage 2 


the density ratio is a function of both pressure and temperature 
coefficients, it is affected by any change in first-stage efficiency 
_ which the modification may bring. For example, if increasing the 
first-stage pressure coefficient causes a large drop in first-stage 
efficiency, the new value of inlet flow coefficient corresponding to 
the constant second-stage flow coefficient may show little increase. 
_ This situation is often met when attempting to increase mass flow 
by uprating an already highly loaded stage. 
Increasing compressor mass flow by uprating the first stage is 
very simple mechanically and is utilized quite often when flow 
increases of up to 10 per cent are required without increasing 
annulus area or adding a new inlet stage. Other early stages also 
ean be uprated by reducing rotor stagger and/or the stagger of 
the previous stator. However, uprating the first stage provides 
the major contribution to the mass-flow increase. Uprating a 
_ later stage yields a smaller mass-flow increase because any in- 
crease in flow drawn through the previous stages causes the latter 
to yield a lower pressure rise and hence reduces the density into 
_ the uprated stage. As an example, the effect of uprating a second 
stage is illustrated in Fig. 17. It may be seen how the slope of 
the first-stage characteristic affects the increase in inlet flow co- 
efficient. If the first stage were actually choking, its characteristic 
would be vertical, in which case uprating any following stage 
would produce no flow increase whatsoever. 
It should be noted that any scheme designed to increase the 
- maximum mass flow at design speed, involving as it does, in- 
creases in annulus area and/or blade loading in the early stages, 
is bound to endanger the surge line at part speed. This points to 
_ the use of variable-stagger inlet guide vanes and perhaps varia- 
ble carly stators, which may be arranged to adjust automatically 
_ for the required mass flow at design speed and vary to maintain a 
_ more favorable part-speed surge line for engine acceleration. 


Surge Line Improvement 


General Considerations. Cc ssor surge is generally caused 
by the stalling of one or mors es. The position of the surge 
- point on the characteristic m: a given speed is determined by 
3 the point at which stage stalling occurs, and by the pressure ratios 
reached by all the stages at that point. Thus, in order to improve 
a surge line, it is first necessary to analyze the stage characteristics 
_ systematically to determine as accurately as possible which stage 
_or stages reach stall or are already stalled at the surge points, and 
also how the other stages are then matched. 

At low speeds several early stages are forced to operate well into 
stall. Thus a large operating range of each of these stages, from 
“high flow coefficients toward the choke (obtained at the higher 

speeds) to the very low flow coefficients well over stall, is ob- 
tained from the data points. The stalling flow coefficients of the 
_ early stages are consequently apparent, and it is therefore usually 

possible to see at which speeds these are associated with surge. 

However, it is usually more difficult to determine the stalling 


flow coefficients of the rear stages. Although there have been 
some compressors whose rear stages are able to operate some way — 
over stall before surge occurs, these cases are exceptions. Surge 
is associated with the rear stages only at high speeds where surge 
tends to occur as soon as a stage reaches its stalling point and be- 
fore its characteristic can exhibit any stalling slope, which other- 
wise would define its peak. Among the possible reasons for this 
are: 


(a) The disturbances set up when a stage reaches stall are 
stronger at the higher speeds. 

(6) Such disturbances may induce adjacent stages to stall pre- 
maturely. 

(c) Stalling of the relatively short-span rear stages may be of 
the total-span type, giving a sharp discontinuity in stage per- 
formance rather than the more gradual drop generally associated 
with the stalling of longer blades. 


When the stalling points of the stages are not apparent fron: 
their characteristics, other evidence may be employed to deter- 
mine which stages reach stall. 

A given stage may be triggering surge over a certain range of 
speed if along the surge line over that range it shows little change 
in flow coefficient; i.e., that flow coefficient could refer to the stall 
point of the stage. This possibility still exists even if the flow 
coefficient shows a certain increase with speed, since a stage stall- 
ing point can move to higher flow coefficients as incident Mach — 
number increases. 

Conversely, a given stage is unlikely to trigger surge at a par- 
ticular speed, if at a higher speed it can reach a lower flow co- 
efficient. 

Adding to the difficulties in finding stages responsible for surge 
is the fact that interstage data cannot be taken exactly at the 
surge point. However, if these data are observed very close to 
surge, it is possible to obtain a good idea of where the stages match 
at the surge point by extrapolating the flow coefficients on a mass 
flow and/or over-all pressure-ratio basis. 

Fig. 12 shows the variation in compressor surge-point flow co- 
efficient with speed for each stage of the hypothetical compressor 
considered earlier. This presents an idealized picture of the plot 
necessary to facilitate determination of the stages which reach 
stall, in the manner described. 

As development proceeds and various modifications to the 
original design are tested, further evidence is obtained and con- 
clusions derived from earlier tests can be re-evaluated. The use 
of interstage bleed to investigate the operating range of the back 
stages is often very revealing, but the possible changes in velocity 
profile must be borne in mind. 

A surge line may be improved by moving the surge points to 
higher pressure ratios and/or lower mass flows. 

The ideal way of achieving an improvement in a particular re- 
gion of speed would be to reduce the stalling mass flow of the 
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stage or stages responsible for surge, without loss in stage pressure 
ratio at stall or higher flows. This would allow the rest of the 
stages to attain lower flow and hence higher pressure coefficients, 
resulting in an extension of the over-all characteristic to both 
higher pressure ratio and lower mass flow before surge occurred. 
The maximum mass flows would then remain unchanged. 

Such a process may be possible if the stage or stages responsible 
for surge were initially severely overloaded and inefficient, and 
consequently possessed narrow ranges. Increasing blade stagger 
up to a certain amount may then give little change in pressure 
and maximum flow coefficient while reducing stalling flow co- 
efficient. Similarly, with a stage originally radially mismatched, 
local twisting also might reduce the stalling flow coefficient with 
little change over the remainder of its characteristic. 

In general, however, it is found that a reduction in stage stall- 
ing-point mass flow can be achieved only at the expense of lower- 
ing stage performance. The more effective methods of reducing 
the stalling mass flow of a stage are either to increase blade stag- 
ger or to reduce its annulus area. In the first case it is generally 
found (but for the exceptions mentioned previously) that the 
whole stage characteristic moves to both lower flow coefficients 
and pressure coefficients, as shown in Fig. 15. This does two 
things: 

(a) The improvement in over-all surge pressure ratio is mini- 
mized both by the reduction in stall-point pressure ratio of the 
restaggered stage, and by the fact that its reduced stall-point 
density rise does not allow the flow coefficient into the succeeding 
stages to fall by the same proportion as the stall flow coefficient of 
the modified stage thus limiting the increase in pressure ratio at- 
tained by these later stages. If sufficient stages were restaggered, 
there may, in fact, be a deterioration in the surge line, with the 
reduction in surge mass flow being more than counterbalanced by 
a reduction in surge pressure ratio. 

(b) If the early stages were restaggered in an attempt to im- 
prove the surge line at intermediate speeds, the maximum flows at 
all speeds would be reduced. Since it is usually the first stage which 
plays the more important part in causing surge at intermediate 
speeds and also has the largest effect on high-speed mass flow, it is 
generally difficult to effect a worth-while surge-line improvement 
at intermediate speeds without compromising mass flow at high 
speeds. 

Increasing the stagger of later stages generally does not affect 
mass flow at the higher speeds, but reduces it at lower speeds 
where those stages are usually the first to reach choke. 

Reducing the local annulus area, however, leaves the stage 
characteristic essentially unchanged. Such a modification will 
therefore theoretically yield the same surge-point pressure ratio 
and surge-point mass flow as that which would be given if the 
stall-point flow coefficient could be reduced without compromising 
stage pressure coefficient. Again, however, if the annulus area in 
the early half of the compressor were reduced to improve the 
part-speed surge line, the maximum mass flow at all speeds would 
be decreased. 

Rather than reducing the stalling mass flow of the stages re- 
sponsible for surge, the pressure ratio of succeeding stages may be 
increased to give a larger over-all surge-point pressure ratio. 

The implications of the modifications outlined are described 
more fully in the following. 

Surge-Line Improvement at Intermediate Speeds. Fig. 18 illus- 
trates the matching involved when the stalling flow coefficient of 
the early stage group is lowered by increasing blade stagger. As 
described earlier, reducing the density ratios over the early stage 
group has a similar effect to that of lowering speed in that it 
causes the group characteristic of the succeeding stages to appear 
at lower compressor mass flows. This minimizes the reduction 
in flow coefficient into the succeeding stages corresponding to the 
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reduction in stall-point flow coefficient (mass flow) of the early 
stages. However, at speeds where surge occurs while the rear 
stages are operating near choke on steep portions of their charac- 
teristics, such as at a surge-line knee, Fig. 18(a), even a small re- 
duction in flow coefficient into those stages can mean a relatively 
large increase in their pressure coefficients, resulting in a notable 
surge-line improvement. However, at a higher speed, Fig. 18(b), 
when compressor surge occurs while the rear stages are operating 
on flatter portions of their characteristics, the change in their inlet 
flow coefficient now means little increase in pressure coefficient. 
The reduction in stall-point pressure coefficient of the early stages 
then means that the drop in surge-point mass flow is largely coun- 
terbalanced by a drop in pressure ratio, resulting in little or no 
surge-line improvement. 

Fig. 18(c) shows a typical change in the over-all characteristics 
resulting from increasing the stagger of early stages. It should be 
noted how the surge-line knee is moved to a lower speed. As de- 
scribed previously, a knee is characterized by a very narrow mass- 
flow range between surge and maximum flow, caused by early 
stage stall and rear-stage choke, respectively. Reducing the 
stalling flow of the early stages widens this range at the speed 
which exhibited the original knee, but as speed is reduced, the 
mass-flow range narrows until eventually a new surge-line knee is 
formed. The new knee is generally less pronounced and usually 
does not appear below the original surge line. 

It should be noticed from Fig. 18(c) that the low-speed surge 
line remains practically unchanged. Experience shows that the 
surge line in this region is very difficult to change appreciably, ex- 
cept by adding stages. Increases of surge-point pressure ratio 


are usually counterbalanced by increases in surge mass flow, and 
vice versa. At these speeds surge occurs at mass flows below 
those corresponding to the early stages stall points, which points 
can thus no longer trigger surge. 


It may then be that at these low 
speeds surge occurs at mass flows where the slope of the over-all 
characteristic becomes sufficiently flat to form an unstable system 
when matched to the outlet throttle—or engine working line. 
In other words, surge occurs when the slope of the compressor 
characteristic approaches that of the effective throttle line. The 
latter slope diminishes as the throttle becomes unchoked at low 
pressure ratios, which suggests that at low speed surge may occur 
when the over-all characteristic has zero or even slightly negative 
slope. On the other hand, surge at low speed may be triggered 
by some middle stage reaching stall. 

It also may be seen from Fig. 18(c) that at high speeds the surge 
points mgve to both lower mass flows and lower pressure ratios, 
resulting in practically no change of the surge line in this region. 

Reducing the stall-point mass flow of the early stages by de- 
creasing the early annulus area will have a similar effect on 
matching as increasing the early blade stagger, except that it 
generally proves more effective. There are two reasons why this 
should be so: 

(a) The stall-point pressure ratio across the early stages is not 
reduced. Besides contributing to a higher surge-point pressure 
ratio, this also means that: 

(b) The flow coefficient into the succeeding stages correspond- 
ing to surge falls by the same proportion as that into the early 
stages. This means that the succeeding stages operate at lower 
flow coefficients and hence give higher pressure ratios than would 
result from the alternative method of increasing the early blade 
staggers. 

Wherever surge is triggered by the early stages reaching stall 
and is independent of the slope (i.e., stabilizing influence) of the 
characteristics of succeeding stages, the surge line can be im- 
proved by loading these succeeding stages. The surge-point over- 
all pressure ratio will then increase while the surge mass flow re- 
mains unchanged. Such a method is therefore usually effective 
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Fig. 18 Surge-line improvement at intermediate speeds by modification to unload front stages 
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_ in improving a surge line in the vicinity of a knee. However, 
when the later stages are able to force the early stages smoothly 
over stall to produce a relatively smooth surge line, increasing 
_ the loading of the later stages usually affords no surge-line im- 
provement because in such a case the surge mass flow is a function 
not only of the early-stage stall points, but also of the stabilizing 
influence of the later stages. Increasing the loading of these 
stages by, say, reducing blade stagger, moves their characteristics 
to higher flow coefficients as described earlier, thus reducing their 
stabilizing influence for a given compressor-inlet mass flow. It 
is then generally found that the increase in surge-point over-all 
pressure ratio is counterbalanced by an increased surge-point 
-mass flow so that the surge line remains essentially unchanged. 
Increasing the loading of the later stages at mass flows corre- 
sponding to the early-stage-group stall point can be accomplished 
either by reducing their stagger or by increasing their annulus 
areas. (The latter reduces the flow coefficient into the later stages, 
and hence increases the pressure coefficient, for a given mass 
flow.) Care should be taken that a stage which might be con- 
tributing to surge at intermediate speeds is not uprated. 
Since at the higher speeds surge is usually a function of stalling 
of some rear stage or stages, there is a danger that uprating any 
_ of the later stages will cause a surge-line deterioration in this re- 
gion. Attempts should be made, as described earlier, to ascertain 
those stages responsible for surge at the higher speeds, so that they 
can be left unmodified if such deterioration in surge line cannot be 
tolerated. However, if the engine surge margin at the higher 
speeds is sufficiently wide to allow some surge-line deterioration, 


all the rear stages may be uprated by some degree, with conse- 


quently a more pronounced surge-line improvement at the inter- 
mediate speeds. High-speed surge is discussed in the next section. 
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Fig. 19 Surge-line improvement at intermediate speeds by modifi- 
cation to load rear stages 


Fig. 19 illustrates the effect on the over-all characteristics of 
uprating the later stages. There is usually again negligible 
change in the surge line at low speeds, as similarly shown by 
unloading the early stages. Also, as is generally the case when un- 
loading the early stages, and for basically the same reason, loading 
the later stages as a rule causes the surge-line knee to appear at a 

lower speed; i.e., the loaded rear stages operate farther from 
choke at a given mass flow, so that the speed at which their 

_ stabilizing influence becomes sufficient to enable the early stages 

- to operate over stall without causing surge is lowered. 

‘The change in surge performance which might be expected at 

high speeds is not shown in Fig. 19, since this depends on the 

_ particular stages modified, as described in the next section. 

Surge-Line Improvement at High Speeds. Stalling of some later 
stage or stages is usually the cause of surge at the higher speeds. 
When such stages possess very small ranges between choke and 
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stall (due perhaps to radial mismatching or to the existence of 
poor velocity profiles at these stages) or where the relative stage 
matching is poor, surge can occur while the early stages still 
operate at high flow coefficients and hence low pressure co- 
efficients. For example, at design speed this can lead to the over- 
all characteristic reaching surge even before design pressure ratio 
is attained. 

The first step in attempting a surge-line improvement at the 
higher speeds is to ascertain which stage or stages are responsible, 
in the manner described earlier. (It may even be possible to note 
some stage characteristic actually showing a stall at high speeds, 
but this, as stated previously, is fairly unusual.) 

Reducing the stalling flow coefficient of the stages responsible 
for surge allows the preceding stages to operate at lower flow co- 
efficients and hence higher pressure coefficients at surge. Again, 
any loss in stall pressure coefficient of the modified stages detracts 
from the new surge-point over-all pressure ratio, and also tends to 
prevent the flow coefficient into the succeeding stages from fall- 
ing. However, the latter means little loss in potential surge pres- 
sure ratio, since at these high speeds, any succeeding stage is 
generally operating on relatively flat portions of characteristics 
where little pressure coefficient is gained by reducing flow co- 
efficient. 


ORIGINAL 


ORIGINAL KNEE 


“INCREASING 
SPEED 


2 
<a 
a 
2 
a 
J 
w 
> 


MASS FLOW 


Fig. 20 Surge-line improvement at high speeds by modification to 
unload rear stages 


Typical effects of increasing stagger of those later blade rows 
responsible for surge at the higher speeds is shown in Fig. 20. At 
higher speeds, where the earlier stages are generally the first to 
reach choke, the maximum mass flows are unaffected, but the re- 
duced flow capacity of the later stages cuts down the maximum 
flows at lower speed. It has been described already how uprating 
the later stages can improve the surge line at intermediate speeds 
where surge is triggered by the early-stage stall points. By the 
same token, unloading the later stages can worsen the surge line 
in this region. Any knee is generally moved to a higher speed 
and becomes more acute. When several of the rear stages are 
suspected of causing surge, restaggering the whole group may 
more than counterbalance the increased pressure ratio given by 
the preceding stages, giving a surge point lower in pressure ratio 
as well as mass flow, with consequently no improvement in the 
surge line. A more effective method of surge-line improvement 
in such a case is to reduce the local annulus areas. 

Using the continuity equation, and assuming a polytropic ef- 
ficiency of 0.88 and a ratio of specific heats of 1.4, we may write 
for any plane in the compressor the approximate relationship 


P 0.675 
M « {| — 
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mass flow = 
compressor inlet pressure 
pressure at plane considered = an>4 
= annulus area 
flow coefficient at plane considered snmatnhey 
= compressor rpm 


When we consider surge-point conditions for the plane at entry 
to the stage causing surge, we may write 


P 0.675 
M,« ( ) AON 
P, 


where s refers to surge-point conditions. 

If all the stages succeeding that which causes surge were left 
unaltered, then the pressure ratio generated by these stages at 
surge remains constant, and we may then write 


P. \ 0-67 
M, « ( ) A,o.N 


where (P:/P,), is now compressor over-all pressure ratio at surge. 

Thus, if the over-all pressure ratio at a given speed were varied 
by modifying only stages or annulus areas prior to the stage 
which causes surge, the surge point always would be constrained 
to appear approximately on a line corresponding to the stalling 
flow coefficient of the stalling stage defined by rie 


( P, \ 
M,« 
) 


In passing, it may be noted that this is why modifying the early 
stages to improve the part-speed surge line, as described earlier, 
has little effect on the high-speed surge line. 

If the annulus areas through the stage responsible for surge and 
any succeeding stages were reduced by a given percentage, the 
line corresponding to ¢, = const on the over-all map thus moves 
to lower mass flows by the same percentage. This is shown in 
Fig. 21. The new surge point given by the annulus reduction 
must lie on this new line. 

It is also known that the new over-all pressure ratio at the 
mass flow corresponding to the original surge point must be some- 
what lower than the original because the rear stages now 
operate at higher flow coefficients. In addition, the new surge 
pressure ratio will be higher than the original since the earlier 
stages now operate at lower flow coefficients and hence higher 
pressure coefficients. Thus the over-all characteristic at high 
speed will change as shown in Fig. 21. At intermediate speeds, 
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Fig. 21 Effect on surge line at high speeds of a modification to reduce 
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the changes will be similar to those given by increasing the stagger 
of the later stages as shown in Fig. 20. 
We may examine Equation [7] to show the relationship be- 
tween the maximum flows and the surge line at high speed. 
Rewriting Expression [7] 


(= M, 


As described earlier, the rate of increase of maximum mass flow 
falls off at high speeds when the early stages commence to choke, 
while surge occurs when the over-all characteristic is still almost 
vertical (i.e., little difference between maximum and surge-point 
mass flow). The value of the ratio M,/N therefore tends to fall 
with increasing speed. If surge was caused by stages very near 
the rear end of the compressor, the rate of increase of (P./P,), 
with speed would diminish and, according to Expression [8], the 
surge-line slope eventually would become zero and then assume 
a negative value if 4,/N became sufficiently low. The equation, 
however, takes no account of the falling efficiency with speed, 
which, in fact, increases the exponent, and also disregards the in- 
crease in pressure ratio of the stalling stage itself and any succeed- 
ing stages, as speed increases. However, Expression [8] does 
afford a broad explanation as to why a surge-line slope may 
diminish at the higher speed. 

It has been shown that the surge line is little affected by varying 
the pressure ratios of stages before that which causes surge. The 
surge point is constrained to appear on a line such that any change 
in surge-point pressure ratio tends to be counterbalanced by a 
change in surge-point mass flow. 

However, increasing the loading of stages behind that which 
triggers surge will raise the surge points to higher pressure ratios 
without affecting the surge-point mass flows. (This modification 
is, in fact, the same as described earlier in connection with raising 
the surge line at intermediate speeds when an early stage triggered 
surge.) . The earlier the stage causing surge, the more stages there 
are which can be uprated, and the larger the possible surge-line 
improvement. 

When the final stage causes surge, this scheme then cannot be 
employed. For example, it may be that at design speed the last 
two stages can be uprated to improve the surge line, but at some 
overspeed condition, one of these stages may initially have been 
responsible for surge, so that its uprating consequently could 
worsen the overspeed surge line. 


Efficiency Improvement 


The over-all efficiency given at any particular operating point 
is a function both of the efficiency characteristic of each individual 
stage and of the stage matching which exists at that point. 

At low speeds, the over-all efficiency is poor because several 
early stages operate stalled while the rear stages operate near — 
choke. The fall-off in efficiency can thus be delayed to lower | 
speeds by either reducing the stalling flow coefficients of the 
early stages or by increasing the choking mass flow of the later 
stages. Such schemes are generally employed with the main 
object of improving the surge line at intermediate speeds. 

It is usually more important, however, to increase over-all ef- 
ficiency in the region of design speed. Here it is unusual vo find 
any stages stalled, but inefficiencies sometimes can be traced to 
early stages operating near choke even up to the surge point. 
When there does not appear to be any particular mismatching of 
the stages, the reason for a poor over-all efficiency must be sought 
in the detailed. flow conditions of the individual stages. 
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Discussion 


W. A. Benser.? The paper presents a very interesting discus- 
sion of off-design operating problems of multistage axial-flow 
compressors. Stage-matching techniques, such as used by the 
author, are extremely helpful in obtaining and understanding 
stall and surge problems and in evaluating various design philoso- 
phies and modifications to improve part-speed performance. As 
he points out, publications on this subject have been limited. 
Several unclassified papers based on stage-stacking techniques 
have been published and are considered pertinent. 

Stage-stacking studies done at the NACA in general verify the 
conclusions drawn in the subject paper. Messrs. H. B. Finger and 
J. F. Dugan examined the effect of the shape of the stage-charac- 
teristic curves on off-design performance and obtained results 
similar to those predicted by Mr. Stone. Messrs. Finger and 
Dugan also examined the effects of stage rematching by means of 
area change as well as stator-blade resetting. Area change gave 
a marked improvement in part-speed efficiency; but when scaled 
to the same design weight flow, indicated no gain in regard to the 
surge limits. Improvements in low-speed efficiency, however, are 
beneficial in avoiding low-speed stall in gas-turbine-type engines. 
These results are presented in detail elsewhere.* 

Studies also were made on the effects of stage interactions on 
part-speed compressor operation. In this analysis, a depreciation 
of performance of several stages was assumed to result from stall 
of the inlet stages. This study also indicated the double-valued 
performance characteristics and potential surge-line knee dis- 
cussed by the author. They also indicated the necessity of care- 
ful component test procedures to insure obtaining all possible 
potential operating s»nditions for any given compressor. These 
results have been reported by the writer.‘ 

The low-speed operating region where stall exists in the front 


stages of a multistage matching is of extreme importance from 


the standpoint of blade vibration. In this region of compressor 
operation, rotating stall may exist which, if in resonance with the 
blades, can cause severe blade vibrations even though the result- 
ing flow fluctuations are not sufficiently large to cause severe 
penalties in compressor efficiency. This problem was discussed 
by M. C. Huppert and W. A. Benser.’ In this paper it was as- 
sumed that rotating stall occurred at the point of inlet-stage 
stall. However, E. L. Costilow and M. C. Huppert® point out 
that the cccurrence of rotating stall is affected by stability 
and that adjacent blade rows influence the initial point for ro- 
tating stall. Stalling of the inlet stages is a necessary condition 
for the occurrence of rotating stall at low compressor speeds and, 
therefore, analysis of first-stage stall limits are valuable in re- 
gard to determination of the region of potential blade vibrations 
resulting from this unsteady-flow phenomenon. 

The author points out the potential use of stage stacking in com- 
pressor development. He states that changes in stage charac- 
teristics as well as blade-incident Mach number must be con- 
sidered. Wall boundary-layer blockage also may influence the 


* National Advisory Committee for Aeronautics, Lewis Flight 
Propulsion Laboratory, Cleveland, Ohio. 

*“Analysis of Stage Matching and Off-Design Performance of 
Multistage Axial-Flow Compressors,” by H. B. Finger and J. F. 
Dugan, NACA RM E52D07, June 27, 1952. 

*“Analysis of Part-Speed Operation for High-Pressure-Ratio 
Multistage Axial-Flow Compressors,” by W. A. Benser, NACA RM 
E53115, December, 1953. 

5“‘Some Stall and Surge Phenomena in Axial-Flow Compressors,” 
by M. C. Huppert and W. A. Benser, Journal of the Aeronautical 
Sciences, vol. 20, no. 12, 1953, pp. 835-845. 

6 “Some Effects of Guide-Vane Turning and Stators on the Rotat- 
ing-Stall Characteristics of a High Hub-Tip Ratio Single-Stage Com- 
pressor,” by E. L. Costilow and M. C. Huppert, NACA TN 3711, 
April, 1956. 
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results obtained from such an approach. The stacking analysis 
determines the blade operating condition from continuity. The 
stage performance, however, is determined primarily by the con- 
ditions over the major portion of the blade span. Large varia- 
tions in boundary-layer blockage, therefore, will tend to shift the 
stage characteristic along the flow-coefficient axis and may in- 
fluence the results obtained experimentally. The general ap- 
proach, however, is good and, if good stage data are available, the 
effects of rematching can be evaluated moderately well up to the 
point where stall occurs in some stage. Beyond this point, varia- 
tions in stage-interaction effects can be of major significance. 

Another approach in regard to development of a compressor is 
proposed by J. T. Sinnette, Jr., and W. J. Voss.?_ In this report, 
pitch-radius conditions are calculated by means of one-dimen- 
sional-flow equations using an estimated polytropic exponent. 
This method is applicable to both rotor and stator-blade-angle 
resetting. The report presents calculated as well as experimental 
results for an 8-stage compressor for three different stator-angle 
settings. 

Analyses, such as discussed by the author and in the reports 
mentioned, aid materially in understanding the flow processes in 
multistage axial-flow compressors. They also furnish the de- 
velopment engineer with tools to simplify development of a given 
compressor. Development, however, requires a complete per- 
formance evaluation of the initial model of the machine. 


J. F. Klapproth.! This is an interesting presentation of some of 
the results that can be obtained through a stage-stacking study. 
As demonstrated, the stage-stacking technique provides a simple 
means of obtaining an insight into the operation of a multistage 
compressor at conditions other than the design point. It also 
provides a powerful tool for evaluating the effect on the compres- 
sor over-all performance caused by small changes in the geometry. 

The discussion concerning the problem of improving the com- 
pressor surge line is a graphical illustration of the dilemma con- 
fronting the designer. If a reasonable matching of the stages and 
proper selection of the blading have been made for the design 
condition, then a given surge-line characteristic is almost inherent 
to that design. Significant changes generally can only be made by 
sacrificing the performance at some other condition, use of bleed, 
by variable geometry, or split-spool arrangements. 

Further useful applications of the stage-stacking technique 
which were implied by the author are as follows: 


1 Evaluation of bleed to determine the best location of the 
bleed position or positions, as well as an estimate of the amount of 
bleed required. 

2 Evaluation of the axial distribution of stage loading 
through the compressor or the effect of stage match-point selec- 
tion on the over-all performance. 

3 Determination of the effect on the over-all performance of 
adding a stage either at the inlet or discharge. 


Some additional comments might be made concerning the 
effect of variation in stage geometry on the stage performance 
characteristic. Fig. 15 illustrates the general changes that can 
be expected with a reduction in inlet guide-vane stagger. If the 
performance is known for a given geometry, then the character- 
istic for a different vane-setting angle can be obtained as follows: 


1 A constant incidence angle on the rotor lies along the line 
wv/¢ = const if the assumption is made that the stage efficiency, 
axial-velocity ratio, and rotor-discharge angle are primarily a 
function of rotor-incidence angle. 

7“Extension of Useful Operating Range of Axial-Flow Compressor 
by Use of Adjustable Stator Blades,” by J. T. Sinnette, Jr., and W. J. 
Voss, NACA Report 915, 1948. 

8 Supervisor, Compressor Development, Flight Propulsion Labo- 
ratory Department, General Electric Company, Cincinnati, Ohio. 
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2 At a constant rotor-inlet angle, the change in flow co- 
efficient associated with a given change in upstream stator-dis- 
charge angle is found from a 


l 
= d (tan 


The characteristics obtained from the foregoing procedure should 
be fairly accurate for the later stages. However, changes in the 
radial matching might cause the characteristics to deviate for 
inlet or low-radius-ratio stages. 

This procedure is also quite useful in correlating data obtained 
from tests with variable vane-setting angles. The same approach, 
suitably modified also can be used to determine the influence of 
variation in rotor stagger. 

One question might be asked concerning the effect of Mach 
number on the stage characteristic. Fig. 7 indicates that not 
only the range in flow coefficient is reduced but the maximum 
pressure coefficient is also reduced over the entire range. This is 
contrary to what might be expected based on airfoil experience 
which shows increase in lift coefficient with Mach number at a 
given angle of attack. In addition, compressibility effects of re- 
duced axial velocity behind the rotor at higher Mach numbers 
also would tend to increase the pressure coefficient. If a higher 
pressure coefficient does exist at higher Mach numbers, then 
caution should be applied when interpreting the point of maxi- 
mum pressure coefficient as onset of stall. The usual data prefera- 
bly should be supplemented with information concerning the 
existence of stall. These data can be obtained from the usual in- 
strumentation such as hot wires, microphones, and so on. 


C. B. Wrong.’ The author has presented a lucid and thorough 
description of the use of stage characteristics in axial-flow-com- 
pressor development. The paper will serve as excellent source 
material for many people engaged in this type of work. 

The writer would like to emphasize the possibilities of stage- 
stall interaction. Disturbances from a stalled stage can be 
strong enough to cause premature stalling in downstream stages 
even when the matching is such that the stall points of these 
stages are actually well away from that of the upstream stage. 
In such a case the apparent range of an affected stage can be 
seriously lower than its true range, thus its potential in develop- 
ment of the compresser cannot be recognized. This situation can 
be resolved by the use of variable-stagger inlet-guide vanes (IGV). 
Positive settings of IGV normally affect the inlet stage only. In 
the case under discussion, however, as the inlet stage is unloaded 
its stalling flow coefficient will diminish and the true range of 
downstream stages will be available. This effect is shown in Fig. 
22 of this discussion; the solid curves represent the positive- 
stagger IGV case, the dashed curves the design IGV setting. 

Once responsibility for surge at a given speed has been assigned 
to a particular stage, there still exists the problem of determining 
the share of responsibility for stall due to each blade row in the 
stage. If variable-stagger stator blades are incorporated in the 
test unit, and testing time is available, the performance of each 
stage for a range of stator-stagger angles can be measured. This 
can be tedious and uneconomical, however, even if sufficient auto- 
matic data handling equipment is used. 

Here the calculation of individual blade-row characteristics can 
be helpful. These may be expressed usefully as the wall static- 
pressure ratio across a row, plotted against flow coefficient at inlet 
to the stage, Fig. 23. 

The slopes of the blade-row characteristics determine the rela- 
tive stabilities of the rotor and stator, and thus the blade row 


* Chief Aerodynamics Engineer, Orenda Engines Limited, Toronto, 
Canada. 
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Fig. 22 Differences between actual and apparent operating ranges 


needing attention. From basic considerations, the higher speed 
blade-row characteristics for a rotor exhibit steeper slopes than 
those for a stator when both are based on outer-wall static pres- 
sures. Hence due care must be exercised in the interpretation of 
these results. Also experience has shown that these characteris- 
tics are quite sensitive to the positioning of the wall statics, and 
generally show slightly pessimistic stator values and correspond- 
ingly optimistic rotor values. 

Neither the stage characteristic nor the blade-row characteris- 
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tie will define how a stage stalls; i.e., which blade section stalls 
first, if any. Full measurement at inlet to each blade row of pres- 
sures, temperature, and yaw angles would determine this, but 
such measurement is seldom feasible in a multistage axial-flow 
compressor. If, in addition to wall static pressures, radial readings 
of total pressure and temperature are available (either from rakes 
between the stators or suitably instrumented stator blades, the 
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latter causing less blockage), a relatively simple calculation will 
yield local pressure coefficients. When these are reduced to a 
common value at the design flow coefficient and plotted together 
against mean stage-flow coefficient, a relationship such as that 
shown in Fig. 24 results. 

This figure represents a typical stage wherein the tip section 
triggers stall. The effects of normal low hub stagger and high 
tip stagger on the rate of change of AVw with change in Va are 
shown clearly here, along with the characteristic sharp and soft 
stalls of high and low stagger blading, respectively. From such 
data the critical radial portion of a stage and the extent of correc- 
tive action can be determined. 


Author’s Closure 


As Mr. Benser states, prosecution of a logical development 
program necessitates a complete performance evaluation of the 
initial model, including conducting test procedures aimed at 
revealing any potential double-valued performance character- 
The stage characteristics should then be systematically 
analyzed to determine as far as possible the reasons underlying 
the salient features of the over-all performance. This analysis 
should, for example, attempt to show which stages are respon- 
sible for the surge and maximum flow limits at each speed. Some 
of the conclusions reached will necessarily be tentative and may 
be disproved by future tests, but at least one has a basis for pro- 
posing a logical development program and predicting the effects 
of modifications. 

As Mr. Klapproth suggests, the stage stacking technique is 
useful not only for theoretical analysis of paper designs, but also 
as a practical tool to aid compressor development. The simple 
approximations described by Mr. Klapproth for assessing the 
effect on stage performance when blade settings are varied gen- 
erally give quite good results in practice, although it is agreed 
that the method does tend to lose accuracy when applied to low 
radius ratio stages. 

Regarding the effect of Mach number on the stage character- 
istic, it is, of course, true that isolated airfoils tend to show an 
increase of lift coefficient with Mach number at a given angle of 
attack, but this increase is continuous only up to the critical 
Mach number of the section. However, both profile drag co- 
efficient and induced drag coefficient increase with Mach number, 
even before the critical Mach number is reached. 

Cascade tests conducted under carefully controlled conditions 
indicate similar results as regards the change of lift and drag 
coefficients with Mach number. They also show that the turning 
angle remains sensibly constant up to the critical Mach number, 
then falls steeply. As may be seen from the velocity triangle 
diagram, this implies that the increase of lift coefficient with 
Mach number is due solely to the reduction in axial velocity ratio 
resulting from compressibility. 

That lift coefficient increases with Mach number until the 
critical value is reached, implies that stage temperature coef- 
ficient behaves similarly. However, the pressure coefficient also 
depends on stage efficiency, which in turn is a function of profile 
and induced drag coefficients. The net effect on pressure co- 
efficient for a typical stage is generally that, as Mach number is 
increased from very low values up to about 0.6, there is a small 
increase in pressure coefficient, but that there is then little change 
in pressure coefficient as Mach number is increased up to the 
critical. Further increase in Mach number usually means a 
drop in both pressure and temperature coefficient. The critical 
Mach number depends of course on the type of blade section 
employed. 

Mr. Klapproth’s comments concerning finding the stalling 
point flow coefficient of a particular stage in the compressor are 
Generally, only the early stages operate over a suf- 
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ficiently wide range of flow coefficient to show the peak pressure 
coefficient followed by the fall-off associated with stall. 
then, 


Even 
the range of flow coefficient which includes this definite 
evidence of stall generally only occurs at intermediate compressor 
speeds. At higher speeds the early stages operate over a range 
of higher flow coefficients and a fall-off in pressure coefficient 
actually indicating stall may no longer be apparent. But since 
the stalling point would be expected to occur at higher flow co- 
efficients with increasing speed, it is still possible that stall is 
again reached, but that compressor surge then occurs, preventing 


the observation of points at lower flow to show the actual fall-off 
in pressure coefficient. 

In answer to Mr. Wrong, it is agreed that increasing the inlet 
guide vane stagger can help to determine whether, with standard 
stagger, stalling of the first stage induces stalling in a succeeding 
stage. It might be pointed out, however, that due to the re- 
duction of first stage density rise, the reduction of flow coefficient 
into the succeeding stages is of smaller order than the correspond- 
ing reduction of flow coefficient into the first stage. This fact, 
incidentally, causes difficulties when attempting to rematch a 
group of inlet stages to obviate simultaneous stalling. 
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rediction of Creep in Bending _ 


From Tension- and Compression-Creep Data 


Creep Coefficients Are Unequal 


By W. N. FINDLEY,' J. J. POCZATEK,? anv P. N. 


The method of predicting creep in bending from data on creep 
in tension previously described has been extended to the pre- 
diction of creep in bending when the creep in tension and com- 
pression are unequal, and when the time-dependent and time- 
independent stress functions are unequal. It was shown that 
the stress distribution and position of the neutral axis in a 
beam changed with time when the creep in tension and compres- 
sion were unequal; and the stress distribution changed with 
time when the time-dependent and time-independent stress 
functions were unequal. Computed creep deflections were com- 
pared with available data on canvas laminate and polystyrene, 
with good results for the former and fair results for the latter. 


Introduction 

In a previous paper [1]‘ the existing literature related to this 
problem was reviewed and a method was derived for predicting 
creep in bending from the creep data in tension. In that paper, 
the creep behavior of the material was assumed to be equal in 
tension and compression, and the coefficients of the time-depend- 
ent and time-independent terms of the stress function were con- 
sidered equal. 

The present paper extends the analysis to include bending of 
materials which have unequal creep in tension and compression, 
and which exhibit unequal coefficients of the time-dependent and 
time-independent terms. 


Bending With Unequal Creep in Tension and Compression 


Derivation: 

In previous papers [2, 3, 4] the creep curves obtained from a 
canvas laminate tested at different constant stresses in tension 
were found to be closely described by an equation of the form 


€ = € + = (€’ + m’t") sinh (1) 


where ¢€ is the strain; ¢ is the time under a constant stress 7; €’, 
m’, n, and go are constants whose values depend on the material 
and temperature; and € and m are functions of stress. 

The stress dependence in this relation is of the same form as 
that in the activation-energy theory of creep as advanced by 
Kauzmann [5]. It has also been shown [4] that an equation for 
the stress-strain curve obtained from a constant-strain-rate ten- 
sion test could be derived from equation (1) and that the resulting 
equation was in close agreement with the experimental data. It 
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should be noted that the time-independent term €& = 6’ sinh 
o/c» in equation (1) expresses the instantaneous strain, that is, 
the strain at time zero, and that it does not represent linear 
elasticity except when gp» is large compared to c. 

Equation (1) accurately represents the creep data of some ma- 
terials under conditions of constant stress. It may not, however, 
accurately describe creep under varying stress. Thus if the 
stress distribution in the beam changes during creep, as described 
by Popov [6] and Fried [7] some inaccuracy may be introduced 
by the use of this equation unless the material obeys the time- 
hardening law [8], which is probably not the case. 

Some materials evidently have unequal creep behavior in ten- 
sion and compression [9]. 

If the constants in the equation for tension are all different from 
those for compression, the creep equations may be written 

€r = + sinh o7/oor (2) 
€, = + m,'t") sinh (3) 


where the subscripts 7 and s denote tension and compression, 
respectively. 

To determine the bending-creep relation, the conditions of 
equilibrium and geometry must be satisfied. From the observa- 
tion that plane sections remain plane in a beam subjected to a 
uniformly or nearly uniformly distributed bending moment the 
following well-known geometrical relations are obtained 


where yr and y, are the normal distances from the neutral axis to 
any point in the tension or compression side of the beam, respec- 
tively, €7 and €, are the corresponding strains, and p is the radius 
of curvature of the neutral axis. The neutral axis is at some 
undetermined distance c from the extreme ‘“‘fiber’’ on the com- 
pression face of the beam. 

The fact that plane sections in a beam subjected to pure bend- 
ing remain plane has been demonstrated for plastically bent 
beams by Nadai [10] and for creep of lead beams by MacCullough 
{11]. Also, consideration of compatibility of strains in the dif- 
ferent ‘‘fibers’’ of a beam of great length, bent by a constant 
bending moment into the arc of a circle, suggests that plane sec- 
tions must remain plane at all points along the beam which are 
remote from the ends. If this were not so, different fibers 
would be markedly displaced relative to each other at points at a 
distance from the mid-span of the beam. 

The conditions of equilibrium for a beam are expressed by the 
following equations when the accelerations involved in the creep 
are so small as to be negligible—which is usually the case. 


f odd =0 
e—h 


ce 
oydA = M 


| 


| 
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= 
where A is the cross-sectional area of the beam, / is the depth of 
the beam, and c is the distance from the neutral axis to the 
compression face of the beam. 
Solving for 77 and ga, in equations (2) and (3) and substituting 
equations (4) for e, and €7 the following equations are obtained 


Yr/P 
€or’ + 


N 
= = gor sinh~' — yp (7) 
p 


r 


y,/p 
= sinh=! — y, 
p 


+ m,'t"T 


1 
=— and N = 


€or’ + m,'t™ 


have been introduced. 
For a beam of rectangular cross section of width b, dA = bdy. 
Making this substitution, equations (5) and (6) become 


0 
dy = 
b or dy + f, o,dy =0 


0 
M = dy + of, oy, dy 


Substituting for o7 and ¢, from equations (7) and (8) into 
equation (9), and integrating, the resulting expression becomes 


= sinh 


where the symbols 


(9) 


(10) 


or J, 


Ny 

(h c) f 

Tor N, . N, N, d \ 

N, p p p f 


Substituting for a, and o, from equations (7) and (8) into 
equation (10) and integrating 


| 
{[2* (h or +1] sinh~! (h —c) 
1/2 
p p 
c)' + sinh-1 c 
p p : 


4(N,)? 
N 2\"/2 
+ (12) 
p 


(11) 


M= 


tions of time it is evident that the ratios V,/p and N/p cannot 
both remain constant and independent of time. Hence from 
equation (11) it follows that c must vary with time. 

Since the ratios N,/p and N7/p change with time the stress 
distribution must change with time. This follows from equa- 
tions (7) and (8). Not only does the stress distribution change 
with time because of the time dependence of these ratios but 
because the position of the neutral axis changes with time and 
this affects the values of yz and y, in equations (7) and (8). 

It is easily verified that equations (11) and (12) reduce to equa- 
tions (16) and (18) in the previous paper [1] when tension and 
compression creep are equal. 

Illustration: 

Equations (11) and (12) have been solved for the particular 
problem of a beam of canvas laminate in which the creep in ten- 
sion and compression were described by relations of the form of 
equations (2) and (3). The constants chosen for creep in tension 
were the same as employed for the canvas laminate analyzed in 
the previous report [1]; €:r = my’ = 0.001875 in. per in., Gor = 
4000 psi, and ny = 0.1183. 

The creep behavior of this laminate in compression was not 
known. So to illustrate the effect of different constants in com- 
pression the constants for creep in compression were arbitrarily 
chosen to be 20 per cent higher than those for tension creep; 
6, = m,’ = 0.002250 in. per in., a, = 4800 psi, and n, = 
0.14196. 

To solve equations (11) and (12) for the purpose of determining 
the deflection-time relation in bending, the values of N, and Ny 
were computed for a particular set of values of time ¢. Then the 
constant coefficients in the equations were computed by a 
numerical procedure in which N7(h — c)/p and N,c/p were used 
as variables. 

From the values of the variables which satisfied equations (11) 
and (12) the values of p and c were computed, and from p the 
deflection was computed by means of equation (13). The deflec- 
tion-time relation for a bending moment of 679 in-lb determined 
in this way is shown in Fig. 1 together with the corresponding 
experimental bending-creep curve and the theoretical creep 
curve for equal creep in tension and compression. The test 
selected for inclusion in Fig. 1 was that which was in best agree- 
ment with the theory presented in reference [1]. 

The following observation was of interest: In spite of the fact 
that the assumed creep in compression varied from 20 per cent 
greater than in tension at ¢ = 0 to 33 per cent greater than in 
tension at 880 hr for the same stress, the computed creep in bend- 
ing was nearly the same, over the time interval considered, as 
that computed for a beam in which the creep in compression was 
the same as that in tension. 


Fora given constant bending moment M appliedforagiventime | 


t to a given beam, equations (11) and (12) are simultaneous 
equations in two unknowns, the location of the neutral axis c and 
the radius of curvature p. Values of p and c may be obtained 
by trial. 

For a beam of constant bending moment the deflection at 
mid-span may then be obtained from the well-known onal 
rical relation 


(13) 


where z is the deflection at the center relative to the ends of a _ 
span of a beam of length / subjected to a uniform bending mo- | 


ment. 

The stress distribution may be obtained from the value of ¢ 
and equations (7) and (8). 

Since N, and N 7 are functions of time the radius of curvature 
p will change with time. Since N, and Ny are unequal func- 
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Fig. 1 Defiection-time relation in bending creep from different 
theories, for canvas laminate at 77 F and bending moment of 679 in-Ib 
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Fig. 2 Location of neutral axis during creep in bending when ten- 
sion and compression creep are unequal, for canvas laminate at 77 F 
and bending moment 679 in-lb 
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stress, the creep in bending can be expressed by equations derived 
in the following manner: 
Equation (14) may be written as follows by dividing by &)’ 


= 


e = sinh z + sinh ar (15) 


where 


T =—-; 


a = g,/o,, and zr = a /o, 


(16) 


For a straight beam of rectangular cross section in which the 
creep equations in tension and compression are identical, the 
neutral axis can be shown to be at half the depth of the beam. 
Thus from statics the bending moment M in a beam of width 
b and depth h is related to the stress o by the following equation 


T 


= + 
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Fig. 3 Creep in bending for canvas laminate at 77 F and a bending moment of 679 in-lb when tension 
and compression creep are unequal: (a) Stress distribution during creep, from equations (7, 8); (b) de- 


viation from linear stress distribution during creep 


The position of the neutral axis was found to vary with time 
from one side of the center line to the other as shown in Fig. 2. 

The distribution of stress across the beam was computed at two 
different values of time from equations (7) and (8), and was 
plotted for a time of zero and of 880 hr in Fig. 3(a). It was ob- 
served that the change in stress distribution was relatively small— 
less than 2 per cent in 880 hr at the extreme fiber. This was 
probably due in part to the fact that the time-dependent and 
time-independent stress functions were equal. 

In order to better illustrate the change which occurred in the 
stress distribution, the difference between the computed stress 
distribution and the equivalent linear-stress distribution was de- 
termined for three values of time and is shown in Fig. 3(6). It 
was found that a high degree of precision was required in the 
computations to insure accurate results in the stress distribution. 


Bending With Unequal 
Stress Functions 


Time-Dependent and Independent 


Derivation: 

The creep behavior of some materials is accurately represented 
by a more general form of equation (1) in which the constants in 
the stress function are different for the time-independent and 
time-dependent terms as follows 


€ = sinh + m’t" sinh (14) 


When the tension and the compression-creep behaviors are 
identical and are single-valued functions of stress and time, as de- 


scribed by equation (14) for constant stresses or small changes in 


M= 


c 


c = half the beam depth 
y = distance measured from the neutral axis in « direction per- 
pendicular to the neutral axis 


of. ory dy 


where 


From the geometry of strains as expressed by equation (4) and 
the creep relation, equation (15), the following was obtained 
y = pe = pe’e = pe’ (sinh z + 7 sinh ar) (18) 
Differentiating equation (18) at constant p and 7’ 
dy = p&’ (cosh z dz + aT cosh ax dr) (19) 
Substituting equations (18) and (19) into equation (17) for 
any given time ¢ (and corresponding 7 and p) and expanding 


* 
M = bo{pe’) z sinh z cosh x dz — 


Zi 
+ aT f z sinh z cosh az dr + T f z sinh ax 
cosh z dx + aT? i z sinh az cosh ar az! (20) 


where the limits of z correspond to the limits of y; that is, z; is 
the stress at y = cand —z 7; is the stress at y = —c. 

Performing the integration as indicated in equation (20), the 
resulting equation for radius of curvature p as a function of 
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bending moment 7 and stress at the extreme fiber o, = oer: 
was 

y 


+47 E sinh x, sinh ax; — 


M= sinh? + 1)a, — sinh 2, cosh 


[(2 sinh? az, + — sinh ax; cosh 


(a sinh x, cosh az, 
) 


(a? — 1 


— cosh x; sinh ax, It (21) 


Solving equation (18) for 1/p when y = ¢ and x = 2, the fol- 
lowing is obtained 


1 
= — (sinh zm + 7 sinh az,) 22) 
poe 

These two independent relations, (21) and (22), can be solved 
simultaneously at any given time t = 4, (or 7’ = 7) for the ex- 
treme fiber stress function zx; and the radius of curvature p. The 
deflection for a beam having uniform bending moment may then 
be obtained from equation (13). 

If the ratioa = o,/c,, is allowed to equal unity, equation (14) 
reduces to equation (1). Consequently, equation (21) may be 
shown to reduce to equation (18) of reference [1]. 

The simultaneous equations (21) and (22) may be solved by 
substituting equation (22) for p in equation (21), expanding and 
collecting terms in 7’. The following quadratic equativa iu T re- 
sults 

(2M /be?e,) sinh? az; — + 2 sinh? 
+ (1/a) cosh az; sinh az, + T} 
{ [4M /be?o, — 42x;] sinh az, sinh x, 
— [4/(a? — 1)] sinh az, cosh x, 
+ [4a/(a? — 1)] cosh az, sinh x} 
+ x, cosh 2, + (2M/bc?a,) sinh? z; 
— 2(1 + 2sinh?z,)} = 0 (23) 


Equation (23) is then evaluated for the given value of M and 
several reasonable values of x, by using the quadratic formula. 
The solution of the quadratic formula gives the time function T 
corresponding to each chosen stress function z,. From the value 
of T the time ¢ was determined from equation (16). The curva- 
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Fig. 4 Creep tests in tension at different stresses for polystyrene at 
77F 
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ture 1/p was determined from equation (22) by substituting 7 
and z;. Then by utilizing equation (13) the deflection z was de- 
termined for the same value of tine. 

From the values of z, at different times the change in extreme 
fiber stress may be determined as a function of time by use of the 
last relation in equations (16). Also at any given value of time 
and corresponding values of 7’ and p the stress distribution can 
be computed from equation (18). Because the creep functions 
were assumed to be the same in tension and compression the 
neutral axis does not change position with time. 


Illustration: 

Creep data were available for tension [12, 13] and bending 
{12] of polystyrene. The two sets of tension-creep data were 
both made on polystyrene of the same description from the same 
manufacturer. One set of tension-creep data did not have enough 
self-consistency to permit evaluating the constants of the creep 
equation, but by combining the two sets of data this became 
possible—though with limited accuracy. 

It was found that equation (1) could not adequately describe 
the data so equation (14) was tried with the results shown in Fig. 
4. The corresponding values of the constants in equation (14) 


were found to be as follows: 
= 4.3077 X 10-* in. per in. 


20,000 psi 
4.098 X in. per in. 
gel 

These values were obtained largely by trial. The data did not 
yield readily to rational procedures of evaluating the constants 
such as used previously [2, 4]. Utilizing these values of the con- 
stants and the procedure outlined above, the creep in bending was 
computed for a beam of the dimensions employed in the tests of 
reference [12] and a bending moment of 553 in-lb. The results 
of these computations are shown in Fig. 5 together with test 
data reported in reference {12}. 

Also shown in Fig. 5 is the change in the stress at the extreme 
fiber with time. The computed stress at the extreme fiber de- 
creased 10 per cent in 1000 hr and decreased 12.4 per cent in 
3200 hr. Since the bending moment remained constant the stress 
distribution changed. 

The agreement between the theoretical and ee a 
creep deflections was not as good as would be desired although 
the shape of the curve was satisfactorily predicted from 100 to 
1000 hr. Possible reasons for the lack of better agreement may 
be among the following: (a) Creep of the polystyrene tested in 
bending and part of the tension tests may not have been ac 
curately described by the constants selected for the creep equa- 
tion. Some of the tension creep curves for this material showed 
similar departures from the theory in both tension and bending 
tests; (b) crazing was observed to occur in tension creep and on 
the tension side of the beams; (c) the data in the first 100 hr o 
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Fig. 5 Creep tests in bending at different bending moments for 
polystyrene at 77 F 


ad 
3 
r 
q 
| 
« 
| 
Tes’ 
3280.0 
800 _ 
4 
‘ 


creep in bending appear to be more irregular than subsequent 
data; (d) creep in tension and compression may not have been 
the same; and (e) the change in stress distribution with time 
caused the stress on a given fiber to change during creep instead 
of remaining constant as assumed by the use of equation (14). 


Conclusions 

It has been shown that creep and stress distribution in bending 
can be predicted from tension and compression-creep data. How- 
ever, the available test data are inadequate to provide an ac- 
curate check of the theory. 

The theory showed that the stress distribution and position of 
the neutral axis in a beam changed with time when the creep in 
tension and compression were unequal. When the time-depend- 
ent and time-independent stress functions were unequal the 
stress distribution in a beam changed with time. 
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Hydraulic 


The successful use of electronic-analog-computing techniques 
in the simulation of typical hydraulic systems is demonstrated. 
As an example, the instabilities of a certain open-center hy- 
draulic-booster system are simulated, and corrective action is 
indicated and verified. The study involves the analysis of a 
grossly nonlinear system and methods of function generation are 
given. 


Nomenclature 
Tue following nomenclature is used in this paper: i] 
= area of orifice opening at valve port 1, in.? 
= area of orifice opening at valve port 2, in.* 
= area of orifice opening at valve port 3, in.? 
= area of orifice opening at valve port 4, in.* 
= pressure sensitive area at head end of motor, in.* 
= pressure sensitive area at rod end of motor, in.? 


damping coefficient in wheel system, in-lb-sec/radian 
V/s 


2 
hydraulic constant for orifice flow = C, ( > , (for pe- 


troleum base oils Co = 96.5 in?/sec lb'/*) 

orifice discharge coefficient (0.611) 

acceleration of gravity, 386 in/sec? 
(Note that pg = 0.031 lb/in.* for petroleum-base oils) 

inertia of load system, in-lb-sec?/radian 

linkage ratio between load and cylinder, in/radian 

load spring constant, in-lb/radian 

coefficient of elasticity of fluid line between pump and 
valve, in®/Ib 

coefficient of elasticity of fluid line between valve and 
head end of motor 

coefficient of elasticity of fluid line between valve and 
rod end of motor 

pressure drop across valve orifice 1, Ib/in.* 

pressure drop across valve orifice 2, lb/in.* 

pressure drop across valve orifice 3, lb/in.* 

pressure drop across valve orifice 4, Ib/in.? 

pressure on head side of motor, lb/in.? 

pressure on rod side of motor, Ib/in.? 

compressibility flow in supply system, in*/sec 

compressibility flow in head end, in*/sec ¥ 

compressibility flow in rod end, in*/sec 

flow from pump, in*/sec 

flow through restriction 1, in*/sec 

= flow through restriction 2, in*/sec 
flow through restriction 3, in*/sec 


1 Chief of Research, Vickers Incorporated, Detroit, Mich. 
ASME. 

Contributed by the Hydraulic Division and presented at the An- 
nual Meeting, New York, N. Y., December 1—6, 1957, of Tue Ameni- 
CAN SocieTy OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, August 2, 
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Ge 


Q. = flow through restriction 4, in*/sec 


Qmi flow into head side of motor, in*/sec 
Qme flow into rod side of motor, in®/sec 
R radius of circular port opening, in. 
absolute spool travel resulting from input signal, in. 
time, sec 
underlap of rectangular port, in. 
volume of oil under compression in supply system, in.* 
volume of oil under compression between valve and head 
end of motor, in.* 
volume of oil under compression between valve and rod 
end of motor, in.* 
port width of rectangular port, in. 
relative linear displacement between valve and spool as 
measured from mid-position of spool, in. 
height of circular-port segment with valve in mid- 
position, in. 
y = displacement of output, radians -< hen 
8 = bulk modulus of hydraulic oil, Ib/in.* * 
6; chamfer angle of valve spool at tank side, deg 
6, chamfer angle of valve spool at pressure side, deg 
p mass density of fluid, lb sec*/in.* 


Introduction 


The development of hydraulic systems has been based prima- 
rily on a combination of experience with previous applications and 
the conducting of well-planned experiments. A great many suc- 
cessful systems have thus been developed. Within recent years 
the speed-of-response requirements of hydraulic control systems 
has been raised to the point where the inherent limitations of these 
well-tried methods have become evident. The experimental 
procedures, the design by experiment, will at best result in a 
single solution; a new application will require a new set of ex- 
periments to determine the proportions of an acceptable design. 
Furthermore, since experiments of this sort require extensive 
hardware modification, an optimum design is seldom deter- 
mined. There is always a tendency to look for the “quick fix’’ 
rather than the establishment of a basic understanding of the 
system. 

The next step in the evolution of design procedures was to at- 
tempt a purely analytical approach. The serious nonlinearities 
inherent in the equations which characterize the hydraulic system 
indicated the great difficulty of obtaining closed analytical solu- 
tions. The most common approach was to linearize the equations 
by assuming incremental operation about some characteristic 
value, then applying the well-known control-system synthesis 
techniques. 

Much can be learned about the linearized system by the use of 
the Routh-Hurwitz test function, which however permits only the 
determination of conditions of marginal stability (1).* The manipu- 
lations of the Nyquist criteria (2), Bode diagrams (3), Nichols 
charts (4), and other graphical techniques become rather cumber- 


2 Numbers in parentheses refer to Bibliography at end of paper. 
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some if several system parameters are permitted to vary. The 
root-locus plots (5, 6) permit the determination of the degree 
of stability as well as the essentials of the frequency response and 
transient response of a system, but still suffer from the same 
limitations of the previously discussed methods. These methods 
of systems analysis, it must be emphasized, are limited to linear 
systems, or the linearizations of mildly nonlinear systems. 

The phase-plane methods should be mentioned as they permit 
the study of nonlinear systems of second order. These methods 
lend themselves especially to the determination of the transient 
response. The describing-function method of analyzing non- 
linear systems is particularly useful in the study of the response 
of a nonlinear system to sinusoidal inputs. Zaborszky and Har- 
rington (12, 13, 14) have demonstrated the applicability of the 
method to hydraulic systems. The accuracy of the describing- 
function method in the study of fast-response systems has to be 
carefully evaluated since the neglected harmonics above the 
fundamental may not be sufficiently well filtered by the system. 

In many system studies involving multiple nonlinearities, sev- 
eral system parameters may be permitted to vary. The elec- 
tronic analog computer offers a far greater flexibility than any of 
the methods listed, and thus affords an excellent opportunity te 
experiment analytically. 

Any of the system parameters can be changed while the prob- 
lem is running, or a combination of several parameters may be 
varied by the mere turning of an accurately calibrated dial. It is 
thus possible to obtain an unusual understanding of the peculiari- 
ties of the effect of nonlinearities on the system performance. 

The analog computer has found wider and wider use in recent 
years as a means of simulating nonlinear and linear systems. The 
linearized systems were studied with the computer (7) and then 
these results were compared with the analog simulation of the 
nonlinear system (8). The introduction of nonlinearities into an 
analog-computer study do, however, impose far greater demands 
on the stability and accuracy of the computer than does a linear 
study. For systems which do not deviate markedly from the 
linear approximations, excellent results have been found to be ob- 
tainable from the far simpler linear simulation (10). The high de- 
gree of complexity in certain accurate simulations of nonlineari- 
ties is shown in a study by Shearer (11) and to some extent in the 
present paper. 

The validity of the simulation of the physical system depends 
primarily on our ability to properly describe the behavior*of the 
various elements of the system and their interaction within the 
system. We must therefore have a rather complete understand- 
ing of the system before we can profitably use an analog com- 
puter. 

In a recent study, an open-center hydraulic-booster system 
had been designed by the experimental approach. The sys- 
tem was found to go into sustained oscillations when certain large 
disturbances were imposed on the system through the input mem- 
For small disturbances and normal steady operation the 
system behaved acceptably. A purely experimental remedial ap- 
proach did not give a satisfactory solution. The sustained oscil- 
lations resulting from large input disturbances continued to 
occur. Since experimental procedures did not result in any im- 
provement of the objectionable condition, it must be concluded 
that there was inadequate understanding of the system dynamics. 

A program utilizing electronic-analog-computer simulation was 
inaugurated. A crucial first step was the attempt to reproduce 
the behavior of the malfunctioning system. The accuracy of the 
simulations would thus be established and, most important of all, 
confidence would be gained in our ability to represent nonlinear 
systems. The experiments which had not produced any signifi- 
cant improvements would then be simulated in a further attempt 
to prove the validity of the simulation. 
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Only after this confidence in our ability to simulate had been 
established, was a program planned to correct the ills by analytical 
experimentation on the computer. The interesting concept is thus 
proposed that a combination of limited experimentation and 
comprehensive analytical experimentation with the computer 
would lead to an excellent understanding of system peculiarities, 
and in the end lead to vastly sn design of nonlinear sys- 


tems, 


Analysis 


Description of System. A schematic diagram of the system is 
shown in Fig. 1. A constant-volume pump supplies flow Q, to an 
underlapped 4-way spool-type valve. The sleeve of the 4-way 
valve is an integral part of the cylinder resulting in a one-to-one 
follow-up system (unity feedback). e piston rod is fixed to the 
frame of the unit. The cylinder controls the position of the load 


through a suitable linkage. 


Constant 


Fig. 1 Schematic diagram of system 


Assumptions. The following assumptions were made in order 
to arrive at a reasonable analytical representation of the system: 


1 The load is connected by a linear spring to ground. 

2 The circular ports in the sleeve can be approximated by the 
uncovering of circular holes in flat plates. 

3 Since the driving forces on the valve spool are large, all 
flow-induced forces on the valve spool can be neglected. 

4 The effect of valve-spool-centering springs is — 

5 There is no leakage across the piston of the motor. 

6 The lever arm through which the booster acts is constant. 
7 All distributed effects within the system, such as oil-column 
acoustics, were neglected. 


Of interest is the obvious fact that several of these assumptions 
could not be made without considerable prior knowledge of the 
system behavior. 

The spring to ground was cause for great concern. Only after 
extensive study of the actual system was it determined that the 
mounting did not slip on the ground during the oscillations. The 
system under study has a slow response compared to the acoustic 
response of the fluid-transmission lines. Therefore acoustic 
resonances should not be expected to occur. However, in many 
fast-response systems, such as certain electrohydraulic servomotor 
systems and pressure-controlled systems using fast-response 
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Manipulating Equations [1] through [16] results in 


B es dt 
= Q, — CoAi(P, — Pm)'/* — CoAXP, — 


Vi dP 
ky 
dt 
dy 


= CoAK(P, Pa)'/* Pm = P,)'* AmK, dt .. [18] 
— CoAd Pm: — P,)'* + AmK, — - [19] 


Fig. 2 Schematic diagram of 4-way valve & 

regulating and relief valves, these distributed phenomena are 

known to have resulted in the squealing and chattering of valves. 

In such cases assumption 7 must of course be carefully reviewed. 
Basic System Equations. Fig. 1 is a simplified representation of 

the system which results from the assumptions made in the pre- 

vious section. The 4-way valve is analyzed by recourse to Fig. 2. 

The continuity equations for points a, 6, and c, Fig. 2, are derived 

as follows 


Qea Q, —Q, — Q:.. 
= — Qs — Qm.-. 
Qee = Q: — Qe + Qmz- 


The compressibility flows are given by 


aP, 


= Vi dP 


= 


The orifice flows are given by IN Sy Zz Pf A 


Q: = CoA: V P2 
Qs = V/P3.... 


= VP, 
Also it is assumed that 


dy 
m = AmK, — 
iK, 


d 
= AmK, = 


Similarly the pressures are related as follows 


. [14] Fig. 4 Diagram of port configuration for rectangular ports 
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Fig. 5 Block diagram of simulated system 
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The force equation [20] for the motor-load system is given by 


d 
+ Ky... (20) 


d*y 
AmK, Pm AwK Pm: J “ad? + B dt 


The feedback equation between valve sleeve and valve spool is 
given by 


The equations of the port areas A,, A:, As, and A, must next be 
derived for a particular case. In the original design a circular- 
port configuration with a conical-valve-spool land was used as il- 
lustrated in Fig. 3. The equation for the area of a segment of a 
circle can be shown to be 


h 
-1 
(1 sin cos ( 


where h is the height of the segment. 

Using the conditions of Fig. 3, and assuming that the flat ap- 
proximation is adequate, results in the following area equations for 
the 2 ports per land 


R 


A, = 2R?* sin 6, coe (1 


A; = 2R* sin 0, cos ( 


A, = sin 6, coo (: 


For the case of rectangular ports used in subsequent designs (see 
Fig. 4) the respective areas become 


in amu (1 + =) 


A: = ( 
( 


(1 +=)... [30] 
U 

Equations [17] through [21] with the port-area expressions are 

the system equations which will be simulated on the analog com- 

puter. The block diagram of this system of equations is given in 

Fig. 5. The top three sections represent the flow equation for 

the supply system, the rod-end system and the head-end system. 
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Computer Solution 

The problem was solved on a modified Reeves Electronic Ana- 
log Computer. The problem was then scaled to fit the limited 
capabilities of the computer. The limited space allowable does 
not permit a complete discussion of the methods which were de- 
vised to generate the various nonlinear functions. In the Ap- 
pendix the generation of the port-area function is shown to indi- 
cate a possible procedure. There are analog computers availa- 
ble, however, such as the Philbrick Researches, Inc., equipment 
and others which offer diode ‘Function Fitters” permitting the 
direct fitting of an arbitrary function of a variable. Since a rather 
elaborate computer setup is required to simulate the system, it is 
imperative that each of the computer loops be checked for stabil- 
ity over the operating range of the variables. The initial condi- 
tions of this type of problem can be either set into the computer 
by adding the appropriate values or the computer may be per- 
mitted to find its own quiescent level. Since the values of the 
initial conditions for the present problem were low compared to 
the operating values of the variables, the latter method was 
used. 


Discussion of Results 

With the problem set up and properly scaled, the first check 
solutions were run. The attempt was to simulate the conditions 
existing in the actual steering booster installation and to compare 
the simulator predictions with the actual performance of the test 
vehicle. Fig. 6 is the predicted response to a ramp signal with the 
pressure on the rod side of the piston. The pressure trace indicates 
a rapid rise from the quiescent supply pressure of 40 psi. This 
initia] pressure is required to accelerate the moving parts to the 
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Simulated supply-pressure response of steering booster 
pressure on 


Frequency 18 cps | 
Peak to Peak Amplitude «275 psi | 


ee ie 
Time Seconds 


Fig. 6(a) 
to a ramp input as a function of time; circular ports; 
rod side of piston 


o4 oe ce 


me in Seconds 


Fig. 6(b) Upper curve, steering-wheel motion (input signal); lower 


The lowest diagram represents the load system and feedback 
means. 


curve, relative position of valve spool to valve sleeve as a function of 
time; circular ports; pressure on rod side of piston a 
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terminal velocity. The supply pressure and the error signal in- 
crease as the turn continues, since the spring loading calls for an 
increasing force from the ram. As the ramp signal is suddenly 
stopped, the system assumes a limit cycle and oscillates with a fre- 
quency of 15 cps and at a peak-to-peak pressure amplitude of 275 
psi. The test-vehicle solution, Fig. 7, is similar in nature. The 
frequency of the oscillation is 13.5 cps and the peak-to-peak ampli- 
tude is 320 psi. A discussion of errors will be presented later. 
In Figs. 6 and 7 response data are presented for the pressure ex- 
isting on the rod side of the piston. In Fig. 8 the computer solu- 
tion is shown for the case of the high pressure existing on the head 
end of the piston. The motion in Fig. 8 is thus reversed from 
that of Fig. 6. The predicted behavior for this case is considera- 


Frequency « 13 5 cps 


Peak to Peak Amplitude © 320 ps: 
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Fig. 7 Test-vehicle response with pressure on rod side of piston; 
circular ports 
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12 i.6 is 
Fig. 8(@) Simulated supply-pressure response of steering booster to 
a ramp input as a function of time; circular ports; pressure on head 
side of piston 
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Fig. 8(b) Upper curve, steering-wheel motion (input signal) ; 
lower curve, relative position of valve spool to valve sleeve as a func- 
tion of time; circular ports; pressure on head side of piston 
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Fig.9 Test-vehicle response with pressure on head side of piston; 
circular ports 
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Fig. 10 Simulated supply-pressure response of steering bocster to 
a ramp input as a function of time; circular ports, increased pump 
flow; pressure on rod end 


bly more stable than for the previous case. The test vehicle be- 
havior is shown in Fig. 9. The trends shown by the computer 
solution are verified by the behavior of the test vehicle. Further 
tests showed consistent agreement between computer predictions 
and actual behavior. Thus, increasing the flow from the pump re- 
sulted in a more stable system in both computer and test vehicle. 
The computer solution is shown in Fig. 10. 

The next step was to modify the design to assure a stable opera- 
tion under all operating conditions. The primary cause of the in- 
stability of the system was the marked increase in flow-valve gain 
resulting from the rapidly increasing port areas of the circular 
ports wjth increasing valve opening, and the increases in pressure 
drop across the ports as the load spring is loaded. A rectangular- 
shaped port to replace the circular port was designed with the 
computer. Fig. 11(a) gives the supply-pressure curve as a func- 
tion of time as derived from the computer. Fig. 11(b) gives 
again the input-signal and error-signal curves versus time. The 
simulated system although slightly underdamped is stable. Since 
the simulation does not include the damping existing in the actual 
system, the test-vehicle performance should be expected to be 
more stable. This was proven to be correct from subsequent 
tests. The computer was also used to design a dashpot for the 
valve spool in order to stabilize the system. Any of the other 
system parameters could be varied with ease in attempts to ar- 
rive at a stable system. 

Various uncertainties existed in the accuracy of the simulation 
which are worthy of discussion: 


(a) The inertia of the complex-load system was calculated and 
is subject to considerable errors. 
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Fig. 1l(@) Simulated supply-pressure response of steering booster 
to a ramp input; rectangular ports; pressure on rod side of piston 
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Fig. 11(6) Upper curve, steering-wheel motion (input signal) ; lower 
curve, relative position of valve spool to valve sleeve as a function 
of time; rectangular ports; pressure on rod side of piston 
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(b) Since no load damping was assumed, the computer solu- 
tions are actually conservative with regard to stability. 


(c) The stiffness of the load spring is not linear as was assumed. 


In the light of these uncertainties and the assumptions pre- 
viously discussed, the agreement between simulated and actual 


results is considered good. 


The example has shown that the electronic analog computer 


can be programmed to realistically simulate nonlinear hydraulic 
circuits. The validity of the simulation depends entirely on the 
ability of the analyst to realistically describe the behavior of the 
elements of the system by analytical means. Thus the analog 
computer will only solve the engineers’ analytical interpretation of 
the system. If certain important distributed or lumped effects 
are neglected, the answers from a computer may be embarrassingly 
misleading. If, however, a reasonably accurate simulation is 
studied by the analog approach, an excellent physical under- 
standing of the nonlinear system is obtained. As a result of this 
understanding, the time devoted to developmental experimenta- 
tion will be greatly reduced. 
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APPENDIX 


A circuit diagram is shown in Fig. 12. The amplifier marked 
“‘special’’ has its feedback resistor disconnected and therefore has 
a very high gain. The “external’’ above the servo indicates that 
the linear follow-up potentiometer has been disconnected. The 
feedback path is therefore through the servo and cosine potenti- 
ometer. The servomotor therefore assumes a position, an angular 


z 
position proportional to cos~! (: °), The remainder 


C. P. Moore.* The author illustrates very well the power of 
combined analog simulation and limited testing. The fact that 
an analog computer can be used to give rapid results when one 
is faced with a problem involving multiple nonlinearities permits 
system investigations that could not be attempted by analytic 
means. The real disadvantage of the method appears to be the 
difficulty of performing a systematic examination of the analog 
and reporting the results in a generalized or nondimensional 
fashion. 

It is interesting to note that in the example used by the author 
both of the changes made in the system reduced the degree of 
nonlinear operation in the servovalve. For this reason it may now 
be of value to re-examine the problem to see if existing linear 
methods may be used as a basis for design. 

The change to rectangular ports, of course, gives a linear rela- 
tion between valve flow area and stroke. The effect of increase in 
pump flow may best be examined by reference to a valve-per- 
formance curve, Fig. 13, derived from Blackburn’s work.‘ In 
this case the pressure difference across the servomotor, P,,, is 
nondimensionalized by the quiescent supply pressure, Pq. 

It can be seen that, if the pump flow is increased, Psq is also 
increased and for a given maximum external load the maximum 
value required for P,,/Psq is thereby reduced. This in effect 
limits the amount of valve travel necessary and results in the 
valve operating in a more linear region. 

From the author’s work it appears that a value of P,,/Psq of 4 
would be ample to meet his static load requirements. This could 
be obtained if the valve had physical stops limiting its travel to 
X/U = +0.65. The flow characteristics then avoid large changes 
in gain and have a high slope which indicates good servomotor 
damping. Then if this restriction to valve travel is acceptable, 
conventional linear methods should be adequate for design. 

The writer would like to inquire if the use of an asymmetrical 
valve was considered in view of the difference between head and 
rod-end ram areas. It appears that, if the width of the rectangu- 


3 Research Group Engineer, Controls and Autopilot Group, Lock- 
heed Aircraft Corp., Marietta, Ga. Mem. ASME. 

«“Contributions to Hydraulic Control 3, Pressure-Flow Relation- 
ships for 4-way Valves,” by J. F. Blackburn, Trans. ASME, vol. 75, 
1953, pp. 1163-1170. 
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Fig. 13 Characteristics of underlapped valve operated from a 
constant-flow source 


lar valve ports supplying the rod end of the actuator could have 
been reduced by the ratio Am2:/A,, the servomotor rate as a func- 
tion of valve displacement and load would then be the same for 
both directions of valve travel. This would further linearize 
servomotor operation and perhaps avoid the difference in per- 
formance shown by Figs. 7 and 9. 


H. Saunders.’ The author presents a most interesting and in- 
formative paper on practical analog-computer application. 
Many times, a block diagram is arranged without much thought 
given as to the physical interpretation behind the problem. This 
leads to erroneous results since the physical aspects of the prob- 
lem have not been correctly expressed mathematically. 

The hydraulic servo problems are very good examples of this 
misapplication. The hydraulic servo is essentially a nonlinear 
problem but owing to the application of perturbation principles, a 
restricted linear solution is obtained within a small finite region. 
With the further introduction of other nonlinearities, namely 
stiction, O-ring friction, and so on, the analytical version of the 
problem becomes extremely unwieldy. The proper application of 
the analog computer greatly aids in the solution of these problems. 
As the author states and the writer iterates, a good physical in- 
terpretation of the problem must be represented mathematically 
in order that one may arrive at a correct solution. From the 
writer’s experience this has been brought out. What seems to be 
of a trivial nature may actually become important in nonlinear 
problems. 

For a problem of the great amount of complexity as clearly 
shown by the author, the analog solution may be the only logical 
procedure. Although there are analytical and graphical splutions 
to the problem, great care must be taken to arrive at a correct 
solution and even then a tremendous amount of work is usually 
necessary. The writer appreciates the painstaking efforts of the 
author and would like to commend him for bringing these aspects 
to the attention of engineers concerned with this problem. 


J. L. Shearer.* The author and his company are to be compli- 
mented on carrying out the kind of work reported in this paper 
and making its results available to fellow engineers. The system 
analysis carried out here with the aid of an analog computer is a 


5 Engineer, Stress Analysis Engineering Operation, General Electric 
Company, Philadelphia, Pa. Assoc. Mem. ASME. 

* Associate Professor of Mechanical Engineering, Massachusetts 
Institute of Technology, Cambridge, Mass. Mem. ASME. 
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good example of how a thorough understanding of a problem can 
lead to new and better ways of solving the problem. In addition 
to the virtues claimed of making an analog-computer study of 
such a problem, the writer would like to add one more. This sort 
of work also leads to better communication between engineers and 
puts on the permanent record for all to see the results of accumu- 
lated experience which otherwise would be stored in ‘‘the ex- 
perts’’’ heads and eventually become inaccessible because of 
changing interests, old age, and so on. 


R. Tyler.’ This paper illustrates the value as well as the limita- 
tions of the computer approach to stability problems. When a 
problem can be set up intelligently, the results interpreted with 
precision, and modifications of the parameters set in with imagina- 
tion, then the computer solution is, without doubt, the finest way 
to obtain the optimum design. 

The computer can best be used in the design of systems which 
will be applied in identical form for many units or for single sys- 
tems forming an essential element of a l-sger system of great 
value. Thus considerable use has been . ade of this type of 
analysis for designing ordnance equipment, aircraft and missile 
systems, and for systems associated with large, costly projects 
such as atomic power stations. It is therefore of great value to 
hear of an application to a problem of general commercial in- 
terest. No doubt there will be a considerable number of other 
problems which will be most conveniently handled on analog 
computers. 


1 The Oilgear Company, Milwaukee, Wis. 
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However, the typical hydraulic circuits used in industrial ap- 
plications are those which are designed for one or a few units, 
These sometimes fall into a class which, although each application 
may vary greatly from another, is sufficiently similar that a com- 
puter setup will provide advance understanding, allowing a con- 
fident approach on the intuitive basis with little actual experi- 
ence. Such a setup was valuable in the early studies of the hy- 
draulic feedback system described in a paper by R. E. Davis and 
N. Nitka.’ 

It is quite surprising that the author’s analysis required no pro- 
vision for such discontinuous effects as Coulomb friction and 
backlash in the mechanical linkages. Our experience has been 
that even the very slight ‘“‘stick-slip’’ effect to be found in well- 
made valves and linkages often is a major factor in affecting sys- 
tem performance. While computer elements are available for 
the simulation of these effects, it is very difficult to evaluate the 
quantities in the actual setup and thus to relate the computer 
solution to the actual equipment. The close correspondence be- 
tween the results of the computer solution and the vehicle per- 
formance in the example seems to be proof of the excellent fitting 
of the components. However, backlash is a factor which in- 
creases with use and consideration of its effect should be included. 

It is to be hoped that this paper will stimulate reports of other 
applications of the analog computer to problems in the use of fluid 
power on industrial equipment. 


*“‘Methods for Measuring the Performance of Precision Hy- 
draulic Drives,"’ by R. E. Davis and N. Nitka, Proceedings of the 
National Conference on Industrial Hydraulics, vol. 9, 1955, pp. 74-82. 
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An Index of Cavitation Erosion 


Means of Radioisotopes 
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By S. L. 


Introduction 

WuiLE much has been written about cavitation and its effect 
on the performance of hydraulic turbines and pumps, the damage 
caused by it—cavitation erosion—is usually the manifestation 
that gives the most concern to the operating staff. 

The relative resistance of materials of construction has been 
explored in a number of research investigations both in the 
United States and elsewhere. 

The magnetostriction method (1-4), used initially on a large 
scale in 1935, sometimes called the vibratory method, has now 
become a standardized means (5) for evaluating various metals. 

The correlation of experimental work with field experience, 
however, is the subject of much speculation. The areas where 
cavitation erosion is experienced in the field can often be identi- 
fied from laboratory tests. 

Protective means, such as prewelding critical areas in the shop 
with wear-resistant materials, has been employed with great 
success in a number of cases. The repairing of previously un- 
protected areas using highly resistant metals has also been effec- 
tive in reducing subsequent cavitation erosion. 

To relate laboratory tests to the actual operation of hydraulic 
turbines in the field, many factors must be considered: 


1 Plant-cavitation factor or sigma (¢). 

2 Loading of the units. 

3 Accuracy of step up of the main unit from the laboratory 
model. 

4 Variation in conditions between original design of the plant 
including changes in headwater and tailwater levels. 


Few of these factors are under the control of the turbine manu- 
facturer, although he is expected to produce an erosion-free unit 
in any case. 


Economic Studies 


While the manufacturer has presumably delivered a unit that, 
within the design limits for cavitation, fulfills its guarantees as to 
capacity and efficiency, there can be no assurance that the unit 
will be operated in this range exclusively. 

Additional kilowatthours of energy at times of excess flow, 
more kilowatts of capacity for short-term peak loads or long 
periods of excess demand are attractive to the operating organiza- 
tions. 

To gain thousands of dollars of revenue by overloading a hy- 
droelectric unit may show an economic advantage, even though 
expensive repairs and service outages may result. 

The balance between operation at points beyond the rated or 
optimum point on a given turbine and the added maintenance 


1Consulting Engineer, Flourtown, Pa. Fellow ASME. 

? Technical Secretary, A/S Hafslund, Sarpsborg, Norway. 

3 Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

Contributed by the Hydraulic Division and presented at the 
Annual Meeting, New York, N. Y., December 1-6, 1957, of Tue 
AMERICAN Society oF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, July 17, 
1957. Paper No. 57—A-64. 
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cost is difficult to resolve when the rates of cavitation erosion for 
increasing overloads or unfavorable draft-head conditions cannot 
be established. 

There is usually some load on most units below which little or no 
cavitation erosion takes place. Cavitation may cause extensive 
damage at or below the best efficiency point, or at the rated out- 
put of the turbine. 

The amount of damage to the runners usually increases rapidly 
beyond the best efficiency point. The wicket gates, throat rings, 
and draft-tube liners of propeller and Kaplan turbines, may also 
show severe erosion from cavitation. 


Field Evaluations 

In the absence of some quantitative means of evaluating cavi- 
tation erosion rapidly, the loss of metal over fixed periods of time, 
such as six months, one year, or even longer, has been used as a 
criterion. 

The length of time to accumulate such information, and the 
difficulties of accurate measurements of amount of material 
eroded has made such a procedure undesirable for economic 
studies. 

A correlation between laboratory and field measurements was 
reported recently by Knapp (6), where aluminum test plates were 
attached to the critical areas of a turbine runner. 

By running the turbine for periods of 5 to 20 min at a fixed gate 
opening, shutting down and removing the test plates, examining 
them, an index of intensity of “pits per second per square inch”’ 
was obtained. . 

Comparison with laboratory experiments under controlled 
conditions provided a basis of correlation. 


Vamma Plant Experiments 

A problem concerning an economic balance between output and 
cavitation erosion existed at the Vamma Hydroelectric Plant in 
Norway. A summary of the experiments was reported by one of 
the authors (7). 

A more detailed report on this field test is now available and is 
described in this paper. 

Description of Plant and Units. The Vamma plant in Southeast 
Norway on the Glomma River is connected to the East Norway 
Transmission Grid System. The plant now has ten units installed 
totaling 104,000 kw. 

All units are of the horizontal-shaft double-runner type, with 
a central draft chest, Fig. 1. The eight older units installed from 
1915 onward have shown considerable loss of metal on the runners, 
reaching as much as 55 lb (25 kg) per runner per year, Fig. 2. 
The static draft head on these original units is 18 ft (5.5 m), while 
the two newer units have only 14.1 ft (4.3 m). On these later 
units practically no erosion has been experienced in operation at 
full load after 11 years. 

All runner blades are of normal carbon-content plate steel. The 
water is clear, free from silt and sand, and neutral in character. 
There is no evidence of chemical action on the runners or other 
parts of the turbines. 

The characteristics of unit No. 4, on which tests were made, 
are given in Tables 1 and 2. 

Unit No. 4 had been rewelded about 2'/, years previously, and 


1308 


2 
7 
: 


Cross section of Unit No. 4 


Table 1 
Design 
&5.3 ft (26 m) 
214 
12000 
6000 


Test 
88.6 ft (27 m) 
214 


Head.... 
Speed, rpm.......... 
Rated capacity, hp. . . 
Capacity per runner, hp 
Quantity total . 
(40.8 cu m/sec) 

Quantity per runner 720 cfs 

(20.4 cu m/sec) 
Draft head to center- 

line of runner 
Plant sigma. . . 
Diameter of runner... 
Specific speed per run- 

ner. 
Barometer (mercury ). 
Water temperature... . 


18.1 ft (5.5 m) 
0.184 
5.83 ft (1.78 m) 


17.1 ft (5.2 m) 


64.5 (287 metric) 
30.0 in. (760 mm) 
39.2 F (+4 C) 


Table 2 Characteristics of Unit No. 4 at 88.6 ft (27.0 m) exist- 

ing during erosion-loss tests 

Estimated 

combined Axial 

efficiency, velocity, 
per cent fps 


Generator 
opening, output, Quantity, 
mm kw 


46 3950 
62 
780 7450 1192 
O4 8350 1304 
110 8950 (1421 
123 9300 1510 


* Calibrating and reference output. 


Gate 


957 


the runner blades showed substantial loss of material in the 
usual location on the outflow side. 

Cavitation-Erosion Tests. A novel test using radioisotopes was 
planned in co-operation with the Isotope Department of the 
Joint Establishment for Nuclear Energy Research. A brief de- 
scription has been published of the preliminary tests (8) March 18, 
1955. The more complete tests described in this paper were made 
December 8, 1955. 

By means of radioisotopes, it is possible to detect and trace ex- 
ceedingly small amounts of materials. 


Fig. nit No. 4 showir ation ero i location 


of radioactive coating (dark spots) 


If a runner or part of a runner itself could be made radioactive, a 
direct measure of the material loss could be secured. This pro- 
posal was not feasible due to the large dimensions of the runners 
at Vamma. 

It was decided to use an insoluble radioactive coating on the 
areas of the runner blades showing erosion from cavitation, Fig. 2. 

Two methods of measuring the loss in radioactivity were 
studied: 


1 Measuring the radioactivity of the water discharged by the 
unit. This would require large amounts of material and compli- 
cated procedures. 

2 Measuring the radioactivity of the runner itself at periodic 
intervals. 


The latter method was used, as the radioactivity could be 
measured between each test run from outside the turbine draft 
chest, the difference between two successive measurements giving 
the loss for the run. 

Radioactive Coating. The radioactive paint was prepared using 
5 grams of radioactive arsenic (As 76) with a total activity of 750 
mC added to 200 grams of specially prepared coating material. 
This was a cement of Manila copal dissolved in alcohol and tur- 
pentine. A red toluidine pigment plus chrome yellow was added, 
with powdered dolomite and talcum as an extender, plus about 5 
per cent of resinous oil. 

To reduce the risk of harmful radiation to the personnel, the 
paint was applied to the runner by means of a brush attached to a 
handle 5 ft long. The painter stood outside the turbine draft 
chest and worked through the manhole, Fig. 1. 

The paint was applied in small spots in the center of the eroded 
areas of about one half of the blades. Two coats were used, the 
first coat drying in 4 hr and the second in 12 hr. About 40 per 
cent of the paint mixture was used giving a calculated total 
activity of 300 mC. 

All work with radioactive paint was under the control of the 
Norwegian “Radiologisk-Fysiske Laboratorium” to safeguard the 
health of the workmen. Film-dosimeters showed the tolerances 
for this type of work were not exceeded. 

Test Procedure. The tests were carried out the day following 
the painting of the runner. A scintillation counter (Super 
Scintillator, Model 115B, Precision Radiation Instruments, Inc.) 
was placed outside the draft chest on the manhole cover. 

Before and after each run, measurements of radiation were 
taken. During the readings, the turbine-guide vanes were tightly 
closed, the draft chest vented so the runner was rotating in air, 
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Fig. 3 Residual radiation versus turbine operating time 


Table 3 Radioactivity results versus time of operation 


Corrected 
Operating time, min activity; 


Incremental Summation 


W WO to 
KIO 


NK 


driven by the generator acting as a synchronous motor. In this 
way, the errors due to absorption of radiation by the flowing 
water were eliminated while taking the readings of radioactivity. 

Readings of head, generator output, speed, gate opening, and 
duration of runs were made at various loads. The gate opening 
was held at a fixed position for each run. 

Calibrating and reference runs at a given gate opening were 
used at the beginning of the test, as well as at several intervals 
during the test. 

Results. Table 3 gives the results of the corrected readings of 
radioactivity for each measurement. The half-life of the isotope 
(As 76) is 26.8 hr and was used in correcting the actual readings. 
Fig. 3 gives the plotting of this information with respect to operat- 
ing time on load. The corresponding unit output in megawatts 
is also shown. 

It will be noted that the slope of radioactivity versus time is an 
index of the rate of erosion. 

The calibrating load of 7450 kw (78 mm gate opening) showed a 
constant slope for runs 1-2, 5-6, and 6-7, while run 9-10 showed 
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Fig. 4 Turbine characteristics and radiation losses versus gate 
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Fig. 5 Erosion index versus axial velocity through runner throat 


a lesser slope. Corrections were made to the previous run 8-9 and 
subsequent runs as noted. 

Interpretation of Tests. While the tests were not as extensive as 
might be desired, they did show the variation in erosion index with 
respect to turbine output. Fig. 4 superimposes this index on the 
turbine characteristics. 

Computing the axial velocities of flow as well as estimating the 
relative velocities, the erosion index can be plotted to show the 
rate at which erosion varies. Fig. 5 shows this relationship com- 
puted as the slope of the loss versus velocity curve or the expo- 
nent of the velocity of flow. 

Taking the five highest rates of erosion, the slope of the line 
closely approximates Loss = f(V)*. The incremental computa- 
tion for the two highest points shows a greater slope and the ex- 
ponent can be increased to some extent with 8 as a limiting 
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Turbine 


Unit output, 
tanh, operating run kw 
7450 0.94 
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value. It is interesting to observe that little or no loss of radia- 
tion occurs at loads below 4000 kw, or a computed axial velocity 
of about 13 fps. 

This may have two separate interpretations: 


1 The magnitude of cavitation is not sufficiently large to 
cause damage. 

2 The “incubation” level or initial resistance of runner ma- 
terial has not been reached. This is evident in many vibratory 
tests (1). 


It is probable that both these factors are present. The first 
seems to have greater influence in this investigation as the radio- 
active cement does not have any initial resistance to erosion as 
would metals. 


Conclusions 


It is possible to convert the experimental results into a relative 
scale as shown in Fig. 6. The wear is plotted against unit output 
in megawatts, but the scale for wear is set up as a percentage of 
the rate of radiation loss at full-gate output. 

Limiting the output to the nominal rating of approximately 
9000 kw should result in only 60 per cent of the damage. Thus a 


Wear of materials 
% of max. value 
100; 7] 


Le | Turbine load MW 
6 


10 


| 
ol 14 
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Fig. 6 Erosion index versus turbine output 
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Table 4 Erosion index results 


Corrected 
loss of 
material, 


Observed 


loss of 
activity 
per min, Per cent of 

i maximum rate 


2 
1 
1 


oo 


0 
0 
3 

0 
.0 


3'/, per cent reduction in power decreases the cavitation erosion 
by 40 per cent. 

By limiting the output to the point of maximum efficiency, ap- 
proximately 8300 kw, the erosion should be about 40 per cent of 
that at full gate. 

Where units have been operating at full output for a sufficient 
period of time to establish actual weight-loss information, then 
cost studies can be made from diagrams like Fig. 6. 

Each plant will have its own relationship of cavitation erosion 
versus load and the size, method of operation, and value of power 
will determine the economics. 

The ease with which the experiments can be carried out makes 
this radioactive-isotope method applicable to many installations, 
even in the initial operating stages. 

Additional determinations can provide a more reliable basis for 
evaluating erosion losses due to cavitation. 

The use of the method in cavitation laboratory tests of model 
turbines, correlated to field tests of the same runner, may provide 
a means of predicting the potential damage to runners in advance 
of construction. 


Acknowledgments 


Through the co-operation of the ASME Committee on Cavita- 
tion, and the willingness of Mr. Rosenberg to make available the 
information on the experiments at Vamma, it has been possible to 
present this most interesting investigation to the Society. 


Bibliography 

1 “Determination of the Relative Resistance to Cavitation Ero- 
sion by the Vibratory Method,” by 8. L. Kerr, Trans. ASME, vol. 59, 
1937, pp. 373-397. 

2 “Resistance to Cavitation Erosion,’’ by R. Beeching, Journal 
of the Institution of Engineers and Shipbuilders in Scotland, vol. 85, 
1942, pp. 210-276. ‘‘The Resistance to Cavitation Erosion of Pro- 
peller Alloys,” ibid., 1946. 

3 ‘“Werkstoffzerstorung durch Kavitation,’’ by H. Nowotny, 
VDI-Verlag GMBH, Berlin, Germany, 1942, republished from original 
plates by J. W. Edwards, Ann Arbor, Mich., 1946. 

4 ‘“Accelerated-Cavitation Research,” by W. J. Rheingans, TRANS. 
ASME, vol. 72, 1950, pp. 705-724. 

5 “Progress Report on Standardization of the Vibratory-Cavita- 
tion Test,’’ by L. E. Robinson, B. A. Holmes, and W. C. Leith, Trans. 
ASME, vol. 80, 1958, pp. 103-107. 

6 “Accelerated Field Tests of Cavitation Intensity,” by R. T. 
Knapp, Trans. ASME, vol. 80, 1958, pp. 91-102. 

7 “Wear of Francis Turbines Due to Cavitation Effects During 
Operation by Means of Radioisotopes,’’ by Kjell Rosenberg, Fifth 
World Power Conference, Vienna, Austria, 1956, Paper 192H/44. 

8 “Some Industrial Uses of Radio Isotopes in Norway,”’ by U. 
Been and E. Saeland, U. N. International Conference on the Peaceful 
Uses of Atomic Energy, Geneva, Switzerland, 1955. 


1311 
¢ 
OF 
= 
| 
aad 
—_ 


Discussion 


J. Desbaillets.‘ A clear understanding of the laws of cause and 
effect which rule cavitation and pitting will only be achieved by 
quantitative measurement, sufficiently accurate, of field erosion 
under controlled operating conditions (load, plant sigma, specific 
speed, temperature, and so on). 

The radioactive method described in this excellent paper has 
the attractive merit of making possible an accelerated measure 
of the rate of erosion in the field with relatively simple equipment, 
and the results obtained at Vamma are extremely encouraging. 
It is interesting to note that the rate of erosion measured appears 
as an exponential function of the velocity whose exponent is 
practically the same as found by Robert Knapp with entirely 
different methods of investigation. 

The characteristics of the runner metal and the isotope used 
introduce many variables such as relative incubation level, and 
resistance to pitting, to corrosion, and to kinetic erosion. These 
variables permit only comparative results to be obtained. 

Calibration in the field of the radioactivity counter to read 
directly in units of mass of metal removed by cavitation is far 
from practical. Absolute figures converted into dollars and cents 
would be the only way to determine the most economical mode of 
operation for a given turbine. However, operators are not Sunday 
drivers and we are inclined to believe that there will be few cases 
where they will find it desirable to cut back the power of the tur- 
bine rather than incur the expense of repairing cavitation damage. 

For comparative analysis, the radioactive method has a large 
field of application. One use which suggests itself is to test local 
changes on individual blades of a runner which start to give 
trouble in the field, so that a rapid evaluation of the necessary 
correction may be made. Obviously, the radioactive method also 
can be applied to model tests in the laboratory where control of 
hydraulic characteristics and modification of blade shape are 
more widely and readily achieved. 

Finally, this method can be used advantageously to analyze 
the fundamental principle of the pitting of metals and the relative 
influence of such factors as velocity, corrosion, temperature, and 
so forth, especially if the isotope coating can be replaced by mak- 
ing radioactive the base metal itself. 

In spite of the complications involved in handling harmful 
isotopes, the radioactive method used at Vamma is undoubtedly a 
most valuable instrument for cavitation research. 


R. G. Folsom.’ Engineering developments in research fre- 
quently require a correlation of laboratory experimental work 
with field experience. This approach is a very important problem 
in the hydraulic-engineering field and it is all too frequent that we 
find tests on full-scale field equipment are not complete enough to 
provide a correlation and understanding of results with labora- 
tory-obtained values. The authors are to be congratulated on 
providing more information on this important subject and 
particularly for their use of radioisotopes to aid in obtaining the 
information sought. 

It is recognized that this is the first approach to the problem 
of cavitation-erosion studies through the use of radioisotopes. 
On the other hand, it should be pointed out that there is a basic 
assumption that the cavitation erosion of paint is the same as the 
cavitation erosion of propeller-blade metal. The paper assumes 
that the cavitation erosion of paint provides results which may 
be applied for prediction of cavitation erosion in the field condi- 
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7 tion, It would be of help for an evaluation of the results pre- 


sented here, as well as the basis of future research, if the authors 
were to provide a brief explanation and any data that might be 
available to support this assumption. 

The paper presents an excellent step forward in the develop- 
ment of the study of cavitation erosion. The writer would be in- 
terested in the authors’ evaluation of the desirability and the 
practicability of using welding materials normally applied for 
cavitation-damage repair, containing appropriate isotopes for 
direct full-scale measurement of cavitation erosion. 


W. C. Leith. The application of radioisotopes to determine 
an index of cavitation erosion appears very desirable, especially if 
periodic measurement of the radioactivity of a turbine runner 
could be correlated to an estimated metal loss per year. Perhaps 
the maximum depth of pits and the total eroded area could be 
established by a mapping procedure, so that the operating staff 
could forecast a shutdown for welding repair based either on the 
complete perforation of a small critical area or on the total esti- 
mated weight loss for the runner. 
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Fig. 7 Accelerated cavitation damage—the effect of amplitude 


Fig. 6, which relates the erosion index to the turbine output, 
can be compared to the effect of amplitude in ms gnetostriction 
tests Fig. 7, in which there is an incubation period with no ap- 
parent erosion, and then an asymptotic increase in the erosion 
intensity of the cast steel. 


W. J. Rheingans.’ This paper is very timely in that it follows 
the theme of the 1957 Cavitation Symposium; namely, the 
“Effect of Velocity on Cavitation Damage.”’ The authors show 
that the erosion loss due to cavitation increases approximately as 
the 5th power of the axial velocity through the runner throat. 
This velocity varies nearly directly as the relative velocity be- 
tween the runner blades and the flow, and therefore we can say 
that the erosion loss increases approximately as the 5th power of 
the relative velocity at the runner blades. 

This checks with experimental data by Robert Knapp. He 
reports® how he counted the pits per second per square inch on a 
test specimen subjected to a constant size cavitation zone under 
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various flow velocities. He found that the number of pits per 
second per square inch increased as the 6th power of the velocity. 

The importance of such a relation between velocity and rate of 
erosion due to cavitation cannot be overemphasized. As the 
authors show in Fig. 6, a small change in output can mean an ex- 
tremely large change in the erosion rate. This should be of con- 
siderable interest to the operators of hydraulic turbines. 

The authors are to be complimented upon having shown us 
that the determination of the rate of erosion is not a difficult or 
costly procedure. It is hoped that operating companies will be 
interested enough in facts of this aed to conduct similar tests 

on some of their own installations. 


Authors’ Closure 


The authors appreciate greatly the favorable comments of the 
discussers and their suggestions that this radioisotope index 
procedure be used for laboratory tests and for full-scale plants 
in the United States and Canada. i. 

Since several discussers deal with the same questions, the > 
principal items will be reviewed as follows: : 

1 Dr. Folsom, Mr. Desbaillets, and Mr. Leith have all sug- 
gested the use of radioactive parent metal or radioactive metallic 
overlays. This procedure, however, would introduce a severe 
safety hazard in transporting the radioactive metal, applying it, 
and having to live with it over a long period of time. 

With substantial amounts of radioactive metal present, the 
effect of “background radiation’’ would tend to introduce errors 
of measurement. The method described in the paper uses 
differences in radioactivity. These differences must be sub- 
stantial to permit accurate determinations of “rate of loss” 
of radioactivity. 

By selecting an isotope such as Arsenic 76 with a relatively 
short “‘half-life’’ (about 27 hours), the hazard to health of station 
operating personnel is reduced to a minimum. On the other 
hand, if the parent metal or overlay is made radioactive, the 
half-life must be extended to a matter of weeks or months. 

The index requires sufficiently large incremental reductions in 
total radioactivity to secure accurate rates of loss. This can be 
obtained by a lacquer applied to the affected areas alone. The 
radioisotope As 76 becomes harmless in a short period, removing 
in a few days any residual hazard. 

2 Mr. Desbaillets and Mr. Leith both suggest ‘controlled 
operation’’ of generating units. This is interpreted to mean that 
outputs, head, plant sigma, etc., would be held constant to se- 
cure a fixed condition under which to measure the loss of metal 
due to cavitation erosion. In the case of the Vamma turbines 
this is essentially the way they are operated, namely, at full 
load. The amount of welding metal has been established from 
actual experience, both with ordinary carbon steel and with 
stainless steel. The index at Vamma is therefore just such a 
relationship as suggested. 

If existing plants in the United States and Canada, having 
extended statistical records of operating data with repair costs 
and outage times, could now be tested by the authors’ procedure, 
a number of additional points on an experience curve could be 
obtained. 

It might be noted that the cost of repairs alone will not be the 
important factor. Outage time during repair periods and the 
consequent loss of output may far outweigh all other consider- 
ations. 

3 Mr. Leith’s reference to “incubation time’’ should pos- 
sibly refer only to extended exposure at a constant amplitude of 
vibration with the magnetostriction technique and not to vari- 
able amplitudes. 

His comparison in Fig. 7 of damage versus amplitude as com- 
pared with the radioisotope index seems valid however. If the 


9 
cavitation intensity is negligible, there would be no erosion. 
As the intensity of cavitation increases, damage increases. 

Within the cavitation zone, if the unit is held at a fixed gate 
opening, “incubation’’ will develop into active erosion, the rate 
of which is affected by the intensity of cavitation and the relative 
resistance of the material itself. 

By comparing information such as found in Fig. 7 with data 
from index determinations on operating units, perhaps the long 
sought correlation between laboratory and field can be secured. 

4 Mr. Desbaillets and Mr. Rheingans comment on the 
effect of velocity on cavitation erosion rates. Fig. 8 in this 
closure has been prepared by plotting on logarithmic scales the 
data in Fig. 5 of this paper on the same sheet with data (Fig. 11) 
from Dr. Knapp’s paper (footnote 8 in the discussion). The 
pits per sq in. per sec index of Dr. Knapp has been used. 
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Fig. 8 Comparison of radioisotope cavitation erosion index with 
R. T. Knapp index 


The slope of the radioisotope index is generally 5. If the 
upper four points only are used, a slope of 5.8 can be obtained. 
If only the upper two points are used, the slope reaches 8. 

The Knapp index points have more scatter than do the fore- 
going. Slopes ranging from 5.6 to 6.3 can be secured, depending © 
on how the line is drawn and the points evaluated. 

The agreement between the two techniques is thus even doce. 
than previously stated. 

5 The question as to whether the rapid erosion of a radio- 
active lacquer is comparable to the erosion of the runner mate- 
rial itself can always be debated. 

It should be pointed out, however, that the radioisotope index _ 
is a rate of loss and so is not dependent on actual loss. A ~~ 
short time of exposure of a low resistant material like the radi 
active lacquer probably has somewhat the same relative value 
as compared to a long term exposure of a highly resistant mate- 
rial. 

In the magnetostriction apparatus, “relative resistance”’ 
scales have been established with exposures of one or two hours 
which compare favorably with exposures of 16 to 100 hours in a 
Venturi apparatus and with months of exposure of full scale 
turbines. 
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A similar situation would appear to exist between the minutes 
required to establish the radioisotope index and the months and 
years needed to produce erosion of the turbine runners them- 
selves. 

The matter is further commented on by Mr. Rosenberg as 
follows: 

“There are, however, good reasons to assume that the curve 
arrived at in Fig. 6 gives a correct picture of the relative loss of 
steel from the runner. Experimental tests and practical ex- 
perience seem to show that all materials, irrespective of the 
quality, are attacked when exposed to cavitation. This must 
be interpreted so that the forces which appear when the bubbles 
implode are powerful enough to wear away even the most resistant 
material sooner or later. The process may be hastened by simul- 
taneous chemical reaction, but the mechanical causes must 
always be present and start the process of erosion. 
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“By means of experimental investigations it has also been pos- 
sible to establish that material loss as a function of the time for 
various test objects usually shows the same *"rse of process in 
cavitation apparatus of quite different cons*r ction. This re- 
sult is very interesting, as the intensity of cavitation probably 
varies from one apparatus to another. Practical experience at 
Vamma Power Plant also indicates that the intensity of cavi- 
tation for the major part is strong enough to wear away normal 
carbon steel as well as stainless steel, which for repair is welded 
on the runner blades as a protective overlay. The cavitation 
zone seems to be the same, independent of the steel quality; 
only the rate of damage is influenced by the relative resistance of 
materials. 

“Even if there is an intensity threshold of cavitation, below 
which steel is not exposed to damage, it seems in our case as if 
most of the cavitation spectrum lies above this threshold value.” 
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Cavitation and Nuclei 


Contrary to the general-impression, water and other common 
liquids, when pure, have high tensile strength. Cavitation 
would be impossible at the highest velocities currently encoun- 
tered. In practice all liquids appear to cavitate as soon as the 
pressure tends to drop below the vapor pressure, thus implying 
that liquids have no tensile strength. This discrepancy is 
explained by the presence of “tweak spots’’ whose characteristics 
have as yet only been inferred. 

This paper presents the results of an experimental investiga- 
tion of the weak spots present in ordinary water. The results 
are consistent with the model of the nucleus proposed by Harvey, 
but are apparently inconsistent with other models currently 
found in the literature. 

After summarizing the results of the experimental program, 
the paper concludes with a series of implications concerning the 
engineering significance of the nuclei in industrial liquids. 


AN EXPERIMENTAL knowledge of the property of liquids is uni- 
versal. From the day of our birth we bathe in liquids, drink 
liquids, see uncounted numbers of liquid droplets fall as rain, 
even our own bodies consist largely of liquids. Hence every 
young scientist or engineer starts his education with a good em- 
pirical knowledge of the properties of liquids. Since this knowl- 
edge is built up of so many unrelated experiences, it is apt to be 
present more often as an intuitive feeling rather than as an ex- 
plicit collection of facts. This intuition generally colors our ap- 
proach to technical problems related to liquids, and the problem 
of cavitation is certainly no exception. 

The formation of a cavity in a liquid obviously involves a rup- 
ture of the liquid, but intuition says that a liquid has no rupture 
strength as it is always spilling, splashing and bouncing around, 
dividing and recombining, with little or no apparent application 
of force. Thus obviously a liquid will rupture and form a cavity 
at any place within the liquid at which an infinitesimal tension 
develops. Unfortunately, there are occasional natural examples 
which cast a shadow on this intuitive feeling that liquids cannot 
withstand any tensile stress. Trees draw sap up from the ground 
to far greater heights than can be explained unless the sap can 
withstand a tension. Technical individuals who work intimately 
with the cavitation process sooner or later encounter cases which 
can be understood only on the basis that the liquid is able to 
withstand a tension, at least for a short time. 

It is of practical importance to designers and users of hydraulic 
equipment to have a clear knowledge of all physical properties of 
liquids that may affect the cavitation process. Obviously the 
cavitation-free zones of operation could be greatly extended if 
liquids could be made to stand appreciable tensions. Unfor- 
tunately, our present experience indicates that it is not feasible to 
do this, at least for aqueous liquids. On the other hand, there is 
some indirect evidence to show that even natural waters may vary 
significantly in their ability to withstand momentary tensions. 
These variations may occur between water derived from different 
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sources, or the same water supply may have different properties 
at different times of the year. Another field in which knowledge 
of these physical characteristics of the liquid is important is in 
model testing of the cavitation characteristics of hydraulic equip- 
ment, such as pumps and turbines. These are some of the moti- 
vating facts for the investigations which will be discussed. 

To understand the nature of these investigations, it is necessary 
to review some of the known physical facts about the effective 
tensile strength of liquids. Based on their physical structure, 
liquids should have very high tensile strengths—of the order of 
tens or hundreds of thousands of pounds per square inch. If 
real liquids actually exhibited such strengths, cavitation would 
be unknown. However, it is common experience that ordinary 
liquids usually cavitate whenever the local pressure reaches the 
vapor pressure. Since this is the point at which there is no longer 
an external force to hold the liquid together, it shows that these 
liquids have no effective tensile strength. The obvious explana- 
tion of this great discrepancy is that ordinary liquids always con- 
tain impurities which produce weak spots that rupture or tear at 
vanishingly small tensions, thus producing cavities. Liquids 
may contain many types of impurities, only a few of which could 
be expected to produce weak spots. Since the weak spots are 
physical in nature, it would appear that the physical characteris- 
tics of the impurities would be of prime importance. 

The physical state of dissolved impurity is quite different from 
the undissolved one. The theory of solutions indicates that a dis- 
solved impurity should have very little effect on the tensile 
strength of the base liquid and thus this class of impurities can be 
eliminated from consideration. This leaves undissolved solids, 
immiscible liquids, and free gas as the possible sources of weak 
spots in ordinary liquids. With undissolved solids and immiscible 
liquids, the interface between the impurity and the base liquid is 
a potential source of the weak spot since the tensile strength of 
the impurities is of a higher order of magnitude. Immiscible 
liquids do not appear to be a primary source of weak spots. In 
the first place, they are not universally present in common liquids. 
In the second place, experiments performed by Weyl and Mar- 
boe (12)? demonstrated that the interface between immiscible 
liquids is not weak enough to explain the observed lack of effective 
tensile strength of normal liquids. 

The tensile strength of the interface between a solid impurity 
and the liquid depends upon the degree of wetting of the solid by 
the liquid. There is ample experimental evidence to show that 
with a high degree of wetting the adhesive force across the inter- 
face is very high, and even for a low degree of wetting it is probably 
higher than the effective tensile strengths observed in normal 
liquids. This reasoning reduces the range of impurities responsi- 
ble for the weak spots in liquids to undissolved gases, and un- 
wetted, that is, hydrophobic solids. 

In considering the probability that either of these two types of 
impurities is responsible for the weak spots in ordinary liquids, 
another experimental fact must be considered. Clear water, or 
even commercial distilled water, cavitates with very little, if any, 
sign of tensile strength. This means that any undissolved impuri- 
ties must exist in very tiny units. Otherwise, the liquid would 
appear cloudy. The effect of a tiny hydrophobic solid particle on 
the tensile strength of a liquid is not too clear. Among other 
things, it would depend upon the size and shape of the particle. 


? Numbers in parentheses refer to the Bibliography at the end of the 
paper. 
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Certainly the interfacial tension of the liquid would have to be 
taken into account. However, the resistance to opening a cavity 
at the interface would certainly be less than that in the pure liquid. 
Obviously, the tiny gas bubbles constitute weak spots in the 
liquid. For the common liquids, and especially for water, the 
only readily available source of gas is the atmosphere, and the 
atmospheric gases are relatively soluble. Thus it is difficult to 
explain the continuing existence of a very small free bubble in a 
body of liquid, since the surface tension forces should be great 
enough to increase the pressure within the bubble sufficiently to 
eause it to dissolve completely. 

All of this discussion can be summed up very tersely by saying 
that liquids should not cavitate, but they do. Furthermore, the 
only acceptable explanation for the weak spots that are necessary 
to permit cavitation is that based on the presence of impurities. 
In recognition of this, these weak spots are commonly called 
nuclei, although their existence is still wholly inferential. One 
of the few tenable concepts of the construction of a nucleus is 
due to Harvey (8). His model of a nucleus is that it consists of a 
host. which is a solid hydrophobic particle which has a re-entrant 
crack in its surface that is filled with undissolved gas. This gas 
is the active part of the nucleus, that is, the weak spot in the 
liquid. Since the particle surface is hydrophobic, the surface of the 
liquid will be convex toward the gas. Hence the surface tension 
will tend to keep the gas pressure low rather than high. Con- 
sequently, the gas will not dissolve. Harvey made some experi- 
ments which showed that this concept is consistent with the phys- 
ical facts. He reasoned that such nuclei could be destroyed by 
applying hydrostatic pressures which, if high enough, would force 
the liquid up into the crack against the force of surface tension 
and cause the gas to dissolve, thus eliminating the weak spot. 
The experiments carried out by the author are elaborations of 
Harvey’s original tests. Their objective was not only to obtain a 
more quantitative check upon the tenability of such a hypotheti- 
cal nucleus, but also to explore in detail the characteristics of 
water before and after a wide variety of pressure treatments. It 
was hoped in this manner some light would be shed on some of the 
observed inconsistencies in the cavitation performance of hy- 
draulic equipment. 

The general plan of all experiments is the same: To compare 
the physical characteristics of unpressurized water with that of 
similar samples which have been pressurized. These experiments 
cover relatively wide ranges of intensity and duration of the 
pressurizing treatment. The physical characteristic investigated 
is the development of cavities within the body of the sample. 
Both static and dynamic tests were made. The static tests were 
of two kinds: The first was the determination of the boiling point 
at atmospheric pressure of a previously pressurized sample of 
water as compared to that of an unpressurized sample. A boiling 
point in excess of the equilibrium temperature at atmospheric 
pressure indicates that the liquid has an effective tensile strength. 
This tensile strength is the difference between the vapor pressure 
at the boiling temperature and the vapor pressure corresponding 
to the local atmospheric pressure. During the making of the 
boiling-point measurements, observations were also taken of the 
type of boiling and the location of the initial cavities within the 
body of the liquid. 

In the second type of static test the previously pressurized sam- 
ple was heated in a water-vapor-filled pressure-release chamber 
until a predetermined pressure and temperature was reached 
The chamber pressure was then released at a predetermined rat 
until cavities appeared in the body of the sample. The effectir 
tension required to produce the first cavity in this test was tl 
difference between the chamber pressure at the beginning of tl 
test and that at the appearance of the first cavity. 

The dynamic test was completely different. 


A glass ventur 
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tube having a large upstream reservoir section was cleaned and 
filled with water to be tested, and the entire assembly was then 
pressurized. After this treatment, the venturi was placed in 
special apparatus and flow was induced by sudden application of 
air pressure. By suitably adjusting this pressure, the pressure 
in the throat of the venturi could be controlled. In this manner 
tensions of several atmospheres could be obtained with relatively 
low drive pressures. In this test the cavity develops under con- 
ditions comparable to that in hydraulic equipment in general. 
Variations in pressure are produced by changes in the velocity of 


the flow. 


The pressurizing chamber and auxiliary equipment is shown in 
Fig. 1. The pressurizing chamber is 25/; in. ID and has a 
usable length of approximately 30 in. The pressure is produced 
by a ram in the lower end of the chamber which is driven by a low- 
pressure hydraulic cylinder that forms the base of the chamber. 
This low pressure cylinder is a part of a closed hydraulic system 
that includes a standard gear pump with associated control valves 
and reservoir. The area ratio of the low-to-high pressure piston 
is about 33 to 1. Thus working pressures up to 30,000 psi are ob- 
tained in the chamber from a maximum operating pressure of 
1000 psi in the auxiliary system. A dial gage which measures the 
change in length of the high pressure cylinder is used to indicate 
the level of pressurization. Access to the chamber is provided 
by a plug with an unsupported-area seal. This plug and its hold- 
ing pin can be seen on the left side of Fig. 1, sitting on top of the 
pressurization chamber. 

Static Test Equipment. For the boiling point and pressure re- 
lease tests, the water samples were contained in glass test tubes. 
To avoid contamination from the atmosphere between pressuriz- 
ing and testing, it was found necessary to seal a glass dome to the 


Fig. 1 Complete pressurizing system 
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top of each tube. This dome was vented to atmosphere by a 
short length of large-bore glass capillary tubing. The test tubes 
were approximately 6 in. long and */, in. in diam. Two versions 
are seen: in Fig. 2. The open capillary insures that the pressure 
within the test tube is in equilibrium with the surrounding pres- 
sure while maintaining a small convectionless passage through 
which dust particles cannot pass into the body of the tube in the 
short time that it is exposed to the atmosphere. Fig. 3 shows 
the simple heating equipment used for measuring the boiling point 
of the liquid in these tubes. It was impossible to measure the 
temperature directly because any measuring instrument for such 
use nl re pres- 
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surization. Only a metal thermocouple would withstand these 
pressures but this would be unsatisfactory because, even after 
vigorous cleaning, cavities form on metallic surfaces at very low 
liquid tensions. The temperature for the first cavities to appear 
is therefore estimated from the heating time. The apparatus is 
shielded from all air currents. Calibrations were run with ther- 
mocouples immersed in standard test tubes filled with unpressur- 
ized water. The rate of heating was determined from room tem- 
perature to boiling temperature. Similar calibrations were made 
with high-boiling-point liquids, thus carrying the temperature 
range up to the limits to be covered by the experiments. The 
equivalent heating times for water were calculated using the 
known specific heats of the calibrating liquids. Temperature 
measurements obtained in this manner are estimated to be accu- 
rate within less than 5 F. This is much smaller than the observed 
scatter between identical tests. 

The pressure-release chamber used in the second type of static 
test is seen in Fig. 4. This is a small rectangular stainless-steel 
chamber having heavy glass windows in two opposite faces. 
The chamber is heated electrically on all of the metallic faces. The 
operating technique was as follows: A pressurized sample in a 
standard test tube was suspended in the center of the chamber. 
A small amount of water was then added and the chamber closed. 
The effective tensile strength of the sample was tested by opening 
the control valve, thus releasing the pressure of the surrounding 
vapor. Observations were made of the chamber pressure at the 
instant at which the first bubble formed in the test tube. It was 
assumed that during this pressure release the temperature of the 
sample remained constant. Since it was in its thermoequilib- 
rium with the heated chamber walls, the effective strength of the 
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Fig. Single and double capillary closed-top test tubes 
Fig. 3 Heating equipment for boiling-point test Fig. 4 Pressure-release chamber 
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liquid was therefore assumed to be the decrease in chamber pres- 
sure from the initial value at the instant of first-bubble formation. 
Two rates of pressure release were used. The fast rate was ap- 
proximately 30 psi per sec. In these tests the observations were 
made with a motion picture camera whose field of view included 
both the sample and the pressure gage. In the slow release, the 
rate of pressure drop varied from 1 to 5 psi per sec. Here the 
camera was not needed since sufficient accuracy could be ob- 
tained by two observers, one watching the sample and the other 
the pressure gage. 

Equipment for Dynamic Test. Fig. 5 shows the glass venturi 
tube used for this test. This tube serves as the water container, 
the nozzle, working section, and diffuser. Its dimensions were 
limited by the size of the pressurizing chamber. These tubes are 
of precision construction. They were made by shrinking the 
glass onto a stainless-stee] mandrel.? The nozzle profile is geo- 
metrically similar to that of the High Speed Water Tunnel in the 
Hydrodynamics Laboratory. This insures ‘“‘monotonic’’ pres- 
sure variations during the acceleration, with the lowest pressure 
occurring in the working section. A uniform velocity distribu- 
tion is also obtained in the test area. 

Fig. 6 shows the tube installed in the test apparatus. With it 
in position, the system becomes a small transient-flow water tun- 
nel in which both the maximum velocity and the minimum pres- 

* The construction of these precision glass tubes was made possible 


through the interest and co-operation of Schutte and Koerting Com- 
pany, and their Chief Engineer, Mr. F. Boehm. 


lass venturi tube 
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sure in the working section can be predetermined by the proper 
choice of the upstream drive pressure and the downstream reser- 
voir pressure. Heating was then commenced with the control 
valve open. After the free water in the chamber had boiled a 
sufficient time to flush out all of the air with steam, the valve was 
closed. Continued heating caused the pressure in the chamber 
to rise at a relatively slow rate because of the large mass of the 
steel walls. During this heating cycle, the temperature of the 
pressurized water in the test tube lagged behind that of the sur- 
rounding stream. After the desired chamber pressure had been 
reached, the heat input was decreased to maintain a constant 
pressure for a sufficient time to insure that the temperature of the 
sample had reached equilibrium with that of the surrounding 
vapor, by the proper choice of the upstream drive pressure and 
the downstream reservoir pressure. 

The test is started by opening a quick-acting valve between the 
air reservoir and the apparatus. The drive pressure builds up 
very rapidly, forces out the closure at the lower end of the venturi 
diffuser, and drives the entire pressurized sample down through 
the working section in the throat. The flow velocity is computed 
from the rate of fall of the meniscus in the constant diameter 
reservoir section, which forms the upper portion of the venturi 
tube. The pressure in the working section is determined from the 
calculated velocity at this point and the drive and reservoir pres- 
sures. Since both of these pressures are measured quantities, two 
independent calculations of working velocity can be made. They 
were found to agree very well. Since the length of runs was nor- 
mally 1 sec or less, observations were made photographically with 
a high-speed motion-picture camera and Edgerton-type flash- 
lamp illumination. The picture-taking rate commonly used was 
2000 frames per sec. This photographic record was used to de- 


Venturi-tube test system 
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termine both the rate of fall of the meniscus in the reservoir sec- 
tion and the time at which the first cavity was observed to form 
in the working section. Time measurements were determined 
very accurately by counting the number of frames on the motion 
pictures since the interval between frames was very precisely 
controlled. 

Cleaning Technique. In tests of this kind if cavities originate 
on the surface of the container, it implies that the adhesive force 
between the liquid and the container surface is lower. than the 
tensile strength of the liquid and that the latter is not being 
measured by the experiment. Therefore considerable time was 
spent in perfecting cleaning techniques which would permit the 
development of adhesive forces greater than the tensile stresses 
applied to the liquid during the tests. The techniques finally 
perfected proved satisfactory in that only an occasional sample 
was found to cavitate first at the glass-water interface. Briefly, 
this technique consisted in thoroughly cleaning the containers in 
hot chromic acid, followed by removal of the acid by copious 
washing with water from the same source as that to be used for 
the test. The significant feature of the technique appears to be 
that from beginning to end of the cleaning and washing process, 
the container surface should never be allowed to come in direct 
contact with the atmosphere. Whenever possible, the entire 
process was carried on below the surface of the liquid. Some test 


tubes were rejected because observation showed that in consec- — 


utive tests cavities always formed at a given spot on the surface, 
thus implying a fused-in impurity which could not be removed by 
the cleaning process. 
Experimental Results 


Boiling-Point Tests. In order to establish a basis of compari- 


son of the effects of pressurization, preliminary measurements 


were made of the boiling point of unpressurized water using the 
closed top test tubes. The results were that first bubbles always. 
appeared within a degree or two of saturation temperature for the 
existing barometric pressure. It was noted that these bubbles — 
usually formed on the surface of the glass tube. Additional tests 
were made to try to eliminate the effect of the glass-water inter-_ 
face. In these tests the tubes were carefully cleaned and pressur-— 
ized. They were then submerged in a bath of unpressurized water. 
A piece of plastic hypodermic tubing was inserted in the capillary 
and the pressurized water was flushed out with unpressurized tap 
water. Boiling-point tests with these refilled tubes gave the same 
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results as that of the first group. The first bubbles appeared 
within a degree or two of the saturation temperature, but they 
were now observed to originate in the body of the liquid. In fact, 
small air bubbles were observed to appear in the body of the 
liquid at even lower temperatures. 

The results of the boiling-point tests of pressurized water are 
shown in Figs. 7, 8, and 9. One general conclusion stands out 
immediately. Even with carefully controlled conditions, there is 
a very wide scatter in the test results. Some of the groups show a 
range of as much as 5 to | in the effective tensions measured 
under apparently identical conditions. Only a few sets of ex- 
periments show less than a 2 to 1 range. Due to the tedious 
nature of the experimental technique, the number of samples in 
each group is relatively small. It is very probable that if all of 
the groups had been very large, the scatter in the results would 
also have been uniformly large. 

Fig. 7 shows the variation in the effective tensile strength of the 
pressurized samples as a function of the level of pressurization. 
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The time of pressurization was 10 min. Two significant conclu- 
sions can be drawn from these data. First, even the low-level 
pressurization of 500 psi produces a significant increase in the 
effective tensile strength of the water and second, pressurization 
above 3000 psi appears to produce no significant additional in- 
crease in effective tensile strength. Fig. 8 shows the effect of 
duration of pressurization on the effective tensile strength of the 
samples. Here the pressurization level was uniformly high, that 
is, near the top of the range covered by Fig.7. Theresults show 
no significant correlation between duration of pressurization and 
the effective tension of the liquid. The shortest period of pres- 
surization actually showed the highest maximum and average 
values, but this is quite surely a chance result due to the small 
number of samples in each group. The minimum duration of 5 
min was controlled only by convenience in operation of the equip- 
ment. A few tests were made at a lower pressure, speeding up 
the entire operation as much as possible. This gave a treatment 
time of approximately 1 min. There appeared to be no decrease 
in the effectiveness of the pressure treatment. There is some in- 
direct evidence that pressurization for only a fraction of a second 
may be effective, although here the intensity of the pressurization 
might become an important factor. 

One question of considerable interest is the permanency of the 
pressurization effect. Fig. 9 presents some rather conclusive 
evidence in this regard. Twelve identical samples were pre- 
pared and pressurized simultaneously. Four were tested im- 
mediately; the others at the intervals shown. The last four, 
tested at 19 days after the original pressurization, show no sig- 
nificant decay in the effect of pressurization. The only pre- 
cautions taken during these 19 days was to keep the samples sealed 
at atmospheric pressure so that there could be no contamination 
by dust particles from the air. 

Pressure Release Tests. Fig. 10 is a plot of all the results ob- 
tained from previously pressurized samples tested in the pres- 
sure-release apparatus. The level of pressurization varied from 
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Fig. 10 Summary of test results from pressure-release chamber 


5000 to 15,000 psi, and the time of pressurization from 15 min to 
several hours. The results of the boiling point tests, as shown in 
Figs. 7 and 8, demonstrated that these differences in the pres- 
surization treatment are not significant. It will be noted that the 
two release rates previously described are designated by differ- 
ent symbols. The numbers adjacent to several of the points in- 
dicate the number of individual tests which gave the same test 
results. Several conclusions may be based on these results: (a) 
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There seem to be no significant differences between the results 
obtained at the different pressure-release rates. This is rather 
surprising since it was assumed that the slow release rate would be 
a more severe test. (b) Although it was hoped that this apparatus 
would yield more consistent test results, it is seen that the scatter 
ratio is at least as large as it was in the boiling-point tests. (c) 
The average effective tension shown by the test seems to increase 
with increase of the initial test-chamber pressure. 

The significance of this last result is more apparent after an ex- 
amination of some auxiliary tests made in the pressure-release 
chamber. Two groups of samples were tested without the pres- 
sure treatment. These groups are quite similar to those used 
in the unpressurized tests in the boiling-point experiments. In 
one group the tubes were cleaned, filled, and tested without pres- 
surization. In the second group the tubes were cleaned, filled, 
and pressurized, and then flushed out with unpressurized tap 
water. In contrast to the results from the parallel groups tested 
by the boiling point method, these two groups showed relatively 
high values of effective tensile strength. The highest result ob- 
tained with the cleaned, unpressurized tubes was 230 psi, whereas 
one of the tubes that had been pressurized and flushed with un- 
pressurized water showed an effective tensile strength of 275 psi. 
Both of these values are higher than the average tension of the 
pressurized samples although, as seen from Fig. 10, many of the 
individual tests of the pressurized samples showed much higher 
values. The average tension found with 19 samples tested in 
clean, unpressurized tubes was 113 psi. This is in striking con- 
trast to the 1 or 2 psi obtained in the boiling point tests. Exam- 
ination showed that these 19 tests could be divided into three 
groups according to the pressure p, in the test chamber at the 
beginning of the pressure release. Three samples have been 
tested at a p, of 120 psi or lower. The average tension measured 
in this group was 22 psi. The 12 samples in the second group 
had a p, of between 200 and 250 psi. The average tension of this 
group was 128 psi. The remaining four tubes had been tested at a 
p, between 300 and 400 psi. Here the average tension was 136 
psi. It is significant that the average tensile strength increased 
with p,. It implies that the pressure-release technique inherently 
includes a low level pressurization at relatively high temperature, 
which increases the effective tensile strength of the liquid. 

These results might have been anticipated from the boiling- 
point tests shown in Fig. 7. It will be noted that the average 
effective tension of the small group pressurized at 500 psi was 
about 60 psi with a maximum of 90 psi. This is good agreement 
for this type of experiment, especially considering that the pres- 
surization for the boiling-point test was carried on at atmospheric 
temperature, whereas the pressurization in the pressure-release 
tests was at saturation temperature. 

These low-level pressure-release tests of untreated samples 
may explain part of the scatter in the boiling-point tests with 
unpressurized samples. The mean effective tension of these un- 
pressurized-boiling-point samples was only about 1 to 1'/: psi. 
However, one sample went as high as 47-psi tension. This value 
is quite consistent with the 22-psi average tension shown by the 
unpressurized samples tested at p, = 120 psi, in the pressure-re- 
lease chamber. The implication from this is that even the pres- 
sure in the city water mains may be sufficient to increase the ten- 
sile strength of the water. 

There is no significant difference between the effective tensions 
shown by pressurized samples tested by the two static methods. 
The maximum tensions measured are very nearly the same, and 
the scatter is of the same order. This would be surprising if the 
tensions measured were actually the property of the liquid. 
This is clearly shown in Fig. 11 [fig. 1(4)]. This is an experi- 
mental curve. At the lower temperatures the experimental 
points were obtained by the centrifugal test method. The water 
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Fig. 11 Variation of limiting negative pressure of water with tem- 
perature (fig. 1 of reference 4) 


used in these tests was purified by very elaborate methods to 
eliminate all extraneous weak points. Most of the samples tested 
by the boiling-point method failed at relatively low temperatures. 
For this temperature range the limiting tension from Briggs’ 
curve is about 1500 psi. In the pressure-release tests the limiting 
p. was 500 lb. The corresponding saturation temperature is ap- 
proximately 240 C, which, from Briggs’ curve, corresponds to a 
limiting effective tension of about 800 psi. No sample tested by 
either method in these experiments approached either of these 
values. This is conclusive evidence that the true tensile strength 
of the water was not being tested. Instead, the ruptures were 
due to the impurity weak spots. 

Dynamic-F low Tests. Two series of tests were made with the 
dynamic-flow apparatus. First, a group of reference runs was 
made with unpressurized water in the glass venturi tubes. The 
second group of tests was with pressurized samples. In the dis- 
cussion of the results it must be remembered that there are sev- 
eral significant differences between these tests and the preceding 
ones. The basic difference is that these tests are dynamic, or 
flow tests, whereas the boiling-point and pressure-release tests are 
static, that is, the liquid is at rest. Another significant difference 
is that in the dynamic-flow tests each element of the liquid is 
tested separately as it goes through the throat, or working sec- 
tion, of the venturi tube, whereas in the two static tests all of the 
liquid elements in the sample are tested simultaneously. The 
size of the sample in the two types of tests is significantly differ- 
ent. The venturi tubes hold over 50 cu in. of liquid, whereas the 
test tubes used in the static tests have a volume of less than 2 cu 
in., thus giving a volume ratio of the two samples of over 25 to 1. 
One more difference needs to be mentioned. In both static tests 
the tension applied to the sample could be increased until it failed 
at the weakest point. In the dynamic test the maximum ten- 
sion had to be predetermined. If too high a value was chosen, the 
sample might fail before equilibrium velocity was reached in the 
working section; if too low a value, the entire sample might flow 
through it without failure. Table 1 lists the results of the refer- 
ence runs made with unpressurized samples. Table 2 shows the 
results obtained with nine runs using pressurized samples. It 
will be noted that in this group the drive pressures are about the 
same. The third and fourth columns of both tables give the pres- 
sure and the velocity in the working section at the appearance of 
the first cavitation bubble. The last column gives the per cent of 
the sample that passed through the working section before cavi- 
tation occurred. The average water temperature for both series of 
tests was 75 F, which corresponds to a vapor pressure of 0.43 
psi. The significance of the last column needs clarification which 
can best be accomplished by examining in more detail the record 
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Table 1 Dynamic tests of unpressurized samples 
Through- 
flow 
at in- 
ception, 
per cent 


Table 2 Dynamic tests of pressurized samples 
Through- 


Throat 
velocity, 
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Cavitation 
pressure, 
psia 

1.33 21 
1.43 25 
1.20 30 
0.99 50 
30 
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40 
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Fig. 12 Variation of absolute pressure in working section during run 
(Test no. 41) 


of a single typical run. Fig. 12 is the pressure history of run No. 
41 and is typical of all the runs in Table 2. It will be noted that 
the flow accelerated during the passage of the first 22 cu in. of the 
sample through the working section. Of this, the first 3 cu in. 
passed through before the working-section pressure had dropped 
to vapor pressure. The remaining 19 cu in. were subjected to 
tensions varying from 0 to about 40 psi. During the passage of 
the next 11 cu in. the working-section tension remained nearly 
constant, decreasing slowly from 41 to about 40 psi. The work- 
ing-section velocity under these conditions was about 94.5 fps. 
The first cavitation bubble appeared when there were still 14 cu 
in. of the sample remaining in the reservoir section. Flow con- 
ditions during the passage of this portion of the sample through 
the working section were indeterminate since, with the beginning 
of cavitation, both the velocity and pressure fluctuated. How- 
ever, the photographic records indicated that the average tension 
during this period was about 25 to 30 psi. After the first cavity 
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Fig. 13 Formation of first bubble during run No. 41 


formed there was undoubtedly a series of relatively high pressure 
surges. In spite of this, only two or three new cavities formed 
in the working section. During the period of maximum velocity 
an element of water passes through the working section in about 
0.0007 sec. During this time it is exposed to the maximum ten- 
sion. The tension decreases rapidly as the flow is decelerated 
in the diffuser so that the total time of exposure to any tension is 
at most a few thousandths of a second. This is in sharp contrast 
to the test procedure of the static tests. There the sample is sub- 
jected to a gradually increasing tension until failure occurs, the 
total time of tension varying from about 5 sec to several minutes. 
The short duration of the tension in the dynamic tests applies to 
the main flow. An element of liquid in the boundary layer would 
be subjected to tension for a much longer time. The photographic 
records of the runs show that in nearly all cases failure occurred 
in the main flow, the velocity of the opening cavity corresponding 
closely to the average velocity determined by the rate of fall of 
the meniscus in the reservoir section. For example, Fig. 13 shows 
the development of the first bubble at the point shown by the 
arrow in Fig. 12. When first observable in the working section, 
its velocity, as determined by the distance traveled between two 
consecutive frames of record, was 94 fps, the average velocity of 
the flow. Records of a few runs showed cavities developing on 
the wall. These were fixed-type cavities which usually disap- 
peared at the end of the first filling cycle. 

This contrast between the results of the static and dynamic 
tests clarifies one characteristic of nuclei found in normal water; 
that is, there do not seem to be any nuclei which can resist ten- 
sion for a short time before failure under the same tension if ap- 
plied over a relatively long period. In other words, the growth 
time from nucleus to finite cavity is of the order of milliseconds or 
less, even for nuclei small enough to resist very appreciable ten- 
sions. 

The glass venturi tubes used in these dynamic tests were very 
strong, and withstood for many runs the shock pressures caused 
by the collapse of the cavities. Fortunately, a good photographic 
record was obtained of one of the rare runs which terminated in a 
tube breakage. This record showed clearly that the time of the 
break coincided with that of the collapse of a large cavity. 

Comparison of Results of Static and Dynamic Tests. The maxi- 
mum tensions observed in the dynamic tests are about one order 
of magnitude lower than those obtained in the static tests. Thus 
it might be concluded that the tensile strength of the liquid under 
flow conditions was much lower than under static conditions. 
Such a conclusion seems premature. Both the static and the 
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dynamic tests measure the strength of the weakest element of the 
liquid in the sample. In the static tests the entire volume of the 
sample is subjected to the maximum tension. In the dynamic 
test only a part of the total volume passes through the working 
section under tension before failure occurs. The dynamic test 
records show that approximately four to six times the volume of 
a static test passes through the working section under the maxi- 
mum tension before the first bubble appears. Thus the results 
of one dynamic test should be compared to the minimum tension 
failure observed in a group of four to six static tests. It was 
common laboratory practice to prepare, pressurize, and test 
static samples in groups of six. Thirteen such groups, all of 
which were pressurized at relatively high levels, were re-evaluated 
on the basis of the minimum tension observed within each group. 
The average of these minimum tensions was 45 psi. The average 
tension of the nine dynamic tests shown in Table 2 is 26 psi. 
This is good agreement considering the inherently wide scatter of 
all of these tests. Thus it must be concluded that these experi- 
ments show no significant effect of flow on the tensile strength of 
water. 

One limitation of these conclusions must be recognized. The 
flow in the working section of the dynamic test apparatus has, in 
all probability, an extremely low turbulence level. The mono- 
tonic design of the nozzle which is required to obviate any possi- 
bility of cavitation upstream from the throat insures smooth ac- 
celeration with no random-pressure disturbances. At the begin- 
ning of the test the liquid is at rest, and the elements that travel 
furthest before they reach the working section move only about 
eight tube diameters. Thus there is little energy available for 
the development of turbulence. It would be desirable to make a 
similar series of tests with a known turbulence level in the working 
section. However, this would add serious complications to the 
test procedure. 


Summary of Results of the Effects of Pressurization and 
Conclusions Regarding the Properties of Natural Waters 


1 The effective tensile strength of water is increased by pres- 
surization. The amount of this increase varies with the level of 
pressurization, but seems to reach an upper limit at about 2000 to 
3000 psi. 

2 Pressures of the order of 300 or 400 psi produce definite 
increases in the effective tensile strength and there is some evi- 
dence that even lower pressures have a measurable effect. The 
most probable reason for the effects of low-level pressurization 
not having been commonly observed is that the solid surfaces in 
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contact with the liquid usually contain a plentiful supply of 
nuclei, so that boiling or cavitation readily takes place as soon as 
vapor pressure is reached, thus masking the fact that within the 
body of the liquid no cavities are initiated. 

3 The duration of the pressurization treatment seems to have 
little effect on the increase in tensile strength. The treatment 
time varied from approximately one minute, the minimum prac- 
tical with the equipment available, to several days. It is quite 
possible that there is a time effect for very “hort treatment times. 

4 The pressurization effect lasts at leas. for weeks if the liquid 
is shielded from contamination with foreign nuclei during the 
period between pressurization and test. 

5 The initial purity of the water does not seem to be a signifi- 
cant factor in the effective tensile strength produced by pres- 
surization. No difference was found between the behavior of 
multiple-distilled water and air-saturated tap water containing 
relatively high concentrations of dissolved and suspended ma- 
terial. 

6 The duration of the applied test tension in the different 
types of experiments varied from a few milliseconds to more than 
one minute. Within this range no correlation could be found 
between the duration of the applied stress and the tensile strength 
of the liquid. 

7 These experiments show that normal liquids rupture or 
cavitate at a much lower tension than the true tensile strength 
of the pure liquid. These ruptures appear to occur at weak spots 
in the liquid caused by the presence of real nuclei which have 
continuing existence and specific physical properties. 

8 The physical concept or “model” of the nucleus which is 
most consistent with. the results of this series of investigations is 
that of Harvey; that is, a nucleus is a pocket of undissolved gas 
in the re-entrant crack in the surface of a solid particle of im- 
purity which is hydrophobic to the liquid. 

9 The effectiveness of nuclei as weak spots may be reduced or 
destroyed by pressurization. Their resistance to pressure varies 
greatly and is probably related both to the sharpness of the bot- 
tom of the re-entrant crack, and to the relative resistance to 
wetting by the surrounding liquid. The concentration of highly 
pressure-resistant nuclei in natural water seems to be relatively 
low. For example, the static test results imply that there is 
about one nucleus to every 2 cu in. of water whose effective ten- 
sile strength is approximately 450 psi and whose resistance to 
pressurization exceeds 15,000 psi, and one nucleus in each 12 cu 
in. whose effective tensile strength is only 15 psi but which has 
an equally high resistance to pressurization. 

10 Weak spots which can initiate cavitation usually occur on 
all solid surfaces in contact with liquids. They can normally be 
removed from glass surfaces by rigorous cleaning methods. This 
implies that the weak spots are caused by hydrophobic contam- 
ination. Experiments by other investigators have shown that 
normal cleaning methods are inadequate to remove weak spots 
from metal surfaces. This is probably due to the presence of 
innumerable cracks or pockets which serve as hosts for free gas 
nuclei 


Engineering Significance of Nuclei 

At this point the average engineer might well ask, ‘“‘What is the 
significance of this information with respect to mechanical en- 
gineering?” This is a difficult question to answer at the present 
state of knowledge. However, it seems probable that the general 
properties of nuclei in liguids will be the basis for the explanation 
of many cases of abnormal performance of liquid-handling equip- 
ment. 

Certainly the results of these experiments raise many practical 
questions. The following are a few examples: 

1 In the operation of steam boilers is there any evidence of 
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low-level pressurization effects which reduce the release rate of 
steam in the body of the liquid? 

2 For the same relative velocities in cavitation areas, are 
low-head turbines more susceptible to cavitation than high-head 
turbines, both as regards its effect on performance and on degree 
of damage? The penstock of a high-head turbine should be an 
effective means of pressurization. This might not change the 
degree of fixed cavitation; thus the effect of the cavitation on the 
performance would remain unaltered. However, due to a de- 
crease in the number of available nuclei, it might lessen the num- 
ber of traveling cavities and thus decrease the relative amount of 
damage (10). 

3 For machines handling cold water at comparable velocities, 
are centrifugal pumps more susceptible to cavitation troubles 
than high-head turbines? Here the viewpoint is the same as in 
the previous question. Natural waters are exposed to a contin- 
uing rain of the dust particles which serve as hosts for gas nuclei. 
The maximum pressurization before entering the impeller eye is 
measured by the submergence of the inlet pipe, which is very 
small compared to that in the penstock of a high-head turbine. 

4 Stepanoff has pointed out that a high-pressure boiler feed 
pump handling hot water is less susceptible to the effects of cavi- 
tation than is the same pump handling cold water under other- 
wise identical conditions. He explains this by the difference in 
the thermodynamic properties of the liquids. However, modern 
boilers operate on a closed cycle with deaerated distilled water, 
which is highly pressurized each time it passes through the boiler. 
Therefore, might not at least a portion of the improved perform- 
ance of the pumps be explained by a scarcity of nuclei? 

5 There is a general impression that in the petroleum indus- 
try there is much less trouble from cavitation in hydraulic equip- 
ment than there is in comparable installations using water. Is 
it not possible that a major reason for the,difference is the higher 
wetting ability of most petroleum derivatives, since this would 
tend to greatly decrease the concentration of effective nuclei? 


There are a host of other questions of this general type that 
could be raised. In many cases detailed consideration will show 
that the properties of nuclei do not play a major role in the 
phenomenon involved. However, it seems clear that, due to 
variations in their properties, the effective tensile strength of 
liquids may vary from nothing to quite high values, and that the 
cavitation performance of equipment operating with such liquids 
will vary accordingly. Hence nuclei, and the related effective 
strength of liquids, form one more facet of the cavitation phe- 
nomenon which must be considered in the design and operation 
of hydraulic equipment. 
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Discussion 


_L. J. Briggs.‘ In the writer’s opinion, cosmic radiation may be 
responsible in part for the low and widely scattered values ob- 
tained in cavitation measurements. Glaser® has shown that, when 
a highly energized cosmic ray passes through a superheated liquid, 


bubbles are formed and the liquid explodes. The probability of 
such an event is proportional to the product of the maximum cross 
section of the exposed liquid and the time of exposure. 

In the writer’s measurements of the maximum negative pres- 
sure developed in superheated water (see Fig. 10 of the paper), 
the maximum exposed area of the liquid was only 0.6 sq em and 
the exposure time 5 sec. The probability that an energetic cosmic 
ray would pass through this area during this time is of the order 
of only 1 part in 1000. But here the area and time of exposure 
were kept near a minimum, and in most setups the probability 
would be much greater. 

The most striking feature of the cavitation of water is the re- 
markable change in cohesive strength which occurs near the 
freezing point. The highest value observed by the writer for the 
limiting negative pressure (cohesive strength) of water was about 
270 atm (4000 psi) at 8 C, Fig. 10. From here it drops steadily but 
precipitously to only 7 or 8 atm at its freezing point. Some other 
liquids which the writer has measured show a slight drop as their 
freezing points are approached, but nothing compared with this 
35-fold change. 


4 Director Emeritus, National Bureau of Standards, Washington, 
D. C. Mem. ASME. 
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The foregoing measurements were made by a centrifugal 
method.* The water was contained in a capillary glass tube, open 
at both ends, the tips being bent back to form a nearly closed Z. 
When the capillary was mounted symmetrically on its spinner 
and filled so that both short legs contained water, the system was 
dynamically stable at any speed. The open ends of the tube 
made it easy to clean and fill. The greatest difficulty the writer 
has experienced is the breaking of the capillary tube when the 
water column, under high stress, suddenly ruptures at its center 
and impacts against the curved ends of the tube. 


K. F. Herzfeld.’ In the problem of cavitation, many contradic- 
tory experimental results appear in the literature and therefore 
reliable experiments are very valuable. The necessity for the 
presence of ‘‘nuclei’’ as weak spots is now generally recognized, 
but there is no agreement as to their nature. The experimental 
methods fall into three goups: Pressure release, start of boiling, 
use of ultrasonic waves. The increase in tensile strength of the 
liquid due to previous pressurizing found by the author occurs 
also in ultrasonic tests, but much lower pressures (15-100 psi) are 
effective there.* The interesting comparison of tensile strength 
in flow tests and static tests—comparing application times of 
milliseconds and of minutes without apparent effect on strength— 
agrees with the ultrasonic experience according to which cavita- 
tion pressure is independent” of frequency up to 10 ke. 

E. G. Richardson® has also discussed the persistence of the 
nuclei. 

One of the most valuable results of the paper, at least for the 
writer, is the estimate of the number of nuclei. 

Some recent experiments of Liebermann! on the nature of 
nuclei should be mentioned. 


Author’s Closure’? 


In connection with Dr. Briggs’ discussion, it is interesting to 
note that in discussing the effect of pressurization of water in a 
recent report,'* Professor Knapp considered the effect of cosmic 
His conclusion in this regard is as follows: 

“No correlation was found between the average tensile strength 
at failure and the duration of the tension even though this 
duration varied over several orders of magnitude between the 
different tests. This result implies that cavity formation in 
liquids under tension cannot be explained by nucleation result- 
ing from cosmic rays or other high energy radiation received by 
the liquid while under tension.” 


6 Journal of Applied Physics, vol. 21, 1950, p. 721. 

7 Department of Physics, The Catholic University of America, 
Washington, D. C. 

*M. Strassberg, Catholic University Dissertation, 1956. 

*K. S. Iyengar and E. G. Richardson, ‘“‘The Role of Cavitation 
Nuclei, Department of Science and Independent Research, East Kil- 
bride, Glasgow, Fluids Report No. 57. 

1 R. Esche, Akustische Beihefte, 1952, p. 208. 

uL. Liebermann, “Air Bubbles in Water,” Journal of Applied 
Physics, vol. 28, 1957, p. 205. 

12 Written by Dr. Vito A. Vanoni, Professor of Hydraulics, Cali- 
fornia Institute of Technology, due to the sudden death of Professor 
Knapp on November 7, 1957. 

13 “Investigation of the Mechanics of Cavitation and Cavitation 
Damage,” Final Report, ONR Contract Nonr-220(08), dated June, 
1957. Conclusion 6, p. 35. 


The effects of fluid cavitation and cavitation bubble collapse on 
a guiding surface have been investigated using two water tun- 
nels, a magnetostrictive-transducer apparatus, a piezoelectric 
transducer apparatus, and a rotating-disk apparatus. Studies of 
the mechanism of damage to a surface and its relationship to 
change in fluid pressure and stream velocity were made. These 
studies and examination of numerous ships in service showed 
that although fluid cavitation may occur adjacent to underwater 
appendages of vessels at normal operating speeds, the areas in 
which cavity collapse is the primary cause of damage are re- 
stricted to propellers. Damage to ships’ struts, rudders, and 
other appendages is shown to be primarily corrosive in nature, 
aggravated by mechanical scouring action. 
Introduction 

Tue damage of certain hydraulic machinery and ships’ propel- 
lers as a result of cavitation erosion, as well as the phenomenon of 
cavitation itself, have been reviewed comprehensively by the 
Admiralty Corrosion Committee [1]* in England and by Eisen- 
berg [2] in the United States. 

It has been the practice of the Department of the Navy to apply 
elastomeric coatings to struts, sonar domes, sea chests, rudders, 
and other appendages in order to diminish damage to them from 
cavitation erosion as well as corrosion. The Bureau of Ships had 
authorized the Material Laboratory at the New York Naval Ship- 
yard to develop testing techniques for determining the cavita- 
tion-erosion resistance of elastomeric coatings. Coatings, in- 
tended primarily for protection of underwater appendages against 
corrosion damage, could then also be evaluated to determine 


their resistance against cavitation erosion. as 


), 

A literature survey indicated that there were two major hy- 
potheses regarding the basic mechanism of damage. One view- 
point, supported by references [3-13], was that the mechanism is 
primarily mechanical in nature, a material undergoing plastic 
deformation under the impact of cavity collapse, depending on its 
hardness and yield properties, resulting in eventual mechanical 
fatigue and erosion. The belief that the mechanism is primarily 
electrochemical in nature, damage being caused by galvanic corro- 
sion as a result of nonuniform stresses in the metal, oxygen- 
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Erosion Damage 
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concentration cells, or ion-concentration cells was supported by 
references [14-17]. 

The evidence presented shows a preponderance of damage by 
one mechanism or the other depending on the specific conditions 
of exposure. These conditions include the corrosive nature of the 
liquid, electrical potentials existing on the material, the resistance 
of the material to corrosion, the physical properties of the ma- 
terial, and so forth. It is likely that both mechanisms influence 
the damage of a material simultaneously, the degree of influence of 
each mechanism depending on the individual conditions of ex- 
posure, such as specimen material, fluid characteristics, tempera- 
ture, and fluid velocity. This viewpoint is shared by Eisenberg 
[2] and other investigators. The present investigations were 
made without adopting either viewpoint to the exclusion of the 
other. 


Examination of Naval Vessels 


Seventeen combatant vessels, two of which operated in 
the Great Lakes, the balance largely operated in the Atlantic, 
were examined for operational damage to underwater structures. 

The members examined included propeller shafts, strut barrels, 
struts, rudders, rudder skegs, and propellers. Damage ratings 
were assigned to the members based on the degree of removal of 
protective coatings and the condition of the bared metal, Table 1. 
Vessels operating in fresh water showed practically no erosion dam- 
age to the underwater structures. Zincs attached to these struc- 
tures were intact and required no replacement after years of serv- 
ice. Fig. 1 shows typical damage to the rudders and skegs of ships 
operating in the Atlantic. The rudders of the DD 853 were made 
of special-treatment steel, STS, and exhibited a lower degree of 
damage, and of a more uniform nature, than the other rudders 
constructed of mild steel. Fig. 2 shows typical damage to struts 
and barrels of vessels operating in the Atlantic. Removal of the 
coatings occurred at many random locations on the struts; the 
bared areas were relatively large and irregular in shape. 

Coatings on propeller shafts were damaged or removed the 
least, those on strut barrels the most. Erosion occurred in all 
bared-metal areas, the skegs showing a greater degree of metallic 
damage in such areas than other structures. No other relation- 
ship between operating conditions and resistance of coatings to 
removal could be determined. Fig. 3 shows typical examples of 
erosion of propeller blades. Such damage occurred only in small 
areas of the entire propeller-blade surface and only on individual 
propellers. The eroded surfaces of the propellers had a granular 
appearance whereas those of the rudders, skegs, barrels, and struts 
had a scored, striated, and pitted appearance. Erosion had oc- 
curred simultaneously on both pressure and suction faces on only 
one propeller. The majority of propellers of ships operating in 
salt water, as well as all operating in fresh water, did not show 
any erosion damage. 

The following conclusions may be made on the basis of the struc- 
tural examinations: 

1 Cavitation-erosion damage occurred only in particular areas 
on propellers of a minority of vessels, and in only one case on both 
pressure and suction faces of the blades. 

2 Corrosion damage of rudders, struts, barrels, and shafting 
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Fig.3 Service damage to the pressure face of the propeller of a high- 
Fig. 2 Service damage on struts of a high-speed naval vessel speed naval vessel 
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Table 1 Damage ratings of ship’s underwater appendages 


Rating of removal of coatings--——-~ Average —Rating of degree of corrosion of bared metal*—~ Average 

Vessel Shafts Struts Rudders Barrels Skegs Rating Shafts Struts Rudders Barrels Skegs rating 
DD 853 P 2 3.6 6 4 6 5.0 
DDR 807 : 5 4 4.6 6 6 j 5 
DDR 830 j 6 
DDE 859 3 
DDE 860 5 8 
DDE 858 j 9 
DD 865 
DD 850 
DE 447 
DD 821 
DD 844 
CVS 32 
DE 532 
CVA 39 
DE 538 
PCE 880° 1 
PCE 894? 

Total 28 62 

Average 1.8 3.8 


* Rating 10 = maximum, 0 = minimum damage. 
® Operated in fresh water. 
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occurred where the metal had been exposed to the corrosive 
medium as a result of failure of the protective coatings, which 
occurred generally in random locations. 

3 The intensity of corrosion damage appeared to be greater 
in small areas of coating failures than in large bared-metal 
areas. 

4 The use of special treatment steel, STS, as rudder plating or 
as strut cladding resulted in a uniform, lower degree of corrosion 
of the structure when bared than did bare mild-steel structural 
materials. 

5 Service of a vessel in a corrosive environment resulted in 
considerably greater corrosion damage to bare appendages than 
service in fresh-water regions, as shown both by greater degree of 
structural damage, and by larger zinc-anode consumption. The 
zinc anodes on vessels operating in fresh water were virtually un- 
corroded after about 18 to 20 months’ exposure. 

6 Coatings on the strut barrels showed the greatest suscepti- 
bility to removal in service. 

7 Skegs showed a greater degree of corrosion damage upon 
removal of the coatings than the other appendages. 


Cavitation-Erosion Studies 


Assuming that damage to underwater structures may be due 
primarily to cavitation-impact erosion, various types of equip- 
ment designed to produce this type of damage were investigated 
in the third phase of the project. These included: (a) A water 
tunnel designed by the Bureau of Reclamation [18]; (6) a hyper- 
sonic transducer apparatus; (c) a magnetostrictive apparatus; (d) 
a water tunnel designed by the David W. Taylor Model Basin [19 
and 20]; (e) a rotating-disk apparatus [21] built in the Material 
Laboratory on the basis of a Bureau of Reclamation design and 
work done by Rasmussen [4]. 


Bureau of Reclamation Water Tunnel 


This apparatus provides for the high-velocity recirculation of 
water past a cylindrical-conical specimen inserted in a 5*/,-in-ID 
pipe section. The specimen measures 5 in. OD by 13'/, in. long 
and is attached to the rear of a hemispherical 5-in-diam nose. A 
cavitation field develops at the trailing conical surface, collapsing 
near this surface, about midway downstream. It was designed 
and built by the Bureau of Reclamation, Denver Federal Center, 
Denver, Colo., and is installed and operated in the laboratories of 
that agency. 

The water velocity in the throat section during the present 
tests was 70 fps, providing for a flow of 1380 gpm, tae upstream 


pressure head being 62.4 psi and the downstream pressure head — 


being 16.9 psi. 

A number of steel specimens, some coated and some uncoated, © 
were tested in the apparatus, Table 2. 

Conclusions. Failure of coatings in adhesion at the leading 
cylindrical edges and the conical surfaces of the specimens [22] in- 
dicated the importance of good adhesive strength of the coating 
to prevent removal under the hydrodynamic flow stresses not 
associated with cavitation erosion. Although cavitation-erosion 
damage was obtained on Thiokol-coated specimens, Fig. 4, no 
noticeable cavitation-erosion damage of the conical surfaces of 
the uncoated steel specimens was obtained with this apparatus. 
The difference in test time for the coated and uncoated specimens 
may account for the difference in degree of damage, although the 
test time of the uncoated specimens was believed to be ample for 
a laboratory evaluation technique. The apparatus required a 
long test period to achieve erosion damage of the Thiokol-coated 
specimens. Also it required an excessive amount of floor space 
and power for a laboratory type of apparatus. Therefore the 
Bureau of Reclamation apparatus was not believed to be practical 
for normal laboratory use. meer» 


Table 2. Results of test of Bureau of Reclamation water tunnel 
specimens 

Speci- Test 
time, 


Specimen 
men Metal pre- Coating, 
no. treatment thickness hr Results 
1...Sandblasted Flame-spraved 10.5 Coating loose, tore 
Thiokol, 0.035 at up-stream 
in. edge of cylinder 
Flame-sprayed 11.3 Coating removed 
Thiokol, 0.035 at cone apex, 
in. itted at cone 


none 


Slight erosion at 


conical-eylindri- 
..Sandblasted Formula 84-14 


cal junction 
4 


Slight erosion at 
conical-cylindri- 
Formula 84-14 
AC (vinyl) 


_ eal junction 
Separation of 
Nitrile N351, 
0.035 in.* 


. .Sandblasted 


. .Sandblasted 


. .Sandblasted 


coating at cone 
base, pitting of 
coating at cone 
apex, separation 
at apex 

Removal of coat- 
ing near apex 

Removal of coat- 
ing on cone sur- 
face and at cone 
base 

Removal of coat- 
ing on cone sur- 
face and at cone 
base 

Coating loosened 
at leading cylin- 
drical edge of 
specimen, caus- 
ing downstream 
pressure drop 

Coating loosened 
at leading cylin- 
drical edge of 
specimen, caus- 
ing downstream 
pressure dro 

Coating pitted at 
cone apex, coat- 
ing removed 
at cone-cylinder 
junction 

Coating pitted at 
cone apex, coat- 
ing removed at 
cone-cylinder 
junction 

Severe adhesion © 
failure of coat- 
ing on cylindri- 
cal surface from 
leading edge 


3... .Sandblasted 
7...Sandblasted 


..Sandblasted Nitrile N351, 


0.035 in.* 


. Sandblasted Neoprene 


< 
N100-1, N200-1, 
0.035 in. 


.. .Sandblasted 


Neoprene 
N100-1, N200-1, 
0.035 


..Sandblasted Flame-sprayed 205 


Thiokol, 0.035 
in. 


..Sandblasted Flame-sprayed 


Thiokol, 0.035 
in. 


* Supplied by Naugatuck Chemical Division, U. S. Rubber Com- 
pany (butadiene-acrylonitrile). 
+ Supplied by Gates Engineering Company. 


Hypersonic Transducer Apparatus 


This apparatus provides for the high-frequency vibration of a 
piezoelectric ceramic transducer bowl composing part of a fluid 
container. The high-frequency oscillation of the transducer de- 
velops a cavitation field at the focal point in the coupling fluid. 
A specimen is exposed at the focal point of the bowl in order to 
determine the extent of damage to the specimen in the cavitating 
field. The apparatus consisted of the following major assemblies: 
(a) Hypersonic generator (Brush Development Company Model 
BU204, serial 51B038, input 115 volt, 6.5 amp, 660 watt, 60 cycle, 
single phase; output 250 watt, 100-1000kc; tuning unit type B, _ 


_~ 
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Fig.6 Coated specimen and water-cooled specimen holder 


serial 51B038, frequency range 300-1000 ke); (b) bowl-shaped 
piezoelectric transducer (Brush Development Company Model 
BU301; transducers of 400 ke, 700 ke, and 1000 ke were available; 
construction details are shown in Fig. 5); (c) pump (Brush De- 
velopment Company Model BU901); (d) thermocouple poten- 
tiometer; (e) water-cooled specimen holder. 

A specimen holder and specimen shown in Fig. 6 replaced the 
test tube shown in the previous illustration. The */s-in-diam X 
1/,-in-thick specimen is similar to that used in the magnetostric- 
tive vibratory apparatus described by Rheingans [23], and others 
[24-28]. The coupling fluid in the bowl remains essentially sta- 
tionary despite pressure fluctuations in it. As a result, no sig- 
nificant fluid flow parallel to the metallic surface takes place, such 
as occurs in the service exposure of a ship’s underwater structure. 

Tests were made at resonance frequencies of 400 or 700 ke at 
atmospheric pressure and 5 psig using distilled and degassed 
(boiled) water as the coupling medium. The specimens included 
bare steel, aluminum, and brass, and eight coatings applied to steel 
specimens to a thickness of 0.025 in. 

The bare aluminum and steel specimens were exposed hori- 
zontally, and also vertically, and at 15 deg from the vertical using 
a modified holder. The coated specimens were exposed in a hori- 
zontal position only. The temperature of the coupling medium 
varied from 104 to 140 F. The results of exposure of the bare 
and coated specimens are summarized in Tables 3 and 4. 


Table 3 Results of tests of uncoated specimens using hyper- 
sonic transducer 
Time of 
Specimen Fluid pressure exposure, Frequency, 

material in test bowl hr ke Damage 
Aluminum 0 psig 1/, 400 Slight 
etching 

Aluminum 0 psig 1/, 700 None 
Mild steel 5 psig '/, 400 Slight 
etching 

Brass 0 psig 6-8 400 None 


=e 


Table 4 Results of tests on coated specimens using hypersonic 
transducer operated at 400 kc and atmospheric pressure 


Time of 
exposure, 

Coating on steel specimen hr Damage 
Flame-sprayed Thiokol None 
Air-sprayed and cured Thiokol Slight blistering 

T74F1 
Nitrile liquid, coating 351 None 
Nitrile liquid, coating 356 ° None 
Neoprene liquid, heat cured Slight blistering 
Vinyl coating V-68-A Blistering, plastic ow 
Vinyl coating V-68-B /s Plastic flow 
a and cured Thiokol Slight blistering 

= 
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Conclusions. Although the hypersonic-transducer apparatus 
was able to cause slight etching of aluminum and steel specimens, 
erosion damage of the steel, brass, and coated-steel specimens was 
not obtained. Undesirable heating effects were shown by 
plastic flow and blistering of the coatings. In view of these 
factors and also the negligible fluid velocity relative to the 
specimen, the evaluation of cavitation-erosion resistance of base 
materials and coatings with this apparatus was not considered to 
be feasible. Plesset and Ellis [9] in similar investigations had 
used a ring-shaped piezoelectric transducer to induce cavitation 
damage in specimens located on the axis of the ring some distance 
from it, at 18 and 24ke. The essential property of a material that 
determines its resistance to cavitation damage was found to be 
the fatigue resistance (resistance to plastic deformation or cold 
work) of the solid. Negligible flow of the water and no pumping 
action due to motion of the transducer were observed. Damage 
was determined photomicrographically and by means of x-ray 
analysis, and showed chemical effects to be at most of secondary 
significance in influencing cavitation-erosion damage. 


ST WELO 


This apparatus provides for the high-frequency vibration of a Fig. 7 Volume loss characteristics of magnetostrictive specimens 
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Fig. 8 Aluminum and bronze magnetostrictive specimens 
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specimen attached to a nickel tube which is caused to oscillate 
vertically in an oscillating magnetic field, as described by refer- 
ences [23-28]. The specimen is mounted on the lower end of the 
tube and is immersed in distilled water to a depth of !/; in. during 
atest. The high frequency oscillation of the tube and specimen, 
similar to the oscillation of the piezoelectric transducer described 
previously, develops a cavitating field directly below the speci- 
men, the collapse of the cavitating bubbles causing severe impact 
stresses on the specimen surface. 

The apparatus used was located at the Hydraulics Laboratory 
of the Allis-Chalmers Manufacturing Company, Milwaukee, 
Wis. The nickel tube was 12 in. long X */; in. OD. The fre- 
quency of oscillation of the tube was 6500 cps, and the amplitude 
of oscillation of the specimen was 0.0034 in. The beaker-water 
temperature was maintained at 76 F + 1 F. The specimens 


were made of STS, mild steel, manganese bronze, manganese- 


Fig. 10 Taylor 


i 
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nickel bronze, nickel-aluminum bronze, nylon FM 10001, and 
aluminum 1100-0. 

Several of the special treatment steel (STS) and mild-steel 
specimens were welded in the surface area to determine the 
relative resistance of the weld to cavitation-impact damage. 

Specimens were tested for a 2-hr period, weight measure- 
ments of the specimen being taken after each 30 minutes. Volume- 
loss characteristics of the various specimens are shown in Fig. 7. 
These values were calculated from measured-weight values and 
the specific gravities of the materials. The appearance of the cavi- 
tated surfaces of several of the specimens is shown, Figs. 8 and 9, 

Conclusions. These tests showed the suitability of the appa- 
ratus for use in evaluating the relative resistance of materials to 
cavitation-erosion damage, as previously indicated by Rheingans 
23], Kerr [26], and Schumb, Peters, and Milligan [27]. The re- 
sistance of the materials to cavitation erosion is not related 
directly to hardness; nylon, having the lowest hardness, showed 
very good resistance to cayitation erosion, following STS weld 
metal and nickel-aluminum bronze. 

The velocity of the fluid relative to the specimen in the appara- 
tus is small, similar to the fluid conditions existing in the piezo- 
electric-transducer apparatus described previously. Rasmussen 
[4], Knapp [6, 7], Beeching [13], and deHaller [29] have indicated 
that the rate of the cavitation erosion of a guiding surface in a 
cavitating fluid is dependent on the relative fluid velocity. 

Since the relative erosion rates of different materials may vary 
with cavity-collapse intensity, the applicability of the magneto- 
strictive apparatus in evaluating the resistance of materials to be 
used under specific service conditions of velocity and pressure 
would depend on the velocity-erosion rate characteristics of dif- 
ferent materials and the velocity range of operation of the mag- 
netostrictive apparatus. 
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Taylor Model Basin Small Size Water Tunnel 


This apparatus, Fig. 10, was designed and constructed by the 
David Taylor Model Basin (DTMB), Carderock, Md. It pro- 
vides for flow of a fluid through a specimen chamber containing 
a stationary specimen, in a closed recirculating system. The 
apparatus permits control of water pressure up to 15 psig by 
means of air applied to the fluid system in the 94-gal stilling tank. 

The fluid-flow rates in the specimen chamber were determined 
with a mercury manometer, (, attached to taps in the bell-mouth 
entrance nozzle, H. Internally, the specimen chamber A, Fig. 10, 
measured 0.9 in. wide by 1.75 in. high in cross section by 9 in. 
The pump, F, was a distiller circulating pump manu- 
It was 


long. 
factured by the Aldrich Pump Company, Allentown, Pa. 
rated at 100 gpm, 110 volt de, 25 psi head, 3500 rpm, 2.28 hp. 
Cavitation Tests of Bar Specimens. Cavitation tests were made 
using bar-shaped specimens usually '/2 in. high by 0.9 in. wide by 
5*/, in. long, mounted in the chamber as shown in Fig. 11, the 
quarter-rounded end being upstream. This resulted in a throat 
1.25 in. X 0.9 in. cross section at the specimen. Cavitation oc- 
curred in the throat adjacent to the specimen downstream from 


72 HRS AT 47. FPS 


Fig. 11 Bar-shaped specimen mounted in specimen chamber of 
water tunnel 


the rounded nose as shown. Air pressure in the stilling tank was 
adjusted to cause cavitational collapse in a 1l-in. region down- 
stream from the specimen nose, the downstream end of the cavity 
moving upstream (shortening) with increase in pressure and 
downstream (lengthening) with decrease in pressure. The time 
of each run was 72 hr with a few exceptions. The water tempera- 
ture increased with time during each test from approximately 60 


4% SALT 


MILD STEEL, 72 HRS AT 47 FPS, TAP WATER, COUPERED 


Fig. 12 Typical bar-shaped specimens after test 
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F initially to 120 F after 72 hr. As the length of the cavitating 
region tended to increase with increase in temperature (increase 
in vapor pressure) of the fluid, it was necesary to increase the 
fluid pressure during a run at a given flow rate to maintain a 
constant-cavitating-region length. 

The specimens included mild-steel, STS, cartridge-brass, com- 
mercial-brass, and glass-reinforced-epoxy materials as listed in 
Table 5. The effects of the following factors on the nature and 
degree of damage of the specimens were studied: (a) Specimen 
material; (b) fluid type and velocity; (c) coating of specimen; (d) 
presence or absence of fluid cavitation; (e) time of specimen ex- 
posure; and (f) uncoupling of specimens from the brass walls of 
the chamber. 

The degree and nature of damage to representative specimens 
after removal of corrosion products obscuring the base material 
are shown in Fig. 12. 

Brass specimens are not illustrated; in the tests they showed 
over-all tarnishing in fresh water and dezincification in 4 per cent 
salt water. Suppression of cavitation decreased only slightly the 
damage of steel and brass specimens. Uncoupling of steel speci- 
mens from the brass chamber wall did not materially affect the 
nature or decrease the extent of corrosion. The corrosion sus- 
tained by the bare steel specimens in salt water closely resembled 
the damage observed on similar material of struts, barrels, skegs, 
and rudders of ships operating in salt water. Coating of the 
specimen prevented damage of the mild steel substrate com- 
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pletely. The damage sustained by the brass and steel speci- 
mens in salt water was not similar in appearance to the local- 
ized erosion damage sustained by propellers as shown in Fig. 
3. 

The DTMB water-tunnel apparatus is appar- 
ently unsuited for use in evaluating the cavitation-erosion re- 
sistance of metallic or plastic materials or protective coatings at 
fluid velocities up to approximately 50 to 60 fps. Damage to the 
test specimens was primarily dependent on the corrosion-resist- 
ance characteristics of the particular materials, galvanie corro- 
sion, and velocity, corrosive nature, and erosion (scrubbing) 
effects of the cavitating fluid. The cavitating region of the fluid 
in the water tunnel served only to accelerate the corrosion damage 
of those specimens basically susceptible to such damage. 


Conclusions. 


Rotating-Disk Apparatus 


The last apparatus used in this investigation, shown in Fig.13, 
provides for the rotation of a 12-in-diam disk within a water-filled 
chamber under controlled conditions of pressure and disk ve- 
locity. By the use of stilling vanes on each side of the disk this 
apparatus minimizes the tendency of the water within the cham- 
ber to rotate with the disk. 

A cross-sectional view through the disk test chamber, showing 
the clearances between a !/s-in-thick disk and the rear and for- 
ward stilling vanes, is given in Fig. 14. Disks 12 in. in diam and 
either !/s or '/2 in. thick were used. The central position of the 


WATER INLET VALVE 
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Fig. 13 Rotating-disk apparatus with test chamber opened 
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REAR STILLING 
VANE SECTION 


FORWARD STILLING 
VANE SECTION 


TEST DISK 


Fig. 14 Clearances between test disk and stilling vanes of rotating- 
disk apparatus 


disk between the stilling vanes is achieved by placing spacer 
rings between the disk and the shaft shoulder behind it. The disk 
rotated counterclockwise looking toward the motor in Fig. 13. 
The water pressure in the chamber was regulated by opening the 
inlet valve fully and adjusting the outlet valve. Either tap water 
from building supply or salt water from the DTMB stilling tank 
was used as desired. Tap water was used in open flow, being 
dumped to the drain after leaving the chamber; salt water was 
recirculated through the stilling tank without cooling. A similar 
rotating-disk apparatus had been used by Rasmussen [4] in 
evaluating cavitation erosion on the surface of a disk downstream 
from holes drilled near the periphery of the disk. 

Preliminary Tests. A series of preliminary tests using the ap- 
paratus and mild-steel disks was made in order to establish 
standard disk designs necessary to obtain reproducible cavitation- 
erosion damage and apparatus operating conditions. These 
studies involved: (a) Efficiency of wedges ('/32 to '/s in. high) in 
the disk surfaces, Fig. 15, as surface irregularities to cause cavita- 
tion in the fluid; different disk thicknesses to 1/2: in.); (e) 


Table 5 DTMB water tunnel specimen test conditions 


Water 
velocity 

Water Test at 

Coupled pressure, duration, specimen, 
Water to wall psig h f : 

Fresh 
4% NaCl 
4% NaCl 


Material 
Mild steel 
Mild steel 
Mild steel 
(neoprene 
coated) 
Mild steel 
Mild steel 


4% NaCl 
4% NaCl 
fluid 
cavitation) 
Fresh 
4% NaCl 
4% NaCl 
Fresh 


Fresh 
4% NaCl 
4% NaCl 


STS 
Cartridge 


| 
te 


Commercial 
brass 

Commercial 
brass 


fluid 

cavitation) 
10 90 52 
11.6 72 60 


Fresh 
Fresh 


Epoxy 
Epoxy 
efficiency of holes in the disk as surface irregularities causing 
cavitation in the fluid ('/, to 5/s in. diam located at radial posi- 
tions of 2.15 in. to 5.36 in.); (d) water pressure, 5 to 15 psig; and 
(e) disk speed, 1600 to 3200 rpm. 

As a result of these studies a disk having a thickness of '/s in., a 
diameter of 12 in., and having */s-in-diam holes located as shown 
in Fig. 16 was adopted as the standard test specimen. Standard 
test conditions were established as follows: 


Disk velocity: 3200 rpm (The cavity region decreases in size 

with decrease in relative fluid-disk velocity.) 

15 psig (The cavity region decreases in size 
with increase in pressure.) 


Water pressure: 


The fresh tap-water temperature was not controlled, entering the 
chamber at approximately 60 F and leaving the chamber (to 


aa Fig. 16 Typical rotating-disk specimen after test 
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drain) at 110 to 120 F. The water flow rate was 2.8 gpm. Under 
these conditions the cavitation region at the 5.36 in. radial loc 
tion was approximately 1 in. long as observed through recent 
installed viewing ports, Fig. 17, with the aid of a General Rad 
Strobatac. 

Disks of a number of different materials listed in Table 6 i 
cluding mild steel, commercial brass, Thiokol-coated mild steel 
polyviny! chloride, stainless steel, polyester-glass laminate, epox 
glass laminate, styrene-acrylonitrile, aluminum 1100-0, STS, 
nylon (Zytel 101), Teflon sheeting on mild steel, and three bronzes 
were tested. The test-duration time was varied from 0.1 hr to 90 
hr because of differences in resistance of the individual materials 
to cavitation-erosion damage. Tests were made in fresh wat 
except for one mild steel disk, V, which was tested in 4 per ce 
salt water. 

The nature of the damage sustained by the disks is shown 
Figs. 18-21. The damaged areas shown in these enlarged vie. 
were located downstream from one of the holes of the respecti 
disks, and occurred at a linear velocity of 150 fps. The damag 
areas of the metallic disks are seen to be granular in appearan 
resembling the erosion observed on some propellers as shown in 
Fig. 3. Seouring associated with corrosion was absent. The 
aluminum 1100-0 disk showed numerous small surface depres- 
sions at the outer margins of the damaged area, and raising of the 
metal above the surface at the inner margins of the damaged area, 
indicative of severe impinging forces. 

The loss of disk material downstream from the #/,-in-diam 
holes as a result of exposure in the rotating-disk apparatus was 
measured after the exposure period. The method was a gravi- 
metric one in which a filler material was troweled into an eroded 
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Fig. 17 Viewing ports of rotating-disk chamber 


cavity from a weighing bottle until just level with the surface of 
the disk. The weight of filler material applied, directly related 
to the eroded volume, was then determined by difference in weight 
of the bottle and contents. Several filler materials including water 


(containing surfactants), glycerine, petrolatum, silicone grease 


Damage to mild steel, stainless steel, aluminum 1 
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Disk material 
Mild steel, SAE 1016 


Commercial _ brass, 


hard 
Mild steel, Thiokol- 
coated 
Polyvinyl 
(PVC) 
Stainless steel, AISI 
type 304 
Polyester-glass lami- 
nate, 181 style 
glass cloth 
Epoxy-glass 
nate, GE 
lite 11546, 
112 cloth 
Epoxy-glass 
nate, GE 
lite 11546, 
112 cloth 
Epoxy-glass _lami- 
nate, GE Texto- 
lite 11546 style 
112 cloth 
Styrene - acryloni- 
trile, Boltron 63 
Styrene - acryloni- 
trile, Boltron 63 
Aluminum 1100-0 


chloride 


lami- 
Texto- 
style 
lami- 


Texto- 
style 


Ny 


Material supplier 
Navy stock 
Navy stock 
Navy stock 
Navy stock 
Navy stock 


Lunn Laminates, Inc. 


General Electric Co. 


General Electric Co. 


General Electric Co. 


Bolta Corp. 


Bolta Corp. 


Navy stock 


COMMERCIAL BRASS, 72 


Table 6 Description of rotating-disk specimens 


Test 
duration, 
hr 


Navy stock 
Navy stock 
Navy stock 


Aluminum 1100-0 
Mild steel, SAE 1016 
Special - treatment 
steel (STS) (Spec 
MIL-S-890) 
Nylon (Zytel 101) 
Teflon sheet (0.030 
in. thick) on mild 
steel 
Teflon sheet (0.060 
in. thick) on mild 
steel 
AH, AI Mn Bronze 
AJ, AK Mn-Ni Bronze 
AG Ni-Al Bronze 


* Disk velocity 1600 rpm. 

>’ Maximum hole centerline radius 3.6 in. 
centerline radii. No cavitation erosion. 

¢ Salt water (4 per cent NaCl), recirculated. Temperature range 
60 F initial, 160 F final. 

4 Test discontinued because of warp of disk. No cavitation erosion. 


du Pont 
Garlock Packing 


Garlock Packing 


Bethlehem Steel 7 
Bethlehem Steel 7 
Bethlehem Steel 7 


No holes at 4.5, 5.4 "a 


DC7, and putty compound (specific gravity 2.14) were evaluated 
before the latter material was adopted for use in this operation. 
After determining the eroded volume as described, the filler 
material was removed from the cavity with a probe. The disk 
was then brushed with methyl isobutyl ketone or warm soapy 
water to clean the damaged area in those instances where the 
disk material might be attacked by the solvent. 

Volume erosion characteristics of several disk materials are 
shown in Figs. 22-24. The degree of erosion increases with in- 


3 
72 
code 
E 4.94 
P 72 5 
7 J 24 
5 
K, 
1 
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at 
Fig. 19 Damage to stainless steel, STS, commercial brass, and nylon 


AL Bronze 


Fig. 20 Damage to Mn, Mn-Ni, and Ni-Al bronzes 
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EFFECT OF TIME OF EXPOSURE 
ON ERODED VOLUME OF VARIOUS 
MATERIALS AT 100 FPS 
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Fig. 22 Volume erosion characteristics at 100 fps 
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Fig. 24 Volume erosion characteristics at 150 fps 


crease in velocity, and is dependent on the nature of the material, 
although the corrosion (chemical) resistance is considerably less 
significant than the physical (dynamic fatigue) characteristics. 
The degree of erosion increases with exposure time at a given 


velocity while the threshold velocity (velocity below which 
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Fig. 23 Volume erosion characteristics at 125 fps 


measurable erosion is not obtained) decreases with increase in 
exposure time. These factors are also dependent on the material 
used. 

The damage sustained by a mild-steel disk in salt. water after 3 
hr exposure at 150 fps is shown in Fig. 25. The metal in the entire 
cavitation region after the exposure period was bare of corrosion 
products. Corrosion products in areas of the disk outside the 
cavitation regions were largely undisturbed. Corrosion pitting 
in the direction of rolling of the material occurred largely in area 
B at the boundary of the cavitation region as well as other areas 
in the cavitation region. Cavitation erosion occurred in a small 
area within the cavitation region and to a considerably greater 
degree than the corrosion attack. Measurements of the erosion 
volumes of mild steel at 150 fps, showed a slightly higher rate in 
salt water than in fresh water, probably due to the added effect 
of corrosion attack. At lower velocities there was no apparent 
corrosion influence on cavitation-erosion rates, the rates being 
the same in fresh water and in salt water. 

Conclusions. The erosion characteristics of various materials 
at 125 and 150 fps, Figs. 23 and 24, do not show the same order of 
erosion resistance as that shown in Fig. 7 in tests with the mag- 
netostrictive apparatus. However, at 100 fps and for periods up 
to 40 hr, Fig. 22, the erosion rating of materials is more nearly 
comparable with that found in the magnetostrictive tests. Re- 
finement of the technique of measurement of the erosion vol- 
ume obtained with the rotating-disk apparatus may permit a 
more exacting evaluation of this correlation as the erosion volumes 
are small within this time period. Several alternate techniques 
are presently being studied. 

The lack of correlation at the higher velocities in the rotating- 
disk apparatus may be related to a variation of dynamic-impact 
fatigue, rate of crack growth, and other characteristics of the dif- 
ferent materials. These factors influence the rate of material 
erosion and may vary with rate and intensity of impact stresses 
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Fig.25 Damage of mild-steel disk in 4 per cent salt water at 150 fps 


associated with different rotational velocities and operating con- 
ditions (fluid temperature, pressure, vapor pressure, and so forth). 
As indicated previously it is important in any simulated test to 
attempt to duplicate exact conditions existing in service or to 
know the effect of variation of conditions on performance. Dif- 
ficulties may arise if service conditions are not known precisely 
or if the effect of variation of test conditions from service condi- 
tions on performance are not known fully. 


Summary 


Five types of apparatus have been studied to determine their 
relative merit in evaluating the resistance of coatings and metallic 
and nonmetallic substrates to fluid-cavitation erosion. Two of 
these, a magnetostrictive transducer and a rotating-disk device, 
have been found to be suitable for this purpose although different 
materials do not show the same order of erosion resistance under 
all test conditions used. 

The relationship between fluid velocity and degree of cavitation 
erosion discussed by previous investigators [4, 6, 7, 11, 12, 30] 
has been confirmed by the present studies. This relationship is 
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Fig. 26 Relationship between fluid velocity and corrosion and cavita- 
tion-damage of — surfaces 
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shown qualitatively in Fig. 26 together with the velocity ranges in 
which different investigations were made. Cavitational-impact 
damage to specimens evaluated in the Bureau of Reclamation 
water tunnel was achieved to a minor degree on the conical sur- 
face of coated specimens at stream velocities of 70 fps (42 knots). 
Cavitation-erosion damage was also obtained in the rotating-disk 
apparatus using disks of various materials operating at approxi- 
mate velocities of 80 fps (48 knots) and at 15 psig. Finally, com- 
varable cavitation-erosion damage was not obtained in the DTMB 
water tunnel on a variety of materials at velocities up to 60 fps 
(36 knots) either in fresh water or in salt water. On the other 
hand, considerable corrosion damage of mild-steel and STS speci- 
mens was obtained in the DTMB tunnel using salt water at veloci- 
ties of 48 fps (28 knots). 

As the minimum velocities associated with cavitation erosion 
indicated above exceed the present service velocities of naval 
vessels it is probable that damage to underwater structures, Figs. 
1 and 2, was not caused by cavitation erosion but rather by corro- 
sion of the bared metal accelerated by the turbulence occurring in 
a cavitating region. Fig. 26 summarizes generally this conclusion 
and the substantiating experimental sources, showing the velocity 
regions within which corrosion (accelerated by cavitation turbu- 
lence) or cavitation-impact fatigue is a primary cause of damage. 

The use of suitable protective coatings is effective in preventing 
corrosion damage to a metal in a corrosive environment. De- 
ficiencies of these materials in service have been due largely to low 
adhesive strength of the coating to the substrate, resulting in 
failures under high hydraulic stresses. Improvement in adhesive 
strength and other physical properties of coatings by better ap- 
plication procedures, metal preparation, and improved coating 
materials (body coats and adhesives) would effectively improve 
their serviceability. 

Although it has been shown that damage to the underwater 
appendages and structures of naval vessels is primarily due to 
corrosive action, damage to other ships’ components such as 
propellers, high speed pump impellers, and turbine components is 
due largely to cavitation-impact fatigue and erosion. The mag- 
netostrictive and rotating-disk apparatus are useful in evaluating 
structural materials such as metals, plastics, spray weld coatings, 
or elastomeric protective coatings for such service. These types 
of apparatus will also be suitable for evaluating materials used in 
construction of ships’ underwater structures such as struts and 
rudders when ship speeds are increased to those at which cavita- 
tion-impact damage will become significant. 
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L. M. Mosher.’ The authors are to be commended for their 
contribution to a subject about which there is a noticeable lack of 
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published Silicate, The reported comparison of the several 
test methods available for the study of cavitation-erosion damage 
should be of interest and value to anyone concerned with this 
particular corrosion mechanism. 

The writer, over the years, has had the opportunity of in- 
specting a sizable number of ship propellers after service on varied 
types of merchant vessels. His findings with respect to the in- 
cidence and extent of cavitation-erosion damage on propellers are 
in good agreement with those reported by the authors. On not 
over 20 per cent of the propellers inspected has any evidence of 
cavitation-erosion damage been observed and in the majority of 
these cases the damage occurred over relatively small areas at 
random locations on only one or two blades usually immediately 
downstream from mechanically damaged (slightly bent) blade 
edges. On only infrequent occasions has cavitation-erosion 
damage associated with propeller design been observed; this ap- 
peared as localized areas of damage at identical locations on all 
blades. 

The authors’ observations as recorded in their Tables 2(a) 
through 2(g) indicate that they consider corrosion damage of 
stern-area appendages other than propellers to be a corrosion 
mechanism associated with or aggravated by velocity and turbu- 
lence effects rather than cavitation-erosion. The writer agrees 
with this with one possible exception. On a number of occasions, 
localized attack of spongy or honey-combed appearance typical 
of cavitation-erosion damage, has been observed on ship struc- 
tures immediately aft of the propeller tips. Depending on the 
vessel construction, this attack appears at one or both of 
the following locations: (a) In way of the lower leading edge of the 
rudder, and (6) in way of the upper leading edge of the rudder 
or alternatively on the rudder horn. This attack appears to be 
associated with propeller-tip cavitation. Frequently, this damage 
shows an orientation with respect to the rotation of the propeller. 
For example, with a right-hand propeller, the localized attack 
favors both the lower port side of the leading edge of the rudder 
and the upper starboard side of the leading edge of the rudder or 
rudder horn. Attention is called to the fact that relatively severe 
damage of this type is unusual, although these particular areas 
consistently show some degree of corrosion damage varying from 
minor pits to fairly widespread general corrosion attack. 


W. J. Rheingans.* The author has presented some interesting 
data on the effect of velocity on cavitation damage. The paper 
states that the Bureau of Reclamation water tunnel would not 
produce pitting within a reasonable time at velocities up to 70 
fps, and that no pitting was obtained on specimens in the Taylor 
Model Basin water-tunnel apparatus at fluid velocities up to 
50-60 fps even though cavitation zones were definitely present 
in both cases. This indicates that there is a lower limit of velocity 
or a threshold below which various materials will not be damaged 
in the presence of cavitation zones. 

The tests with the rotating-disk apparatus were especially in- 
teresting. They showed that there is a threshold velocity below 
which various materials had no measurable losses, and that the 
limiting velocity varied with different materials. This is a con- 
firmation of the findings by Knapp as reported in his papers (6, 7]. 
However, according to the authors’ tests, aluminum, which was 
equivalent to the type used by Knapp, had a threshold velocity of 
80 fps while Knapp indicated that the minimum velocity was 
about 45 fps. This difference is probably due to the method of 
measuring the pitting damage. Knapp observed the appearance 
of indentations in the specimen with a microscope after a few 
seconds of exposure and counted the number of such pits pro- 
duced per second of exposure. The authors, on the other hand, 


Manager, Hydraulic Department, Allis-Chalmers turing 
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determined pitting damage by measuring the volume of material 
removed. Thus they missed the inception of microscopic damage 
to the material at the lower velocities. 

This would account for the findings of the authors that the 
longer the test period for a given material the lower the threshold 
velocity. 

Another indication that the authors did not determine the true 
threshold velocities for the various materials is the shape of their 
loss curves plotted against velocity. These curves, Figs. 21 and 
22 in the preprint, do not approach zero loss asymptotically but 
at a fairly steep angle, which would seem to demonstrate th 
microscopic damage occurs at a lower velocity. On the oth 
hand, the curves plotted by Knapp of microscopic damage (pi 
per second per square inch) show an asymptotic approach to 
zero number of pits. 

If the authors’ curves are continued asymptotically below zero 
loss, then the velocity at which the curve for aluminum becomes 
tangent is about the same as the velocity where Knapp’s curve 
for the same material becomes tangent. 

This has to be taken into account in determining the threshold 
velocities for various materials which are subject to cavitation 
damage, not for a few hours as tested by the authors but for a 
number of years. 

It is felt that the pit indentations observed by Knapp at the 
low velocities eventually would turn into removal of material if 
subjected at this velocity to the cavitation zone for a sufficient 
period of time. Also, if the materials tested by the authors were 
subjected to cavitation in the rotating-disk apparatus for a period, 
say, of a year instead of a number of hours, the threshold veloci- 
ties would be lowered considerably and the velocity at which 
damage would be apparent on the aluminum specimen would 
approach the threshold velocity shown by Knapp for this material. 

It would be very instructive if the authors in a continuation of 
their research work could make microscopic examination of some 
of the materials to determine at which minimum velocity micro- 
scopic damage occurs. 

This is a factor in determining the velocity for a given materi 
below which no cavitation damage occurs in a cavitation zone 
regardless of the length of time it is exposed. 

Another important aspect of the loss curves shown by tl 
authors is that the loss varies approximately as the 7th power 
the velocity. This confirms findings by Knapp [7] and by Ke 
and Rosenberg.® 

The tests by the authors as reported in their paper have given 
us valuable data on the effect of velocity on cavitation damage. 


J. C. Schuster.” Because of the comparative nature of the text 
of this paper, additional value may be gained from an experiment 
performed in the Bureau of Reclamation laboratories approxi- 
mately 1 year after the water-tunnel tests. This experiment pro- 
vided information on cavitation-erosion of metal where oil flows 
under high pressure through control valves of hydraulic machin- 
ery. 

The tests were made with a 7800-cycle magnetostriction oscil- 
lator on two brass specimens from the same stock. These speci- 
mens had an exposed face of §/; in. diam. The first specimen was 
tested in water at 70 F to be compared with the second speci- 
men tested in an SAE 10-viscosity oil at a temperature of 105 F. 
Although cooling equipment was added to the oil bath, the tem- 
perature could not be maintained at the 70-F temperature of the 
water bath because of the increased power required to drive the 
specimen. 

*S. L. Kerr and K. Rosenberg, ‘‘An Index of Cavitation Erosion 


by Means of Radioisotopes,”’ published 1n this issue, pp. 1308-1314. 
1 United States Bureau of Reclamation, Denver, Colo. Mem. 


Fig. 27 Specimen 3-hr test in water. X6.8 


Fig. 28 Specimen after 9-hr test in oil. 6.8 

In a 3-hr test period, the loss of weight of the specimen in oil 
was approximately 0.5 per cent of the loss of weight for the com- 
panion specimen in water. The specimen in oil was tested for a 
total time of 9 hr and the results indicated a loss of weight at the 
rate of approximately 0.155 milligram per hr. This compared to 
a loss of weight at the rate of approximately 30 milligrams per hr 
for the second and third hours of a 3-hr test of the specimen in 
water. During the first hour of the water test, only 8.7 milligrams 
of weight were lost. 

Photomicrographs of the eroded surface showed the character- 


istic pattern of the magnetostriction oscillator, Figs. 27 and 28. 
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The erosion was considerably more pronounced on the specimen 
tested in water. 

It was concluded from these tests that cavitation-erosion was 
not a major problem in controlling the flow of oil at high pres- 
sures near a temperature of 100 F. Nevertheless, some weight 
loss occurred which was attributed to cavitation-erosion. 

Differences in rate of loss are due primarily to the higher vapor 
pressure of the oil, but the oil was also a less corrosive and better 
dielectric liquid than the tap water. 

As the authors point out in their conclusions, cavitation-erosion 
damage occurred only in particular areas on propellers of a minority 
of the vessels. This damage occurred on 5 out of 17 of the in- 
spected ships. It would be of interest to know what was the rela- 
tive submergence of the propellers of the five ships that suffered 
damage to that for the remaining 12 vessels; how many hours of 
operation did each incur at near maximum speed; and were there 
any notable differences in the propeller design between the 5 
affected and 12 unaffected ships? 

Contained in the summary is a comparison of fluid velocity and 
the inception of cavitation damage. In two cited apparatuses 
(rotating disks), cavitation damage occurred to some degree at a 
velocity of 81 fps (48 knots). In the third apparatus (Bureau of 
Reclamation, water tunnel) cavitation damage occurred at 70 fps 
(42 knots). In the fourth and fifth apparatus (Knapp, water 
tunnel and DT MB, water tunnel), a comparable erosion was not 
obtained at 60 fps (36 knots). 

Fixed specimens were used in the third, fourth, and fifth test 
facilities, but both specimen and water, to some extent, moved in 
the two rotating-disk facilities. Since damage was obtained in 
one apparatus at 70 fps and not at 60 fps, it would be interesting 
to know if the threshold velocity for cavitation damage might be 
more closely related to a velocity of 70 fps in the rotating-disk 
apparatus. 

This may have been done by measurement of the velocity dis- 
tribution at the radius of the specimen between the disk and still- 
ing vanes. If this measurement is available, it would be of interest 
to know what average velocity was affecting the cavities and the 
region in which they collapsed. 


Authors’ Closure 


Mr. Mosher discusses attack which he has observed in the way 
of the lower and upper leading edges of the rudder and on the 
rudder horn, and which he believes to be associated with propeller 
tip cavitation. Although the authors have no data regarding 
this type of damage, they are in agreement with Mr. Mosher 
that this damage is probably cavitation erosion caused by travel- 
ing cavities generated at the propeller and collapsing at the indi- 
cated localized areas on the rudder and horn. 

The authors have been concerned with further studies in the 
area of lower velocities and increased times of exposure with a 
view toward determining with greater refinement the threshold 
velocities below which material may show no measurable damage. 
Mr. Rheingans’ comments along these lines are coincident with 
the author’s views that future tests using the rotating disk or 
other cavitation erosion equipment should include studies in the 
regions of lower (threshold) velocities. It is believed that these 
studies, especially if they include the use of sea water, will shed 
much additional light on the resistance of materials to cavitation 
erosion in service. 

Microscopic examination referred to by Mr. Rheingans, to- 
gether with x-ray diffraction techniques for the evaluation of cold 
working of the test specimens in the eroded areas, are under 


consideration by the authors as additional tools in our future 
studies. 

Schuster’s comment regarding the velocity distribution between 
the disk and the stilling vanes and the desirability of evaluating 
this distribution is of great interest and is under our active con- 
sideration and study. Technical difficulties in evaluating this 
profile have so far prevented its accomplishment. 

Regarding field observations that the authors have made, 
Schuster was interested in details of service of the propellers ex- 
amined. Unfortunately such details are not readily available and 
cannot be determined with accuracy 


Fig. 29 Neoprene coating, Type II, after test for 72 hours at 150 
fps 


In respect to the general problem of propeller damage, the 
authors have recently obtained information using a rubber 
coated disk in an attempt to develop coatings for possible use on 
propellers. The disk was tested using the rotating disk apparatus 


shown in Fig. 13. The coating was a neoprene GN formulation 
complying with Military Specification MIL-S-15058E, Type II, 
and was press-cured for 2 hours at 258 F to one side of a '/g-in. 
thick mild-steel disk. The coating thickness was 0.082 in. The 
adhesive strengtn of this coating was 66.3 ppi (avg) and 70.7 ppi 
(max) when tested as described in Federal Standard 601, Method 
8031. This coating after 72 hours of test showed no erosion at 
150 fps as indicated in Fig. 29, whereas the mild steel surface 
showed erosion of the order indicated in Fig. 24. It is likely that 
the resilient nature of the coating was effective in absorbing the 
dynamic impact stresses of cavitation collapse at this velocity, and 
the high adhesive strength prevented stripping of the coating 
under the high shear stresses. Although the work conducted on 
this promising rubber coating is only of a preliminary nature 
at this time, all indications point to the possibility that such 
coatings on propeller surfaces and on other surfaces subjected to 
cavitation erosion may provide good protection against damage. 
In the case of compound surfaces such as propellers, the actual 
curing of coatings of this type on the surfaces impose considera- 
ble technical difficulties which must be overcome. — 
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